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Preface

The first edition of this book was intended to provide an integrated scien-
tific foundation for understanding of the grinding process, which can be
practically utilized for enhancing and optimizing grinding operations. After
18 years in print, the first edition is still selling and is widely referenced,
but many of the newer developments in grinding led us to think that the
time had come for a new edition. This second edition builds upon the first
edition with greatly expanded coverage of the thermal aspects of grinding,
creep-feed grinding, grinding with superabrasives, fluid flow, process sim-
ulation, optimization, and intelligent control of grinding machines. 

This book is written both for the researcher and the practicing engi-
neer. As with the first edition, it is expected that the second edition will be
used as a textbook or supplement for advanced courses on machining and
grinding, for industrial short courses, and as a source of fundamental and
practical information about the grinding process and its utilization. 

Preparation of the second edition of this book was undertaken by the
authors as part of their collaborative relationship which began at the
University of Massachusetts in 1989. During this time, we have had the good
fortune to work with many outstanding graduate students and to benefit
from interactions with and support from many colleagues and friends in
academia and industry who are too numerous to mention individually. 

We dedicate this book to our wives, Maccabit and Ling, who encour-
aged us to undertake this project and cheerfully endured our excessive
indulgence in grinding and abrasive processes. 

Stephen Malkin
Amherst, Massachusetts

Changsheng Guo
South Windsor, Connecticut
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Preface to the First Edition

Manufacturing is becoming recognized today as an important commercial
activity. Competitiveness in manufacturing, utilizing the most advanced
technology, is essential in order to avert serious economic chaos in most
industrialized countries. It is evident that the standard of living in countries
which have been slow to address this reality is suffering. Aside from min-
ing, agriculture, and foreign tourism, the wealth of industrialized countries
is generated mostly by manufacturing.

Numerous initiatives are being undertaken to develop and implement
advanced manufacturing technologies. In the United States, considerable
resources are being harnessed to promote manufacturing research through
such bodies as the National Science Foundation, the Department of Defense,
and the newly created National Center for Manufacturing Sciences. An
important thrust for this effort is to foster a more scientific or analytical
approach to manufacturing. The ‘rules of thumb’ upon which we relied in
the past and continue to depend must progressively give way to analytical
engineering methodologies.

The present book is intended to provide a basic analytical approach
to grinding as a machining process. Grinding research during the past four
decades has established a scientific foundation, thereby providing a ration-
al understanding which can be practically utilized. It seems appropriate at
this time to present a comprehensive unified treatment of this subject. As
an engineering monograph, this book is written both for the researcher and
for the practicing engineer. Graduates of four-year mechanical and produc-
tion engineering curricula should be able to grasp the technical content.
Individual chapters would be suitable reference material in a senior- or
graduate-level course in materials processing or machining.

My interest in manufacturing and grinding processes dates from
about 25 years ago at the time of my graduate studies. My continued fasci-
nation and involvement in grinding research have been nurtured by the
challenge of integrating a broad range of diverse technical areas including
plasticity, materials, mechanics, tribology, heat transfer, control, and opti-
mization. In this endeavor it has been my good fortune to have been asso-
ciated with many talented teachers, colleagues, and students in universities
where I have studied and taught. My practical experience has been enriched
by many engineers I have worked with in the course of technical consult-
ing for machine-tool builders, manufacturers of abrasive products, and
users of grinding processes.
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I am pleased to acknowledge the support of the publisher, Mr. Ellis
Horwood. For assistance with figure preparation and typing, I am grateful
to Ms P. Stephan, Ms B. Craker and Ms T. Mitchell at the University of
Massachusetts, and Ms M. Schreier and Ms T. Kalmar at the Technion-
lsrael Institute of Technology.

This book is dedicated to the memory of my father who encouraged
me to undertake this project but did not live to see its completion. The book
would never have been completed without the support of my wife,
Maccabit, and my children.

Stephen Malkin
Amherst, Massachusetts

December, 1988
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Introduction

1.1 THE GRINDING PROCESS

Grinding is the common collective name for machining processes
which utilize hard abrasive particles as the cutting medium. The grinding
process of shaping materials is probably the oldest in existence, dating from
the time prehistoric man found that he could sharpen his tools by rubbing
them against gritty rocks. Without the capability to shape and sharpen
implements by grinding, we might still be living in the Stone Age.

Nowadays, grinding is a major manufacturing process which accounts
for about 20–25% of the total expenditures on machining operations in
industrialized countries. Society, as we know it, would be quite impossible
without grinding. Almost everything that we use has either been machined
by grinding at some stage of its production, or has been processed by
machines which owe their precision to abrasive operations. How could we
sharpen cutting tools for turning, milling, and drilling without grinding?
How could we manufacture the rolling bearings for machinery and vehicles?
How could we produce disk-drive components for computers?

Within the spectrum of machining processes, the uniqueness of grind-
ing is found in its cutting tool. Grinding wheels and tools are generally com-
posed of two materials – tiny abrasive particles called grains or grits, which
do the cutting, and a softer bonding agent to hold the countless abrasive
grains together in a solid mass. Prehistoric man’s abrasive tool was natural
sandstone, which contains grains of sand in a silicate bond matrix. Modern
grinding wheels are fabricated by cementing together abrasive grains, usual-
ly from man-made materials, with a suitable bonding material. Each abrasive
grain is a potential microscopic cutting tool. The grinding process uses thou-
sands of abrasive cutting points simultaneously and millions continually.

Grinding is traditionally regarded as a final machining process in the
production of components requiring smooth surfaces and fine tolerances.
There is no process which can compete with grinding for most precision

1
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machining operations, but the process is far from being confined to this
type of work. More abrasive is actually consumed by heavy-duty grinding
operations, where the objective is to remove material as quickly and effi-
ciently as possible with little concern for surface quality. Grinding is as
essential for delicate precision slicing of silicon wafers for microelectronic
circuits using paper-thin abrasive disks or saws only 20 �m thick, as it is
for the heavy-duty conditioning and cleaning of billets and blooms in
foundries and steel mills at removal rates of around 1600 cm3 per minute
with 220 kW machines.

There are numerous types of grinding operations which vary according
to the shape of the wheel and the kinematic motions of the workpiece and
wheelhead. Some of the more common ones for machining flat and cylindri-
cal surfaces are illustrated in Figure 1-1. More complex machines are used to
generate other shapes. Any of these processes may be applied to fine finish-
ing, to large-scale stock removal, or to a host of tasks between these extremes.

Another area where grinding is virtually unchallenged is for machin-
ing of materials which, because of their extreme hardness or brittleness,

2 Chapter 1

Figure 1-1 Illustration of some common grinding operations for machining flat and 
cylindrical surfaces [1].
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cannot be efficiently shaped by other methods. In the production of hard-
ened steel components, such as cutting tools and rolling bearing rings,
grinding can be performed on either the annealed or the hardened steel,
often with comparable ease, whereas other machining methods are usually
restricted to the annealed material. The machining of non-metallic brittle
materials, including ceramics, cemented carbides and glasses, is almost
exclusively dependent on abrasive processes.

But despite its industrial importance, the grinding process is often
held in low esteem. Finish grinding is usually found to be more costly than
other machining processes, per unit volume of material removal, and so its
use tends to be looked upon as a necessary evil. But as stock allowances for
material removal have continued to decrease, owing to the development of
methods for more precise casting and forging closer to the final configura-
tion (near net shape processing), grinding has become more economical as
a single process for machining directly to the final dimensions without the
need for prior turning or milling.

Of all the machining processes in common use, grinding is undoubt-
edly the least understood and most neglected in practice. This unfortunate
situation appears to have its origin in the mistaken belief that the process is
too complicated to understand. Because of the multiplicity of cutting points
and their irregular geometry, the high cutting speeds, and the small depths
of cut which vary from grain to grain, any attempt to analyze the mecha-
nisms of grinding might appear to be a hopeless task. Perhaps the spark
stream bursting forth from the grinding wheel adds to the mystery.

The grinding process has been the subject of extensive research,
especially during the past 50 years. Because of the large number of cutting
events involved, it has been found that the process can be characterized by
the cutting action of a typical ‘average’ grain, which greatly facilitates
analysis and interpretation of experimental findings. Along with other
machining processes, grinding has been transformed from a ‘practical art’
to an ‘applied science’. The first edition of this book [2] was intended to
bring an awareness and understanding of these developments to practicing
engineers and to researchers in this field. After being in print for 18 years,
we felt that it was time for an updated second edition which would incor-
porate many new developments since the first edition appeared. 

1.2 HISTORICAL DEVELOPMENT OF THE 
GRINDING PROCESS

The history of grinding technology originates with the discovery of
abrasive minerals, and continues with the development of abrasive products
and machine tools to help satisfy man’s perceived needs for manufactured
products to ensure his survival and well-being. Here we present only a brief
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historical survey, for the purpose of placing our subject in perspective.
More detailed information can be found elsewhere [3-8].

The story begins with primitive man, who probably found that he
could sharpen his flint knife by rubbing it against a piece of sandstone. At
a later stage, prior to the invention of pottery, abrasives were used for grind-
ing out stones to make eating utensils. This may be the earliest use of grind-
ing as a machining operation to obtain a desired shape, rather than just for
sharpening. The huge stone blocks used in building the Pyramids of Egypt
were cut to size by sawing with some crude type of grinding machine, and
their surfaces were smoothed with sandstone.

Grinding of metal was begun in ancient Egypt in about 2000 BC,
which corresponds to the beginnings of metallurgy. During this period,
grinding skills became highly valued in the Middle East for sharpening of
tools and making ornaments. According to the Bible (1 Samuel 13:19 and
13:20), one way the Philistines maintained their hegemony over the
Israelites was by prohibiting them from sharpening their own tools.

Quartz, in the form of loose sand, flint, and sandstone, was proba-
bly the only abrasive known to prehistoric man. Other important natural
abrasive materials known since antiquity are emery, garnet, and diamond.
Emery is actually an impure form of corundum, containing aluminum and
iron oxides in roughly equal proportions. The adamant (shamir in
Hebrew) referred to in the Bible for engraving (Jeremiah 17:1) may have
been emery. The value of emery as an abrasive was known to the ancient
Greeks and Romans. Garnet abrasives, encompassing various alumina sil-
icate minerals, were probably also known in ancient times. Diamond min-
ing is believed to have originated in India between 800 and 600 BC, and
this was the principal source of diamonds until the nineteenth century.
One of the earliest recorded uses of diamond powder as an abrasive dates
from fifteenth century Belgium, when it was used for cutting diamonds
and for delicate finishing operations in watchmaking. Natural corundum
abrasives, consisting mostly of crystalline aluminum oxide, became gen-
erally known only in the early nineteenth century. Next to diamond,
corundum is the hardest naturally occurring material, which makes it
especially desirable as an abrasive. The name corundum was originally
applied to the ruby and sapphire gems of India. The natural diamonds and
corundum for abrasives are not sufficiently transparent or perfect to be
used as gemstones.

The grinding wheel originated in ancient Egypt in association with
the beginnings of metallurgy, the first grinding wheels being hewn from
sandstone and deriving their shape and rotary action possibly from the
crude mills used to grind grain. Early grinding wheels were probably man-
ually powered, and hand-operated wheels are still occasionally used for
tool sharpening. Water-driven grinding wheels were in use at the end of the

4 Chapter 1
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Middle Ages, although the water wheel as a source of power was utilized
much earlier by the Romans in the first century BC.

During the Middle Ages and up until the Industrial Revolution, abra-
sives were used for sharpening and polishing of tools, weapons, and armor.
Early concepts for grinding machines appear in the drawings of Leonardo
Da Vinci dating from about the year 1500. Some of his machines were
designed to operate from a central power source, presumably from a water
wheel, but no details were given. The grinding wheels he described con-
tained emery abrasives held on the surface of a wooden hub with tallow. It
took another 300-400 years until some of the grinding machine concepts
envisioned by Leonardo were put into practice.

It was only in the beginning of the nineteenth century that the first
solid-bonded abrasive wheels were known to have been manufactured in
India, for hand grinding gems. The abrasive was emery or corundum,
although diamond may also have been used, and the binder was a gum-resin
shellac. Up until this time, the only bonded abrasive tools were from natural
sandstone, like those of ancient Egypt. Shellac-bonded wheels were com-
mercially introduced in the West only in 1880. In the middle of the nine-
teenth century, oxychloride-bonded wheels were invented in England, and
rubber-bonded wheels in the United States and France. Later in the nineteenth
century came silicate bonds, which attempted to duplicate the properties of
natural-bonded abrasives. But certainly the most important development at
this time was the vitrified bond, which was commercialized in the 1870s by
the Norton Company. Resin-bonded wheels appeared much later in 1923,
following the discovery of phenol-formaldehyde resins (Bakelite). Metal
bonds for diamond grinding wheels were introduced in the early 1940s,
although the idea of a metal grinding wheel may be considered to have
originated with gem polishing in the late seventeenth century in Belgium
using a cast-iron disk charged with diamond-powder abrasive.

Thus we see that the latter half of the nineteenth century marks the
beginning of the commercial grinding wheel industry, with the introduction
of bonded abrasive products of vitrified, rubber, and shellac bonds. The
grinding wheel technology which became available during this period was
an important factor in the development of grinding machines to utilize these
tools. With the inventions of the Industrial Revolution, the demand for
grinding machines and wheels grew. The first ‘modern’ grinding machines
were introduced by the Brown & Sharpe Company in the 1860s for machin-
ing of sewing machine components. Popularization of the bicycle in the
1890s was made possible, in no small part, by the ability to produce hard-
ened precision bearings and gears by grinding.

Near the turn of the century, we find synthetic abrasives, silicon car-
bide and aluminum oxide, beginning to appear. The discovery of silicon car-
bide abrasives is usually credited to E. G. Acheson in 1891, although this
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compound had been synthesized earlier. Silicon carbide is still produced by
essentially the same fusion process used by Acheson. The material was
referred to as carborundum, a name still occasionally used as a synonym for
silicon carbide, and in 1895 the Carborundum Company was formed by
Acheson and his associates to manufacture this abrasive on a large scale.
Shortly thereafter in 1897, synthetic aluminum oxide (corundum) for abra-
sives was produced by C. B. Jacobs from bauxite by fusion in an electric
furnace. The Norton Company obtained the rights to this process in 1901.
Successful commercial production of fused aluminum oxide abrasives fol-
lowed in 1904 with the invention of the Higgins furnace, which is very
similar to the furnaces in use today. Factories to produce silicon carbide and
aluminum oxide abrasives were located at Niagara Falls, owing to the
availability of inexpensive electricity to power the furnaces, and the
Niagara Falls area is still the center of the abrasives industry in North
America.

By the early twentieth century, grinding wheels containing synthetic
aluminum oxide and silicon carbide were being produced with vitrified,
rubber, shellac, and oxychloride bonds. Together with the resin bond devel-
oped later in 1923, this provided a wide range of conventional abrasive tools
of the types which are still in general use. Needless to say, these develop-
ments were mirrored by progress in grinding machines, and the more wide-
spread use of the grinding process. Mass production of automobiles and
other equipment with interchangeable components depended on the grind-
ing process. More recent developments in conventional grinding wheel
technologies have been directed towards providing, improved control of
processing and structure of abrasive materials, the production of better and
more uniform bonds, and the development of new types of aluminum oxide
abrasives.

Development of the superabrasives diamond and cubic boron nitride
(CBN) in the twentieth century merits special attention. Resin-bonded
wheels containing natural diamond abrasive were first produced in 1930,
and vitrified- and metal-bonded wheels followed about ten years later. The
consumption of diamond grinding wheels grew rapidly, principally because
of the need to grind tungsten carbide cutting tools, until, by the early 1940s,
grinding of cemented carbides had become the single most important fac-
tor in the consumption of industrial diamond. Successful synthesis of dia-
mond under extreme pressures was announced by the General Electric
Company in 1955, although artificial diamond was actually made two years
earlier in Sweden. Synthetic diamond abrasives became commercially
available in the late 1950s.

Diamond abrasives, both natural and synthetic, are widely used for
grinding various types of materials including cemented carbides, ceramics,
metals, glasses, and fiber-reinforced composites. But in-spite of their
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extreme hardness, diamonds are not suitable for grinding of most ferrous
metals, owing to graphitization which causes excessive wear. In searching
for an alternative to diamond, cubic boron nitride (CBN) was first success-
fully synthesized at General Electric in 1957 using a high-pressure process
similar to that for diamond, but it became commercially available only in
1969, mainly for use on ferrous metals. CBN is the second hardest materi-
al known, surpassed only by diamond. The past 30 years has seen a rapid
growth in the application of CBN abrasive wheels with vitrified, resinoid,
and electroplated metal bonds especially for grinding of ferrous and nickel-
base alloys. 

1.3 CONTENTS OF THIS BOOK

In spite of the importance of grinding as a machining process, rela-
tively few books have been written on the subject. Much of the fundamen-
tal information about grinding has been available only in journal articles
and conference proceedings. Most previous books on grinding, as well as
chapters on the subject in handbooks, tend to be somewhat descriptive,
with details of grinding, operations, machines, and abrasive tools [7-23].
While providing a valuable source of practical information, they do not
really help us to understand the fundamentals of the process. Notable
exceptions are the book by Coes [8] on abrasive materials and tools, the
book by Andrew et al. [16] on creep-feed grinding, and a research-oriented
monograpah by Shaw[22]. Another book on grinding [23] which appeared as
the present book was nearing completion, deals both with grinding theory
and applications.

A number of books covering machining processes include separate
discussions on what might be considered to be the rudiments of grinding
theory [24-31]. It certainly seems logical to include grinding within the
broader context of machining in this way. But upon closer examination,
grinding seems to occupy an uneasy place within the family of machin-
ing processes. Like other metal-cutting processes, material removal by
grinding involves a shearing process of chip formation. Yet the theories
of chip flow, cutting temperatures, and tool life, which are generally
applicable to other machining operations, such as turning, milling, and
drilling, are not relevant to grinding. Furthermore, the well-known opti-
mization methods for selecting the best speeds and feeds are not applica-
ble to grinding. With this in mind, it seems not so unreasonable that some
monographs on machining make little or no mention at all of grinding
[32-38].

The first edition of the present book [2] was written to satisfy the
need for a comprehensive and unified treatment of grinding theory and its
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practical use. The intention was to present a reasonably self-consistent pic-
ture of this complex process, which reconciled differing points of view and
contradictions commonly found in the literature, in order to provide prac-
ticing engineers and researchers with a logical framework to understand the
process and improve grinding performance. This second edition was moti-
vated by the extensive developments in grinding since the first edition
appeared 18 years ago. 

As with the first edition, the second edition’s subject matter is limited
to grinding as a machining process using bonded abrasive wheels, without
explicitly dealing with such abrasive machining processes as loose abrasive
operations, honing, lapping, polishing, superfinishing, and abrasive jet cut-
ting. The discussion of abrasive-workpiece interactions is, for the most
part, also applicable to these other abrasive processes, but the particular
details of each of these processes would require separate treatment, and our
fundamental understanding of these other processes is much poorer than
that for abrasive processing with grinding wheels. Therefore, much of what
could be added in the present work, by inclusion of these other processes,
would largely be a repetition of descriptive information which is already
available elsewhere.

Topics in this book are arranged in a logical sequence, starting with
a description of abrasives and bonded abrasive products. We then consider
the topography of the grinding wheel and its kinematic interaction with the
workpiece. Abrasive-workpiece interactions are analyzed with an empha-
sis on specific energy (energy per unit volume of material removed), since
any plausible theory of abrasive-workpiece interaction must be able to
account for the magnitude of the specific energy and its dependence on the
process parameters. This is followed by a much expanded coverage of ther-
mal aspects of grinding, in three chapters instead of one, and a new chap-
ter on fluid flow in grinding. Thermal analyses are especially important for
dealing with problems of thermal damage to the workpiece and residual
stresses. This is followed by chapters concerned with surface finish, wheel
wear, and machine deflections and cycles. Thermal damage, residual
stresses, and surface finish are the primary factors in ensuring surface
integrity. Bulk wear of the grinding wheel may lead to loss of form, and
attritious wear of the abrasive is often a critical factor affecting the suitabil-
ity of an abrasive for a particular workpiece material. Machine deflections
have important implications in the design of grinding cycles and for attain-
ing size and shape, as well as for machine stability and the tendency for
vibrations and chatter to occur. A new final chapter deals mainly with the
practical utilization of grinding theory for enhancing and control of grind-
ing performance including process simulation, optimization, and intelli-
gent machine control.
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Grinding Wheels: Composition and Properties

2.1 INTRODUCTION

Grinding wheels and abrasive segments fall under the general category
of ‘bonded abrasive tools’. Such tools consist of hard abrasive grains or grits,
which do the cutting, held in a weaker bonding matrix. Depending on the par-
ticular type of bond, the space between the abrasive particles may only be
partially filled, leaving gaps and porosity, or completely filled with binder.
Aside from abrasive and bond material, fillers and grinding-aid materials
may also be added. The properties and performance of bonded abrasive tools
depend on the type of abrasive grain material, the size of the grit, the bond
material, the properties of abrasive and bond, and the porosity.

Grinding wheels are made from many types of grit in a wide range of
sizes, in conjunction with many bond materials and compositions.
‘Conventional’ wheels in common use contain either aluminum oxide or
silicon carbide abrasive with vitrified or resinoid bonds. ‘Superabrasive’
wheels with diamond and cubic boron nitride (CBN) abrasives are produced
with vitrified, resin, and metal bonds. Whereas conventional abrasive
wheels usually comprise the entire bonded abrasive structure throughout,
the abrasive-composite on superabrasive wheels is limited to a thin rim or
layer on a plastic or metal hub in order to reduce the amount of costly dia-
mond and CBN which is needed. The different types of grinding wheels,
together with the requirements of a wide variety of wheel shapes and sizes
to fit all the diverse grinding machines and jobs to be done, lead to an
almost endless diversity of grinding wheels. A ‘full line’ grinding wheel
company may produce tens of thousands of nominally different products to
satisfy its customers’ requirements.

In this chapter, the composition and properties of grinding wheels
will be generally considered, as a basis for understanding the grinding
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12 Chapter 2 

process and wheel selection. The discussion will encompass wheel compo- 
sition and its specification, abrasive grain materials, bond materials, and 
wheel testing. 

2.2 GRINDING WHEEL SPECIFICATION: 
CONVENTIONAL ABRASIVES 

As a first approach to the subject of wheel composition, it is convenient 
to refer to the standard marking systems for specifying conventional grinding 
wheels. The Wheel Specification defines the following parameters: 

(1) the type of abrasive in the wheel; 
(2) the abrasive grain size; 
(3) the wheel's hardness; 
(4) the wheel's structure; 
(5) the bond type; 
(6) any other maker's identification codes. 

The standard marking system used in North America for conventional 
abrasive wheels containing aluminum oxide and silicon carbide abrasive is 
presented in Figure 2-1 [I]. The same or similar systems are common else- 
where in the world. The symbol A or C indicates whether the abrasive mate- 
rial is Aluminum oxide or silicon Carbide. In fact, there are many types of 
abrasive based on synthetic aluminum oxide plus two common types of 
silicon carbide with different chemical compositions and structural charac- 
teristics which, in turn, affect their physical and mechanical properties (sec- 
tion 2.4). A manufacturer's prefix (in the form of a letter or number) usually 
appears to the left of the abrasive letter to indicate the particular type of 
alumina or silicon carbide used. 

The symbol to the right of the abrasive grain type indicates the abra- 
sive grain size, by a grit number which is related to the mesh number (spec- 
ified as wires per linear inch) of the screen used to sort the grains. A larger 
number indicates a smaller grain size. Sieving (screening) is generally used 
for sizing of conventional abrasive grains coarser than 240 grit size, and a 
sedimentation method is used with finer grits (microgrits) [2, 31. The sieving 
method consists of passing abrasive grains through a stack of standard sieves 
from the coarser aperture sieves first through progressively finer meshes, i.e. 
the mesh number increases down the stack. Nominally, the aperture size 
decreases by a factor of 2 between adjacent sieves in a stack of standard 
sieves. 

A standard grit number is defined in terms of grain sizes correspon- 
ding to five such sieves. For example, grit number 46 involves grains 
caught on sieves number 30,40,45,50 and 60 using a standard sample size 
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Standard marking system chart

Sequence 1 2 3 4 5 6

Perfix Abrasive
Type

Abrasive
(Grain)
Size

Grade Structure Bond
Type

Manufacturer's
Record

51 A 36 L 5 V 23

Coarse Medium Fine
Very
Fine Coarse

1
2

8 30 70 220 3
10 36 80 240 4
12 46 90 280 5 B      Resinoid
14 54 100 320 6 BF    Resinoid Reinforced
16 60 120 400 7 E      Shellac
20 150 500 8 O     Oxychloride
24 180 600 9 R     Rubber

10 RF   Rubber Reinforced
11 S     Silicate
12 V     Vitrified
13
14
15

Open 16

Soft                                              Medium                                     Hard
A  B  C  D  E  F  G  H  I  J  K  L  M  N  O  P  Q  R  S  T  U  V  W  X  Y  Z

MANUFACTURER'S
PRIVATE MARKING

TO IDENTIFY WHEEL
(USE OPTIONAL)

MANUFACTURER'S
SYMBOL

INDICATING EXACT
KIND OF ABRASIVE

(USE OPTIONAL)

ALUMINUM OXIDE - A

SILICON CARBIDE - C

F
igure 2-1

Standard m
arking system

 for alum
inum

 oxide and silicon carbide
w

heels [1].
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and sieve-shaking procedure. The specification requires 0% retention on
the #30 sieve (i.e. no grains larger than 595 �m), not less than 70% pass-
ing the ‘control’ sieve #40 (not more than 30% in the size range 595–420
�m), not less than 40% retention on #45 (size range 420–354 �m), not less
than 65% retention on #45 and #50 combined (not less than 65% in the size
range 420–297 �m), and not more than 3% passing #60 (at least 97% in the
size range 595–250 �m).

Since each nominal grit size includes a range of abrasive particle
sizes, the grit dimension corresponding to a particular grit number might be
characterized by an average value. However, the grit dimension dg is often
quoted in a simpler way either as equal to the aperture opening of the con-
trol sieve, or alternatively according to the relationship.

(2-1)

or equivalently

(2-2)

which approximates the grit dimension dg as 60% of the average spacing
between adjacent wires in a sieve whose mesh number equals the grit number
M. The abrasive grain dimensions corresponding to both of these methods are
plotted in Figure 2-2 as a function of grit number. When based upon the con-
trol sieve opening, the grain dimension can be approximated by

(2-3)

Also included in Figure 2-2 are results obtained for the average grain
dimension obtained by sieving samples of an aluminum oxide abrasive of
different grit numbers with the dimension for the weight percentage
retained on each sieve assigned as the average of that sieve opening and of
the next coarser one [4]. This latter result can be approximated by

(2-4)

Although this equation is strictly applicable only to the particular type of
grit tested, it probably is a more precise indication of the actual grit dimen-
sion than either of the other two relationships. The three relationships in
Figure 2-2 may appear to be rather similar, but their differences can lead to
significant discrepancies in calculations related to grain packing in bulk or
within a grinding wheel.

Although not indicated in Figure 2-1, some wheel manufacturers some-
times add a single digit after the grit number to indicate whether the wheel

dg (mm) = 28M- 1.4

dg (mm) = 28M- 1.1

dg (mm) = 15.2M- 1

dg (inches) = 0.6M- 1
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contains a mixture of grit sizes. The number 1 after the grit number usually
indicates that the wheel contains abrasive grains only of the indicated grit
number, whereas a different number would designate a particular mixture
of grit sizes. Using a wider range of grit sizes facilitates wheel manufacture,
insofar as it makes it easier to pack the abrasive grains more tightly together
in molding the wheel. The blending of two or three adjacent grit sizes is
probably a common practice in wheel manufacture, even though it may not
be explicitly indicated in the wheel specification.

Continuing on with the wheel marking system in Figure 2-1, the let-
ter following the grit number signifies the wheel grade or hardness. The
wheel grade provides a general indication of wheel strength and the degree
to which abrasive grains are tightly held by the binder, as will be seen in
sections 2.7 and 2.8. One method of establishing wheel grade is on the basis
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Figure 2-2 Grain dimension versus grit-number relationships based upon sieve wire
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of porosity, regardless of the relative amounts of the abrasive and binder.
According to one common scale, the hardest grade Z represents 2% poros-
ity, Y 4%, X 6%, and so on [5]. For a given grain content, a harder wheel
would thus have more binder and less porosity. Hardness scales based
upon porosity are not universal, and the actual porosity or effective wheel
hardness for the same letter grade will vary from one manufacturer to
another.

The structure number in the wheel marking (Figure 2-1) indicates the
volumetric concentration of abrasive grain in the wheel, a higher number
indicating less abrasive or a more open wheel. One commonly used struc-
ture scale appears to be based upon the empirical relationship

(2-5)

for volume percentage Vg of grain as a function of structure number S,
which means that each structure number increment corresponds to a reduc-
tion by 2% in the grain content. An upper limit on the grain concentration
(lower limit on structure number) is imposed by packing limitations which
refers back to the grain size and its distribution. Abrasives of a given size
and shape are characterized by a limiting natural packing density which can
be reached by shaking and application of moderate pressures low enough
so as not to cause grain crushing. Higher limiting packing densities are
obtained with coarser and more equiaxed (blocky) shaped grains than with
finer and less symmetrical (weaker) shapes, and the degree of natural pack-
ing (bulk density) may be used as a rather simple but effective measure of
grain shape. Maximum volumetric packing densities generally range from
about 40 to 60%, although somewhat higher values are obtained with
broader size distributions. At the other extreme, a lower volumetric pack-
ing density limit is imposed, at least with vitrified wheels, by the need to
maintain some mutual grain contact so as to minimize shrinkage and dis-
tortion during the vitrification process of wheel manufacture. In order to
simplify the wheel specification and reduce the number of product varia-
tions, some manufacturers do not specify the structure number for wheels
intended for general use.

The bond material is indicated by a letter, which may be followed by
an additional notation to indicate a particular formulation. Most conven-
tional abrasive wheels are made with vitreous- and resinoid-based bonds.
The derivation of ‘V’ for Vitrified bond is obvious. Rubber-based bonds
were once very common and have retained the designation ‘R’, while
Resinoid bonds, first based on Bakelite, the original synthetic thermoset-
ting plastic, have adopted ‘B’. Shellac was formerly referred to as an
Elastic bond, hence the designation ‘E’ for Shellac bonds. Silicate, ‘S’, and
oxychloride, ‘O’, bonds are now almost extinct.

Vs  (%) = 2(32 - S)
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2.3 GRINDING WHEEL SPECIFICATION:
SUPERABRASIVES

Wheels containing superabrasives—diamond or cubic boron nitride
(CBN)–use a somewhat different wheel specification system which is
illustrated in Figure 2-3 [1]. The letter indicating abrasive type for diamond
(D) or cubic boron nitride (B) is usually preceded by a symbol to identify
a particular abrasive material. The bond material—resin, vitrified, or metal—
is also indicated by a letter, often followed by an additional manufacturer’s
notation to identify a particular formulation. Most superabrasive wheels
have either resin or metal bonds, although vitrified bonds are also widely
used for CBN wheels. As the abrasive grain is expensive, only a relatively
shallow section of the active area of the wheel surface actually consists of
bonded abrasive, which is attached to a metal or plastic hub. The depth of
the abrasive section is indicated in the wheel marking (Figure 2-3). Less
expensive metal-bonded wheels containing only a single layer of abrasive
are produced with an electroplated metallic binder to hold the superabrasive
grits on to a form or hub. In this case, the manufacturer usually specifies
only the abrasive type and grit size.

Superabrasive grain sizes may be specified by grit numbers as with
conventional abrasives, but the corresponding standard for checking the size
of diamond grains is somewhat different and utilizes a two-number designa-
tion (see Table 2.1) [6]. The first number in the designation is generally con-
sidered to represent the sieve through which most of the grains would pass,
and this is the number to be used when the grain size is specified by only a
single number. The second number in the designation is considered to rep-
resent the sieve which would retain most of the grain, although this is only
approximately true. The number in the corresponding FEPA (Federation
Européenne des Fabricants de Produits Abrasifs) designation in Table 2.1,
which is used by many European superabrasive wheel suppliers, indicates
the approximate grain dimension dg in microns. This dimension and the sec-
ond number in the grit-size designation can be shown to very nearly follow
Eq. (2-2) in the size range from 40/50 down to 325/400. Superabrasive grits
finer than 325/400 (powders) are checked by other methods [7].

The letter grade in the wheel marking (Figure 2-3) provides a relative
indication of the strength or hardness of the bond, as with conventional
abrasives. However, resin- and metal-bonded wheels are produced with vir-
tually no porosity, and the effective grade is obtained by changing the bond
formulation (Section 2.6). With resin-bonded wheels, for example, this
could involve the addition of fillers in place of porosity.

Following the grade (Figure 2-3) is the concentration number, which
indicates the amount of abrasive contained in the wheel, although this is
sometimes given as the related volume percentage in some systems. The
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Sequence

MANUFACTURER’S
SYMBOL

INDICATING EXACT
KIND OF ABRASIVE

(USE OPTIONAL)

DIAMOND - D

Coarse Midium Fine
Very
Fine

Manufacturer’s
designation.

May be number
or symbol

Manufacturer’s
Identification

Symbol
(Use Optional)

Manufacturer’s Notation
of Special Bond Type or

Modification

Hardness
A B C D E F G H I J K L M N O P Q R S T U V W X Y Z

Working Depth of
Abrasive Section

in Inches of Millimeters.
Inches Illustrated.

Letter “L” To Be
Used to Designate

Layered Type Products

B Resinoid
V Vitrified
M Metal

280
320
400
500
600

8
10
12
14
16
20
24

30
36
46
54
60
70
80

90
100
120
150
180
220
240

CUBIC BORON
NITRIDE - C

Perfix

M D 120 N 100 B 77 1/8

DIAMOND AND CUBIC BORON NITRIDE MARKING SYSTEM CHART

1 2 3 4 5 6 7 8

Abrasive
Type

Abrasive
(Grain)

Size
Grade Concen-

tration
Bond
Type

Bond
Modification

Abrasive
Depth

Manufacturer’s
Record

F
igure 2-3

Standard m
arking system

 for diam
ond and cubic boron nitride grinding

w
heels and other bonded abrasives [1].
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concentration number is based upon a proportional scale with a value of
100 corresponding to an abrasive content of 4.4 carats/cm3. This scale was
originally developed for diamond wheels for which the concentration num-
ber divided by four equals the volumetric percentage of grit (e.g. 100 con-
centration is 25% by volume). The corresponding volumetric concentration
for CBN is nearly the same (24%), as the density of CBN is very nearly
equal to that of diamond. Typical concentrations for metal- and resin-bonded
superabrasive wheels range from 50 to 150 (12.5 to 37.5 volume % for dia-
mond). As with conventional abrasive wheels vitrified superabrasive wheels
would require higher concentrations, thereby making such CBN wheels more
costly. Less expensive vitrified CBN wheels are produced which contain a
mixture of CBN and aluminum oxide abrasives.

2.4 CONVENTIONAL ABRASIVE MATERIALS

Abrasive grains, the cutting tools of the grinding process, are natural-
ly occurring or synthetic materials which are generally much harder than
the materials which they cut. Natural abrasives include aluminum oxide

Grinding Wheels: Composition and Properties 19

Table 2.1 - Grit-size designation for diamond and cubic boron nitride [6]

USA grit size FEPA designation

16/18 D1181

18/20 D1001

20/30 D852

30/40 D602

40/50 D427

50/60 D301

60/80 D252

80/100 D181

100/120 D151

120/140 D126

140/170 D107

170/200 D91

200/230 D76

230/270 D64

270/325 D54

325/400 D46

W
W

W
.C

NCKAV.C
OM



(natural corundum and emery), garnet, and diamond. Technological
advances in the abrasives industry have been mainly in the development of
synthetic (man-made) abrasives, as discussed in Chapter 1. Some physical
properties of the most important abrasive materials are summarized in
Table 2.2. Conventional abrasives (aluminum oxide and silicon carbide)
will be considered in this section, and superabrasives (diamond and cubic
boron nitride) in the following one.

Virtually all conventional abrasives in use today for grinding wheels
are synthetic materials based upon either aluminum oxide (Al2O3) or sili-
con carbide (SiC). The hard aluminum oxide phase is �-alumina having an
hexagonal crystal structure like that of natural aluminum oxide abrasives
(emery and corundum) which exist in various states of purity and degrees
of crystallization. In addition to Al2O3, synthetic aluminum oxides contain
various amounts of other metallic oxides either intentionally added or as
impurities. Silicon carbide occurs in various polytypes, which can be gen-
erally classified as �-types having hexagonal or rhombohedral crystallo-
graphic structures and a �-type which is cubic. Silicon carbide abrasive
materials consist primarily of �-SiC [8]. Several varieties of aluminum oxide
abrasive, and a limited number of silicon carbide types, are in common use,
each having a distinctive chemical composition and set of structural char-
acteristics which affect the granular properties and grinding behavior and
so make it useful for specific tasks.

Classically, the prime requirement of an abrasive is that it be harder
than the material it is to abrade. The hardness of an abrasive is generally

20 Chapter 2

Table 2.2 - Some properties of abrasive materials

Material

Aluminum Silicon Cubic boron 
oxide (Al2O3) carbide (SiC) nitride (BN) Diamond (C)

Crystal Hexagonal Hexagonal Cubic Cubic
structure

Density 3.98 3.22 3.48 3.52
(g/cm3)

Melting 2040 �2830 �3200 at �3700 at 130
point (�C) 105 kbar kbar (triple 

(triple point) point)

Knoop 20.6 23.5 46.1 78.5
hardness† (GPa)

† Approximate value—depends on crystal orientation, microstructure, and purity.

W
W

W
.C

NCKAV.C
OM



defined in terms of its static indentation hardness as determined by a Knoop
or Vickers hardness test. Another important abrasive property is its dynamic
strength or toughness. Higher toughness implies that an abrasive grain is
less likely to fracture or fragment each time it engages or impacts the
workpiece. On the other hand, a more friable (less tough) abrasive should
regenerate sharp cutting edges (self-sharpen) as the grain dulls by attri-
tion during use.

The comparative friability of conventional abrasives is usually eval-
uated by a standard comminution test wherein a sample of relatively coarse
(#12 grit) material is ball milled under prescribed conditions [9]. The ‘fri-
ability index’ of the abrasive, indicating the degree of fragmentation
caused, is defined as the percentage of milled material passing through a
#16-mesh sieve, although this defines the value for only one grain size.
Variants of this comminution method can be used in a more generalized
way to determine the relative friability of different grain sizes of the same
abrasive or of different abrasives [10]. In general, finer grits of the same
material are less friable, which is to be expected since they are usually pro-
duced by crushing of coarser material. Friability of abrasive grains can also
be evaluated using a single blow impact test [11].

Hardness and friability data are given in Table 2.3 for many of the
common types of aluminum oxide and silicon carbide abrasives [11, 12].
Harder abrasive grains are generally more friable, which can also be seen
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Table 2.3 - Hardness and friability index for aluminum oxide and silicon carbide
abrasives (12 grit number) [10]

Grain type Knoop hardness (GPa) Friability index

Aluminum oxide

Modified (3% Cr) 22.2 65.0

White 20.8 56.6

Monocrystalline 22.4 47.7

Regular 20.0 35.6

Microcrystalline 19.1 10.9

10% ZrO2 19.2 10.9

40% ZrO2 14.3 7.9

Sintered 13.4 6.5

Silicon carbide

Green 27.9 62.5

Black 26.3 57.2
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in Figure 2-4 where the friability index is plotted versus hardness. Silicon
carbide abrasives are harder than aluminum oxide; and also tend to fall
towards the upper end of the friability range. Harder and more friable abra-
sives are generally applied to precision-grinding operations. Tougher abra-
sives of larger sizes are more suitable for heavy-duty grinding.

For aluminum oxide abrasives, observed differences in properties arise
from differences in chemical composition and structural characteristics asso-
ciated with the manufacturing process. Starting with bauxite as the main raw-
material, most aluminum oxide abrasives are made by three different methods.
Bauxite dehydrated by calcination may be fused directly with coke and iron
in an electric furnace, it may be first processed to form purified Bayer process
alumina which is then fused, or it may be sintered after pressing.

Regular or brown aluminum oxide (Table 2.3) can be produced by
the first of these methods by fusing calcined bauxite with a small amount
of coke and iron. The brownish product contains about 2.7% titanium oxide
retained from the bauxite, possibly as a dispersed softer �-Al2O3

. TiO2
phase, which may be responsible for the material’s lower hardness and fri-
ability (higher toughness) relative to the purer white and monocrystalline
varieties. The grains tend to be irregularly shaped with featureless surfaces,
although second-phase inclusions can be seen with coarser-size grits [13].
This semi-friable abrasive is applied to a wide range of operations from
heavy-duty grinding to roughing and semi-finishing. A tougher variation of
this material referred to as microcrystalline aluminum oxide (Table 2.3),
produced by more rapid cooling in smaller ingots to obtain a much finer
crystal size, is used mainly for heavy-duty grinding.

Monocrystalline aluminum oxide can be produced by a similar
fusion process but with the addition of iron sulfide and alkaline compounds

22 Chapter 2
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to sweep out the titania with the other oxides. The resulting ingot consists
of alumina grains in a decomposable sulfide matrix and is crushed and treat-
ed with water to release the abrasive grit. This material is much purer than
the brown product, containing only minor amounts of oxide impurities, and
has the great advantage that the grains are produced by a method that does
not expose them to high crushing forces before they are used in a wheel.
Scanning electron microscope (SEM) observations of monocrystalline alu-
minum oxide reveal stepwise facets which could act as sharp cutting points
[13]. This abrasive material is used mainly for finish-grinding operations.

White and modified aluminum oxide abrasives (Table 2.3) are pro-
duced by the fusion of pre-purified Bayer process alumina in the Hall-
Heroult electric arc furnace. The white grades of alumina are nearly 100%
Al2O3 and modified aluminas are produced by adding small amounts of
soluble metal oxides which go into solid solution and may enhance the
material’s hardness and normally increase its toughness appreciably. White
aluminum oxide grains have sharp fracture facets, similar to those observed
on monocrystalline grains. Such facets are not observed on modified
(chrome and vanadium oxide) abrasives [13].

Bayer process alumina contains small amounts of sodium oxide, and
both white and modified aluminum oxide abrasives can contain up to 1%
residual Na2O. Its presence can leave voids in the final abrasive from
gassing due to removal of some of the original oxide present, and it produces
so called �-Al2O3 (actually a compound approximating to the formula
Na2O�11Al2O3) in the grains, which is very soft and must be destroyed by
heating to temperatures greater than 1260 �C during the firing of the final
abrasive tool or wheel. These abrasives are used for finish-grinding opera-
tions.

Sintered aluminum oxide is manufactured in a completely different
way by pressing or extrusion of a fine (1-5 �m) paste of calcined bauxite,
granulating or chopping the compacted material, and sintering somewhat
below the melting temperature. The impurities in the bauxite act as sinter-
ing agents, leading to very fine crystal size and extremely high toughness
(Table 2.3). The final abrasive product generally has rounded edges with-
out sharp corners [13]. This abrasive is applied to heavy-duty grinding
operations.

The introduction of mixed alumina-zirconia abrasives has had a pro-
found effect on heavy-duty grinding operations. Alumina and zirconia
show very limited mutual solubility and form a simple eutectic at approxi-
mately 42wt% zirconia (ZrO2). Although ZrO2 has intrinsically a hardness
value about half that of Al2O3, this eutectic structure is very tough because
of the ability of the softer dispersed zirconia phase to stop cracks, prevent-
ing the grains from fracturing under quite high loads and so both allowing
them to be used under more arduous conditions and to last longer at a given
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load. Another factor contributing to the superior performance of alumina-
zirconia abrasives for heavy-duty grinding, relative to fused or sintered alu-
minas, is the higher melting point of ZrO2 (2720 �C) as compared with that
of Al2O3 (2040 �C), which suggests a greater degree of chemical stability
[14]. Mixed alumina-rich abrasives, consisting of distinct hard Al2O3 and
tough Al2O3-ZrO2 eutectic, are produced with zirconia contents up to the
eutectic composition by fusing calcined bauxite, zircon sand, coke and iron
in an electric arc furnace. The melt is rapidly quenched and solidified to a
fine dendritic structure by pouring it in a thin layer over a water-cooled
steel plate and crushing. Different ZrO2 contents give abrasives with differ-
ent mechanical properties, materials richer in Al2O3 tending to be harder
and more friable and those nearer the eutectic being tougher and less fri-
able. The Al2O3-ZrO2 eutectic is a very interesting material since, on
quenching, the zirconia crystals may be locked into their high-pressure
form and revert to the low-pressure form with an increase in volume if a
crack approaches, thus enhancing toughness by filling the crack and mak-
ing it more difficult for it to move and split the material [15, 16].

‘Sol-gel’ alumina abrasives represent a more recent development in
the technology of abrasive synthesis [17]. Such materials are made neither
by fusing nor by sintering, but instead by converting a colloidal dispersion
of hydrosol (‘sol’) containing goethite (Al2O3

. H2O) to a semi-solid ‘gel’,
drying this gel to a glassy state, crushing to the required grain size, and firing
at 1200 �C to 1600 �C. The final product consists of abrasive grains with a
randomly oriented structure comprising alumina microcrystals that are less
than 5 �m and, in some instances, less than 1 �m in size. This very fine
polycrystalline structure is considered to enable microfracturing of the
abrasive grains, thereby promoting self sharpening and continual genera-
tion of new cutting edges. One variation of sol gel abrasives is produced by
alloying the alumina with magnesia, yttria, and rare earth metal oxides,
which react during firing to form a magnetoplumbite phase in the form of
platelets to reinforce the alumina matrix [18]. A somewhat different sol gel
process uses dispersed alpha alumina ‘seed’ particles in the gel which
results in the formation of submicron alpha alumina crystals during the firing
process [19]. 

Silicon carbide is made by reducing sand (SiO2) with excess coke (C)
in an electric furnace at temperatures above 2000 �C according to

The desired product is the hexagonal form of silicon carbide (�-SiC),
which is green-to-black in color, although the final reaction mass contains
a mixture of unreacted coke, partly reduced ‘firesand’, and silicon carbide.
This is carefully separated and the silicon carbide fraction collected for further

SiO2 + 3C: SiC + 2CO
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processing, the firesand and coke being returned to the furnace for further
treatment as part of a subsequent charge. Green silicon carbide is purer than
black and, being a semiconductor, is a premium product also used to make
heating elements for furnaces. The black material is preferred for grinding
on a cost basis, although it is slightly less hard.

Both varieties of silicon carbide are intrinsically harder than alumina
and comparable in friability to the hardest alumina abrasives (Table 2.3 and
Figure 2-4), and this combination of physical properties would suggest that
silicon carbide might be better than alumina oxide for fine grinding
processes. This is generally so for nonferrous metals and for most ceram-
ics, but silicon carbide is inferior for most ferrous applications, because of
its chemical reactivity with iron and steel alloys, leading to poor attrition
resistance and low grinding ratios (Chapter 11). Silicon carbide is, however,
better for some hard cast irons, where the high carbon content in the metal
minimizes chemical interaction with the wheel.

2.5 SUPERABRASIVE MATERIALS

Superabrasive materials include diamond and cubic boron nitride.
Diamond is the hardest known material, and cubic boron nitride is the second
hardest. As an abrasive, diamond is used in both its natural and its synthetic
forms, although the trend is generally towards the synthetic material. Boron
nitride, in both its cubic and its soft hexagonal forms, is a synthetic material.

In the case of natural diamonds, their shape and size are determined
by nature during their geological formation, although they can be reshaped
by man using mechanical and thermal methods. For synthetic diamond, the
same reshaping techniques can be used, but their intrinsic strength and
structure can be altered by varying the processing conditions. Synthetic dia-
mond is produced by subjecting graphite to high temperatures at extremely
high pressures in the presence of a catalyst solvent such as nickel or other
metals from group VII of the periodic table [20-23]. With nickel as a cata-
lyst, operating conditions might be about 2000 �C at 75-95 kbar. Depending
on the particular temperature, pressure, and processing time, diamonds are
made with varying crystal sizes and structures. Synthetic diamond abra-
sives range from weak, friable, irregularly shaped polycrystalline grains
with a skeletal structure to tough blocky-shaped cubo-octahedral single
crystals. The weaker shapes are applied mainly to grinding of cemented
carbides with resin-bonded wheels. For this application, the diamonds are
usually coated with nickel comprising about 55% by weight of the grain
and coating. The purpose of the coating is to more strongly hold the dia-
mond grit in the resin binder, in addition to providing some protection from
the atmosphere. Stronger blockier monocrystalline diamond grits are used
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mainly with metal bonds for cutting of ceramics, stone, glass, and other
hard brittle materials.

In spite of its extreme hardness, diamond had been found not to be
economical for grinding of most ferrous materials, except for some hard
cast irons, owing to graphitization and carbon diffusion into the iron caus-
ing excessive diamond wear. Cubic boron nitride has emerged as an impor-
tant alternative superabrasive for grinding of steels and some non-ferrous
high-strength alloys. Boron nitride was first made as the hexagonal poly-
morph, isostructural with and soft and slippery as graphite. This structural
analogy with graphite, combined with the fact that boron is chemically very
similar to carbon, inspired the thought that it might be possible to synthe-
size a cubic form of boron nitride analogous to diamond, and this was
achieved at temperatures of 1500 – 2000 �C at pressures in the range 50-90
kbar (5-9 GPa) using alkali metals as catalytic solvents [24].

Almost all CBN grits produced today are monocrystalline, although
polycrystalline (microcrystalline) abrasives with submicron crystal size
have also been introduced. In its polycrystalline form, CBN is claimed to
be significantly tougher. Monocrystalline CBN grits tend to be blocky
shaped with sharp edges and smooth faces, which make bonding difficult,
As with diamond, a nickel coating is added to retain the grits more strongly
in resin-bonded wheels.

In comparison with diamond, one important advantage of CBN is
its thermal stability. Both diamond and CBN are stable in vacuum up to
temperatures in excess of 1400 �C. In normal atmosphere, a B2O3 protec-
tive layer on CBN is credited with preventing oxidation up to 1300 �C,
and no conversion from the cubic to hexagonal form occurs up to 1400 �C.
By contrast, diamond is thermally stable only to a much lower tempera-
ture of about 800 �C in normal atmosphere. An important consequence of
this is related to the possibilities for vitrified superabrasive wheels. CBN
wheels with vitrified bonds can be fired to a much higher temperature
than diamond, and so a much wider range of vitreous bonds can be con-
sidered for their manufacture. Some CBN grits are specially coated to
protect their surface from chemical reaction above 800 �C with the alkali
and water present in most glass frits used in vitrified wheel manufacture.
While vitrified bonds are only occasionally used with diamond, they have
become commonly used with CBN for precision grinding of metallic
materials.

2.6 BOND MATERIALS

Abrasive grains are held together with various kinds of bond materi-
als. In general, the bond must be strong enough to withstand grinding
forces, temperatures, and centrifugal forces without disintegrating, while
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resisting chemical attack by the cutting fluid. Additional bond requirements
may include wheel rigidity, and the ability to retain abrasive grains during
cutting yet release dulled grains.

According to the wheel marking system in Figure 2-1, there are six
general types of bond materials for conventional abrasive wheels: resinoid
(including reinforced), shellac, oxychloride, rubber (including reinforced),
silicate, and vitrified. Most conventional abrasive wheels have either vitri-
fied or resinoid bonds. Superabrasive wheels (Figure 2-3) are produced
with three bond types: resinoid, vitrified, and metal.

Vitrified wheels probably account for about half of all conventional
abrasive wheels, although the trend towards higher wheel speeds has led to
some replacement by resinoid wheels, especially for heavy-duty grinding.
Historically, the use of vitrified wheels was restricted to peripheral speeds
of about 30 m/s owing to strength limitations, although methods for wheel
reinforcement now make it possible to use these wheels at much higher
peripheral speeds. The highest speed used in production with vitrified
wheels is at present 120 m/s.

Vitreous bonds are formed from mixtures of a clay, a feldspar, and a
frit, normally using locally available materials, in amounts mainly deter-
mined by the nature of the wheel to be built but also affected by the miner-
alogy and detailed chemistry of the clays and feldspars used, in particular
minor phases and trace elements present. The frit is man-made and its com-
position is under better control. Such mixtures soften and melt in the tem-
perature range 950 to 1400 �C with mixtures richer in clay melting at higher
temperatures, those with more frit melting at lower temperatures. It is, thus,
possible to prepare bond mixtures with different viscosities, and hence dif-
ferent surface tensions at a given temperature, and so tailor the bond to the
required structure of the final wheel. In particular, it becomes possible to
help control the porosity in, and provide the strength to, the wheel by care-
ful choice of bonding mix. The mixtures are prepared by milling the raw
materials together with about 1–5% water containing an organic binder,
such as dextrin, until a plastic mass ensues.

Vitreous bonds are almost always used with alumina grits, and this
plastic mixture is next added to between two and six times its weight of the
requisite abrasive. Again, the exact weight percentage depends on the
nature of the wheel and the use to which it will be put and the clays and
feldspars used. A combustible filler, such as sawdust, may be added if a
very porous wheel is required. The mix is pressed to the required shape,
dried, and fired in a traveling kiln to a temperature in excess of 1260 �C in
a regime extending over some days. The heating stage is relatively rapid,
taking 1 to 2 days to reach the maximum temperature, which is held for
about 12 hours, but cooling must be slow and carefully controlled to avoid
building thermal stresses into, or even cracking, the wheels. Very large
wheels can take weeks to cool.
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At the firing temperature, the bonding mix melts, partly wets the
abrasive grits, and surface tension pulls them together [25]. At the same
time, chemical reactions occur at the grit-melt interface with interpenetra-
tion of grit and melt, the �-Al2O3 phase in the white grits is dispersed into
the surrounding matrix (removing a potential source of weakness in the grit
particles), and a titania-rich phase is exsolved from the brown Al2O3 grains,
causing them to turn blue. On subsequent cooling, glassy ‘necks’ of solidi-
fied bonding material, called bond posts, develop between the grains hold-
ing them firmly together, and these are anchored both by a mechanical
bond, where the molten material has flowed into irregularities in the grit
surfaces, and by chemical bonds due to the new phases formed at the grit-
bond interface [26]. An example of a vitrified wheel structure is shown in
Figure 2-5.

Resinoid-bonded wheels are produced by mixing abrasive grains
with phenolic thermosetting resins and plasticizers, molding to shape, and
baking (curing) at 150–200 �C. The bond hardness is varied by controlling
the amount of plasticizer and by addition of fillers. Conventional abrasive
resinoid wheels are widely used for heavy-duty grinding (snagging) oper-
ations because of their high strength and ability to withstand shock load.
Another important application is for cut-off wheels, which are usually
reinforced with fiberglass for added strength and high-speed operation up
to about 100 m/s. For superabrasive wheels, resinoid bonds are the most
popular, the most important applications being with diamond abrasives for
grinding of cemented carbides and CBN for grinding of steels.
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Figure 2-5 SEM micrograph of vitrified wheel 32A54I8VX. Abrasive is monocrystalline
alumina. Arrows point to bond posts.
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Resinoid wheels are susceptible to chemical attack by alkaline cut-
ting fluids which adversely affect their strength, especially with prolonged
exposure at elevated temperature [27]. The fluid not only lowers the
strength of the resin itself, but can weaken its bonding to the abrasive,
which is one reason why aluminum oxide grains for resinoid wheels are
specially treated with a thin coating. Grinding fluid attack may not be a
problem with heavy-duty and cut-off wheels, insofar as they are often used
dry. The strength of superabrasive resinoid wheels generally does not
depend on the resinoid bond, since it is only in a thin outer layer. However,
alkaline grinding fluids will likely degrade the wheel performance over a
period of time.

Rubber bonds consist of vulcanized natural or synthetic rubber. The
main applications are thin wheels for wet cut-off operations to produce
nearly burn-free cuts, and regulating wheels for centerless grinders. Rubber
wheels were once popular for finishing operations on bearings and cutting
tools, but their use for these purposes has declined. The manufacture of thin
rubber-bond wheels involves mixing together the rubber and abrasive with
sulfur added as a vulcanizing agent, rolling out in sheets to the required
thickness, cutting out the required shape, and vulcanizing under pressure at
150–275 �C. Thick wheels can be manufactured in a similar way, but by
stacking of thin sheets after cutting.

Silicate-bonded wheels are manufactured by mixing sodium silicate
with abrasive, tamping in a mold, drying and baking. The historical advan-
tage of silicate in comparison with vitrified wheels is the much lower pro-
cessing temperature and shorter heating cycles. At one time, the silicate
process was popular with small grinding wheel manufacturers lacking
facilities for producing vitrified products. The process might still be occa-
sionally used for producing extra-large slow-speed wheels for some sharp-
ening and finishing operations.

Shellac is a natural organic material which is only rarely used today
as a bond material. The wheels can be manufactured by mixing abrasive
grain with shellac, shaping under pressure in heated molds, and baking. At
one time this bond was used for flexible cut-off wheels, which is probably
why they were referred to as elastic wheels. The use of shellac-bond wheels
is mainly for fine finishing of mill rolls, camshafts, and cutlery.

Another less common type of bond is oxychloride, which is a cold-
setting cement from a mixture of magnesium oxide and an aqueous solution
of magnesium chloride. Apparently it was very popular about a hundred
years ago, but its only use today might be for disk grinding. It is susceptible
to chemical attack by grinding fluids, so it is used dry.

Metal bonds are extensively used with superabrasive wheels. The
most common are from sintered bronze, which are produced by powder
metallurgy methods. Variation of the wheel grade is controlled by adding
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modifiers and altering the bronze composition. Other powder metal bonds,
which are generally stronger, include iron and nickel. Segmented diamond
saws for cutting stone and granite typically have sintered nickel bonds.
Tungsten powder infiltrated with a low melting point alloy is used in dia-
mond wheels for grinding diamond tools. Still stronger bonds consisting of
WC-Co cemented carbide are used in diamond abrasive tools for geologi-
cal drilling.

A different type of metal bond for superabrasive wheels is manufac-
tured by electroplating. These grinding wheels consist of a single layer of
diamond or CBN held in place on a form or hub by an electroplated nickel
binder. Figure 2-6 shows the surface of an electroplated CBN wheel with
abrasive grain tips protruding above the electroplated nickel. Typically the
nickel layer is equal to about 30% of the grain dimension, although its
thickness may be varied. Because these wheels contain only a single layer
of supereabrasive, electroplated superabrasive wheels are generally less
expensive than bonded types. Much of the expense is associated with pre-
cise machining of the hub, which can be reused. Electroplated CBN wheels
have become widely used especially in automotive and aerospace indus-
tries for grinding of metallic materials. Extremely thin metal-bonded dia-
mond wheels for slicing and dicing of electronic materials are produced by
electroplating a single layer of diamond onto a substrate which is subse-
quently discarded.
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2.7 VITRIFIED WHEEL COMPOSITION 
AND PHASE DIAGRAMS

In sections 2.2 and 2.3, the wheel composition was described in
terms of its marking system. The grinding wheel can, however, be
described more objectively and with more references to its structure and
composition in terms of a ‘grinding wheel phase diagram’. If we neglect
possible additions of fillers and grinding aids, a grinding wheel can be con-
sidered as a three-phase system consisting of abrasive grains, bonding
medium, and porosity. We can then write

(2-6)

where Vg, Vb and Vp are the volume percentages of the grit, bond and pore
or soft phases, respectively. This composition relationship can convenient-
ly be represented in the form of a standard, equilateral-triangle-shaped
three-phase diagram, as shown in Figure 2-7 [28]. In such a diagram, each

Vg + Vb + Vp = 100
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apex represents 100% of one component with the opposite side corresponding
to 0% and intermediate percentages represented by the fractional distance from
the side to the apex. Three axes can be drawn from the apexes to the opposite
sides to illustrate this relationship, and these are shown in Figure 2-7.

Lines in the phase diagram drawn perpendicular to these axes, and so
parallel to the sides, represent compositions all with the same percentage of
the component represented by the opposite apex. Thus, lines ‘1’ represent
compositions all with Vp � 75% (lower line) or 86% (upper line), lines ‘2’
with Vg � 68% (MPD) or 38% (LPD), and lines ‘3’ with Vb � 54% or 68%.
Such lines are known as ‘iso-lines’, either iso-porosity (1) or iso-grain (2)
or iso-bond (3). Note that the sum of the percentages of the other two com-
ponents is constant across an iso-line but the individual percentages vary.
Any point ‘x’ within the triangle in Figure 2-7 represents a specific wheel
composition, i.e. Vgx, Vbx, and Vpx.

Also of some significance are the lines shown as ‘4’ in Figure 2-7.
These are lines that connect an apex to points on the opposite side and rep-
resent sets of compositions with a constant ratio of the components at the
ends of the side and varying amounts of the apex component. Thus, lines
‘4’ represent compositions with constant grit-to-bond ratios, of about 12:1
(LBE) and 3:1 (MBE), but with different porosity contents.

In practical terms, iso-grain lines, corresponding to particular grain
volume percentages and varying amounts of bond and pore phases, generally
define the ‘structure’ or ‘packing number’ in the wheel markings for conven-
tional wheels (Figure 2-1) or the concentration number for superabrasive
wheels (Figure 2-3). Iso-porosity lines are sometimes considered to indi-
cate the ‘wheel hardness’ or ‘grade’ of conventional wheels, but this will be
discussed further below. Note that a filler may take the place of the pore
phase in a resinoid-bonded wheel.

Actual wheel compositions do not cover the whole composition
range, represented by the phase diagram but are restricted to a limited range
by technological and practical factors. For example, a typical useful com-
position range for conventional vitreous-bonded wheels is represented by
the shaded region in Figure 2-7, and shown expanded in Figure 2-8. This is
bounded by two iso-grain lines (MPD and LPD) and three constant ratio
lines (LBE, MBE, and the Vg axis where Vp � Vb). The limiting upper iso-
grain line, the ‘maximum packing density’ or MPD line, represents the
natural maximum packing density imposed by the shapes and sizes of the
abrasive grains, and its exact value (position on the diagram) will depend on
the shape and size distribution of the abrasive grains used. The ‘lower pack-
ing density’ or LPD line is linked to the condition at which there are just
enough grit-grit contacts, with their attendant bond posts, to give the required
strength to the wheel. Again, the exact position of this line depends on details
of the abrasive grains used. The ‘maximum bond equivalent’ or MBE line
corresponds to the bond-grit ratio above which the bond simply coats the grit
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particles without forming additional bond posts, while the ‘lower-bond
equivalent’ or LBE line is again associated with the provision of a minimal
amount of bond phase to give the required strength. The shaded area in Figure
2-7 is bounded by Vg � 68% for the MPD line, Vg � 38% for LPD, Vb/Vg �
0.31 for MBE and Vb/Vg � 0.08 for LBE, but the actual boundaries for other
types of wheel will depend on the particular abrasive-bond system used.

Most wheel manufacturers use different bond mixes and proportions
of abrasive and bond to achieve a given letter grade (hardness) of wheel, and
so iso-grade lines do not usually coincide with iso-porosity lines. One man-
ufacturer’s gradings for wheels of different compositions are plotted in
Figure 2-8. Wheels with the same grade plot as straight lines against over-
all composition which are uniformly inclined to the iso-porosity lines,
rather than coinciding with them, and they show a marked discontinuity in
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relative slope at Vg � 60%. Below this grit content, i.e. in the majority of
useful wheels, the percentage porosity can be expressed as a function of
grade number in the form

(2-7)

where n is an integer (n � 1, 2, 3, 4, . . .) corresponding to the letter grade
(E, F, G, H, . . . .), respectively. If the structure number relationship of 
Eq. (2-5) applies, the wheel porosity can be expressed in terms of the struc-
ture number and letter grade by the relationship

(2-8)

Accordingly, wheels with the same grade number but containing less grain
(higher S value) should be more porous, and this is in accordance with the
predictions of the phase diagram.

Again, each manufacturer uses its own characterization standards
to specify particular wheel grades and structure numbers. Moreover, bond
formulations and processing methods, as indicated earlier, vary from one
manufacturer to another, and so wheels from different manufacturers,
although with apparently identical abrasive grit, bond and pore contents
and having the same indicated letter grade and structure number, can be
expected to perform differently. The grinding wheel marking system has
been standardized, as also are the abrasive grits to some extent, but the
wheels produced are not.

2.8 GRINDING WHEEL TESTING

Various testing procedures have been developed for evaluating grind-
ing wheel performance, checking quality in wheel production, and ensuring
wheel safety. Wheel performance is generally evaluated by actual grinding
tests, as will be seen in Chapter 8. Here we will be concerned with non-grind-
ing tests for identifying inherent properties of conventional vitrified wheels.

One of the more elusive characteristics of a grinding wheel is its
hardness or grade. As seen in the previous section, a harder-grade wheel
having a given abrasive content contains more binder and less porosity.
Therefore, harder wheels should be stronger, and the abrasive grits should
be more firmly held by the binder.

Hardness testing of vitrified grinding wheels was originally introduced
not for the purpose of checking the wheel grade, but rather for actually

Vp(%) = 45 +
s - 2n

1.5

Vp(%) =
2(99.5 - 2n) - Vg

3
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grading the wheel. Owing to lack of technical sophistication for controlling
the vitrified wheel manufacturing process, wheels were assigned grades only
after their manufacture. The test method consisted of scratching the grinding
wheel with a screwdriver-like hand tool. The operator would determine the
wheel grade by the resistance he felt and the sound emitted.

Similar modern methods for testing and grading of grinding wheels
involve measurement of forces while removing wheel material with a tool.
One such test involves the use of a triangular-pointed tool to scratch a
groove in a wheel with the depth of penetration set equal to the grit dimen-
sion [29]. Force pulses are measured which are each assumed to be associ-
ated with dislodgement of a single grit, and the average force is taken as an
indication of wheel grade. However, grit fracture is also likely to occur in
addition to dislodgement, especially with harder wheels. Another test uses
a conical metal tool instead of a grooving tool [30]. The conical tool is free
to rotate, so it crushes the wheel instead of being ground away as it is fed
across the rotating wheel face. These two test methods, groove scratching
and crushing, were found to agree quite well in their ability to distinguish
between wheels of different hardness [31]. However, the measured forces
with both methods are dependent not only on the bond strength but also on
grit toughness, so the measured grade indication cannot be generally adopt-
ed as an intrinsic wheel grade property.

Numerous other wheel grade tests have been proposed, but only a
few have been used to a significant extent. Two relatively simple ones,
which were adopted many years ago in industry, measure penetration
depths due to a rotating chisel driven vertically into the wheel or by sand-
blasting under standard conditions. While these tests provide a relative
indication of bond strength and its variation over the wheel surface, the
results are difficult to physically interpret.

A more fundamental parameter which has been proposed for character-
izing wheel grade is the elastic modulus [28]. Relatively simple methods have
been developed for determining the elastic modulus based upon measuring
the natural frequency of a grinding wheel excited by impact [28, 32]. For a
disk (wheel) of outer diameter ds, with a central hole of bore diameter do, the
relationship between the elastic modulus E and the frequency f for the two
nodal diameter vibration mode is given to a good approximation for 
do/ds < 0.25 by [28]:

(2-9)

where � is the mass density, � is Poisson’s ratio, and b is the disk thick-
ness.

E =
1.07(1 - v2)r ds

4 f2

b2 c1 - ado
ds
b2 d

Grinding Wheels: Composition and Properties 35

W
W

W
.C

NCKAV.C
OM



Experimental results are presented in Figure 2-9 for both the elastic
modulus and the groove-scratching hardness for a series of vitrified wheels
of differing grades [28]. Both tests show the same relative trend of increasing
‘hardness’ with letter grade. Good correlation was also found with the pop-
ular sandblast hardness test. Advantages of the sonic test are that it does not
consume any wheel, is much simpler to perform, and the measured modu-
lus is insensitive to grit toughness. The discontinuities observed in the
results in Figure 2-9 indicate deviations in wheel hardness.

On the basis of these results, it would appear that a rational wheel grade
scale might be based upon elastic modulus. From tests on aluminum oxide
wheels over a range of compositions, it has been found that iso-modulus lines
on a ternary phase diagram are as shown in Figure 2-10, which are somewhat
different than the iso-grade lines in Figure 2-8. Although this proposed grad-
ing system has not been adopted, the sonic testing of grinding wheels has
become popular mainly as a tool for quality control. Wheel manufacturers
use this method for monitoring their production process, and some wheel
users have adopted it for acceptance testing and matching of wheels. The
test method is supposedly applicable to both vitrified- and resinoid-bond
wheels [28], although it is reported not to function well on resinoid wheels
because of their lower elastic module and higher damping [32]. Vitrified
wheels tend to display more variability in grade and grinding performance,
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and the use of this test method has assisted wheel manufacturers in their
efforts to provide more consistent products.

Aside from the wheel grade, another important wheel property is
strength. Grinding wheels are operated at speeds which generate high
stresses due to centrifugal loading. In order to ensure the safety of the opera-
tor and the machine, it is essential that wheel speeds be maintained within
safe limits. For this reason, maximum operating speeds are clearly indicat-
ed on all grinding wheels, and the wheels are proof tested at faster speeds
(minimum 1.2-1.5 times their rated speed depending on bond type) to
ensure safety [33]. Operating speeds on grinding machines have been his-
torically limited by wheel strength, rather than by the process itself. The
search for more efficient grinding methods by employing higher wheel
speeds prompted the development of stronger wheels with higher bursting
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speeds. Some approaches which have been explored for raising allowable
wheel speeds include wheel reinforcement, segmental wheel designs, solid
center wheels, higher strength bonds, and higher core strengths.

Speed and safety considerations are an especially important factor
with vitrified wheels. Since these wheels are brittle bodies, they can be
expected to burst when the rotationally induced tensile stress reaches a crit-
ical value, releasing loose fragments with only a negligible portion of their
kinetic energy absorbed by fracture. Considering a grinding wheel in the
form of a disk of diameter d, with bore diameter d0 rotating at a peripheral
velocity vs, the maximum tensile stress developed, which is a tangential
(hoop) stress at the bore diameter, can be written as [34]

(2-10)

where � is the mass density and � is Poisson’s ratio. For typical ratios of
bore to outer diameter, the second term within the brackets is generally
much less than unity, which means that the maximum tensile stress devel-
oped is relatively insensitive to the bore and hole diameters and proportional
to the velocity squared.

Aside from centrifugal forces, additional stresses are induced by
wheel clamping and grinding forces [35, 36]. In general, these effects
appear to be much less significant than the rotational stresses, although
bursting speeds of improperly clamped wheels can be significantly lowered
[37]. With thin resinoid (reinforced) wheels, sideways loading tending to
bend the wheel may be a more significant factor than centrifugal loading.
The bending strength depends on the orientation of the fiber-reinforcing
layers [38]. The grinding fluid may also lower resinoid wheel strength
[27].

Some results for bursting speeds of non-reinforced vitrified grinding
wheels, compiled by one manufacturer over a number of years, are summa-
rized in Figure 2-11. According to Eq. (2-10), the observed bursting speeds
of 90 m/s to 130 m/s would correspond to maximum tensile stresses of about
13 MPa to 26 MPa, which are comparable to measured short-time tensile
strengths [39]. These bursting speeds far exceed the normal operating limit of
30 m/s with these wheels, and the relative margin of safety is even bigger
when compared in terms of strength. It should be noted, however, that these
results are for average bursting speeds. As is typical of many brittle materi-
als, the tensile strength of vitrified wheels is found to exhibit significant scat-
ter which can be descried by a Weibull distribution [39]. Furthermore, the
grinding fluid and moisture in the air may also degrade wheel strength over
a period of time. The higher strengths observed with harder-grade wheels
(Figure 2-11) are a consequence of the higher bond content which provides
bigger bond bridges with larger cross-sections. Finer-grit wheels may be

smax = ra3 + v

4
b c1 + a1 - v

3 + v
b ado
ds
b2 dvs2
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stronger owing to proportionally smaller defect sizes for initiation of brit-
tle fracture. More recent bending tests show somewhat higher strengths
[40], which enables wheel use at higher speeds. Vitrified bonded abra-
sive wheels are readily available nowadays for operation at speeds up to
120 m/s.

A more fundamental approach to ensuring reliability of grinding
wheels against failure combines fracture mechanics, finite element stress
analysis, and Weibull statistics [41]. With this method, bonded abrasive
specimens are tested in four-point bending to measure the fracture strength,
its statistical variability, and its time-dependent degradation (static fatigue).
The stress distribution in the grinding wheel during operation is obtained
using a finite element analysis. The overall time-dependent probability of
wheel failure can be statistically predicted by coupling the stress distribu-
tion over the wheel with the fracture-strength results, while taking into
account the increased probability of encountering strength-impairing flaws
in larger stressed volumes. The results of this analysis provide a rational
basis for overspeed proof testing to ensure that a grinding wheel will not
fail during its useful life.

Bursting of a wheel operating within its rated speed limit is an ext-
remely unlikely event. The causes of wheel failure are generally associated

Grinding Wheels: Composition and Properties 39

Vitrified wheels
80

60

46

36

Grit
size

Wheel grade

B
ur

st
in

g 
sp

ee
d 

(m
/s

)

140

130

120

110

10

90

0
J               K               L              M               N              O 

Figure 2-11 Peripheral bursting speeds for vitrified grinding wheels.

W
W

W
.C

NCKAV.C
OM



with overspeeding, shock loading, improper mounting, and mishandling
[37]. With proper guarding, a wheel failure should not pose a serious danger
to the operator.
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Grinding Geometry and Kinematics

3.1 INTRODUCTION

Material removal by grinding occurs mainly by a chip formation
process, similar to that of other machining methods such as turning or
milling, but on a much finer scale. While the cutting-tool geometry and its
interaction with the workpiece is well defined for most machining process-
es, the situation for grinding is not readily discernible. A grinding wheel has
a multitude of geometrically undefined cutting points (tools) which are
irregularly distributed on its working surface and which are presented to the
workpiece at random orientations and positions. Consequently, there is sig-
nificant variation in the cutting geometry from point to point.

In spite of these complexities, there have been many attempts to ana-
lyze chip geometry, beginning almost 90 years ago [1, 2], usually in terms
of what occurs at a ‘typical’ or ‘average’ cutting point rather than at each
separate cutting point. Some of these analyses also attempt to describe the
point-to-point variability in cutting geometry by using either statistical
models or computer simulations to describe how the non-uniform wheel
surface interacts with the workpiece.

This chapter presents mathematical analyses of the cutting geometry
during grinding, arising from consideration of the kinematic interactions
between the topography of the grains in the wheel surface and the work-
piece. Aside from leading to fundamental parameters, such as the depth of
cut taken by a cutting point (undeformed chip thickness) and the size of
the grinding zone (contact length), it also provides a basis for analyzing the
mechanisms of abrasive interactions with the workpiece (Chapter 5),
the grinding temperatures (Chapters 6–8), and the geometry of the ground
surface generated (Chapter 10).
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3.2 GEOMETRICAL WHEEL-WORKPIECE 
CONTACT LENGTH

The grinding geometry is illustrated in Figure 3-1 for straight, exter-
nal, and internal cylindrical grinding. For straight surface grinding 
(Figure 3-1(a)), a wheel of diameter ds rotating with a peripheral velocity vs
takes a wheel depth of cut a from the workpiece as it translates past at veloc-
ity vw. A similar situation applies to cylindrical grinding (Figures 3-1(b)
and 3-1(c)) with the workpiece velocity vw obtained by rotation instead of
translation. For straight surface grinding, the depth of cut a corresponds to
the machine downfeed, whereas in cylindrical grinding it is equal to the
radial infeed at velocity vf during one revolution of the workpiece (a �
	dwvf /vw). For cylindrical grinding, typical depths of cut are a « 2–20 �m,
and for straight surface grinding a «10–50 �m. Obviously, the relative size
of the wheel depth of cut is highly exaggerated in Figure 3-1. Typical wheel
velocities are v « 30 m/s, although faster velocities even up to 120 m/s are
used in some extreme cases, and somewhat slower velocities may be used
for some difficult-to-grind materials. The workpiece velocity vw is always
much slower than the wheel velocity, the ratio vs /vw being typically in the
range 100–200 for straight surface grinding and 5–100 for cylindrical
grinding.

Penetration of the grinding wheel into the workpiece results in an
apparent area of contact where the grinding action occurs. The arc length of
the contact area is indicated by lc in Figures 3-1(a)–(c). Neglecting motions
and deformations of the wheel and workpiece, the arc length of contact for
each type of grinding can be generally expressed as

(3-1)

For straight surface grinding (Figure 3-1(a)) it can be readily shown that

(3-2)

Since 2a « ds, the small-angle approximation would apply

(3-3)

which combined with Eqs. (3-1) and (3-2) leads to the result

(3-4)lc = (ads)
1>2

 cos u = 1 -
u2

2

u = cos - 1a1 -
2a

ds
b

lc = AB =
dsu

2
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This expression for the arc length can be shown to be identical to the chord
length AB. Since motions as well as deformations are neglected, the param-
eter lc is often referred to as the static contact length.

The same analysis can also be applied to external and internal cylin-
drical grinding (Figures 3-1(b) and 3-1(c)). As with straight grinding, the
wheel depth of cut a in each case is equal to AD and the arc length of con-
tact lc « AB. By analogy with straight grinding it is apparent that Eq. (3-4)
applied to external or internal grinding would result in the chord length AC.
The actual contact length AB is less than AC in the case of external grind-
ing, and greater than AC in the case of internal grinding. The opposing
curvatures of the wheel and workpiece in external grinding reduce the
contact length, whereas the conforming curvatures with internal grinding
elongate the contact length.

As with straight surface grinding, the contact length AB for external
and internal grinding (Figures 3-1(b) and (c)) can be approximated by the
chord length AB. In both cases, it can be seen by analogy with Eq. (3-4) that

(3-5)

From the geometry of external grinding (Figure 3-1(b)):

(3-6)

and internal grinding (Figure 3-1(c)):

(3-7)

Therefore, the results for straight, external and internal grinding can all be
combined into a single equation:

(3-8)

where de is called the ‘equivalent wheel diameter’ and is defined by

(3-9)

The plus sign in the denominator is for external grinding, the minus sign for
internal grinding, and dw� for straight grinding (de� ds). The equivalent
diameter for external grinding it is always less than both ds and dw. For
internal grinding it is always bigger than ds, and also bigger than dw provided

q

de K
ds

1 ; ds>dw

lc = 1ade21>2

AE =
a

1 - ds>dw

AE =
a

1 + ds>dw

lc L AB = 31AE2ds41>2
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that ds > dw /2. For example, with internal grinding with ds � 2/3 dw, the
equivalent wheel diameter is three times the wheel diameter and twice the
workpiece diameter. Typically, the contact length lc ranges from about 
0.1 mm up to 10 mm, although it can be somewhat bigger for operations
which utilize very large depths of cut such as creep feed grinding.

3.3 CUTTING PATH

For the purpose of analyzing the cutting geometry, it is convenient to
liken the grinding wheel action to that of a milling cutter, with the cutting
points corresponding to cutter teeth. For the idealized wheel, the cutting
points around the wheel periphery are equally spaced apart by a distance L.
The situation is illustrated in Figure 3-2(a) for straight grinding (plain hori-
zontal milling), and for cylindrical external grinding in Figure 3-2 (b). In
each case, the wheel velocity vs is shown in the opposite direction to the
workpiece velocity vw at the grinding zone. This is known as ‘up-grinding’,
when the tangential directions of motion of wheel and workpiece are
opposed. The case in which these motions are in the same direction is known
as ‘down-grinding’. As previously mentioned, the actual wheel depth of cut
is very small and the wheel velocity is much faster than the workpiece veloc-
ity, so the dimensions shown in the grinding zone are highly distorted.

A cutting point in up-grinding begins its contact with the workpiece
at point F
, and follows the curved path to point A
. For down-grinding, it
begins at A
 and ends at F
. The cutting path F
B
CA
 relative to the work-
piece is a trochoid consisting of the superposition of the circular motion at
velocity vs, and tangential motion along the workpiece at velocity vw. The
previous cutting point followed the same geometrical path shape but dis-
placed along the workpiece surface by the distance AA
 which is the feed per
cutting point s. The feed per cutting point is equal to the product of the
workpiece velocity vw and the time between successive cuts (L /vs):

(3-10)

The undeformed chip for up-grinding is shown by the cross-hatched area
AF
A
 for each case in Figure 3-2.

Relative to an x-y coordinate system with its origin at B
 fixed to the
workpiece in Figure 3-2 (a), it can be shown [3] that the trochoidal path of
a cutting point initially at the origin moves horizontally:

(3-11)x =
ds
2

sin u¿ ;
ds
2

vw

vs
u¿

s =
Lvw

vs
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and vertically

(3-12)

as the wheel rotates through the angle �
. The plus sign in Eq. (3-11) refers
to up-grinding as shown, and the negative to down-grinding with the work-
piece velocity in the opposite direction. Since �
 is a very small angle
( ), Eqs. (3-11) and (3-12) can be simplified to

(3-13)

and

(3-14)

Eliminating �
 leads to the result for the cutting path

(3-15)

which is a parabola instead of a trochoid.
An equation for the trochoidal cutting path has also been derived for

external and internal cylindrical grinding [4]. As with straight grinding, the
trochoidal cutting path can be approximated by a parabola:

(3-16)

where the parameter D is given for external grinding by

(3-17)D =
dsa1 ;

vw

vs
b2

c1 <
vw

vs

ds
dw

a2 ;
vw

vs
b d

y =
x2

D

y =
x2

cdsa1 ;
vw

vs
b2 d

y =
dsu¿2

4

x = a1 ;
vw

vs
b ds

2
u¿

u¿< u

y =
ds
2

(1 - cos u¿)
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and for internal grinding by

(3-18)

When double signs appear, the upper is for up-grinding and the lower for
down-grinding. For straight grinding (dw� ), both of the above expres-
sions for D reduce to the denominator of Eq. (3-15).

The radius of curvature of the parabolic cutting path at its origin
(�
� 0) is equal to D/2, and it grows by a negligible amount up to �
� �.
Furthermore, the radius of curvature is bigger than the wheel radius for up-
grinding and smaller than the wheel radius for down-grinding. It has been
proposed [4] that the degree of non-conformity between the wheel radius
and the cutting path radius R can be defined by their curvature difference:

(3-19)

which for the parabolic approximation to the cutting path is

(3-20)

Combining Eqs. (3-17) and (3-18) with Eq. (3-20):

(3-21)

which for vw « vs can be simplified to

(3-22)

where the plus sign is for up-grinding and the minus sign for down-grind-
ing. Eqs. (3-21) and (3-22) apply to straight, external, and internal grinding
with the appropriate definition of equivalent diameter de according to 
Eq. (3-9).

¢ = ;
4vw

devs

¢ =
2a vw

vs
b2

; 4a vw

vs
b

dea1 ;
vw

vs
b2

¢ =
2

ds
-

2

D

¢ =
2

ds
-

1

R

q

D =
dsa1 ;

vw

vs
b2

c1 ;
vw

vs

ds
dw

a2 ;
vw

vs
b d
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The length of the cutting path F
B
A
 for straight grinding (Figure
3-2(a)) can be obtained from the equation of the cutting-path motion. The
length F
B
 in each case can be taken as half the feed per cutting point. The
total cutting-path length lk can be expressed as

(3-23)

where

Substituting for x and y from Eqs. (3-13) and (3-14) and integrating lead to
the result

(3-24)

Since � is a small angle, the second term is negligible compared with the
first one, and the quantity ds�/2 corresponding to the arc length AB can be
approximated by its chord length. Therefore

(3-25)

or

(3-26)

where lc is given by Eq. (3-4). Repeating the analysis for external and
internal grinding leads to the same result as Eq. (3-26) with lc given by
Eq. (3-8) with ds replaced by de. The cutting path is longer for up-
grinding (plus sign) than for down-grinding (minus sign) although the
difference is extremely small for most practical speed ratios vw/vs. Also,
the contribution of s/2 to the total path length may be negligible, in which
case

(3-27)lk L lc = 1ade21>2

lk = a1 ;
vw

vs
b lc +

s

2

lk = a1 ;
vw

vs
b1ads21>2 +

s

2

lk = a1 ;
vw

vs
bdsu

2
+

u3

6a1 ;
vw

vs
b

+
s

2

dlk K c a dx
du¿
b2

+ a dy
du¿
b2 d1>2du¿

lk = L
u

0
dlk +

s

2
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For this reason, there is often no distinction made between the contact
length lc and the cutting-path length lk.

The cutting-path length lk as given by Eq. (3-26) may be considered
as a kinematic correction to the static contact length lc, in which case lk is
called the kinematic contact length. Conversely, lc may be considered to
be a static approximation to the cutting-path length or undeformed chip
length.

As a cutting point on the periphery of the rotating grinding wheel
passes through the grinding zone, its motion will interfere with that of the
moving workpiece, which is of course a necessary condition for cutting.
The degree of interference at any location along the cutting path can be
defined by the infeed angle � between the peripheral velocity vector and
the workpiece velocity vector, as illustrated in Figure 3-3 for straight
grinding. The infeed angle increases from � � 0 at the bottom of the cut-
ting path (�
� 0) to a maximum value � � �max at the top of the cutting
path (�
� �).

For the purpose of deriving an expression for �, it is convenient to
imagine the wheel as being stationary, in which case the material veloci-
ty vector relative to a cutting point on the wheel surface can be obtained
as the workpiece velocity vector minus the wheel velocity vector. With
reference to Figure 3-3, the radial and tangential components of this rel-
ative velocity vector, vr, and v�, are given at an arbitrary intermediate
position �
 by

(3-28)vr = vw sin u¿

52 Chapter 3
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Figure 3-3 Illustration of infeed angle � of material flow relative to a cutting point on
the wheel periphery.
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and

(3-29)

The infeed angle � is

(3-30)

which combined with Eqs. (3-28) and (3-29) leads to

(3-31)

The plus sign in Eqs. (3-29) and (3-31) is for up-grinding, and the minus sign
for down-grinding. Using the small-angle approximation (sin �
« �
) and
neglecting vw cos�
 compared to vs (vw « vs ), the expression for tan � is sim-
plified to

(3-32)

The maximum infeed angle �max at �
� �, the end of the cutting path for
up-grinding and the beginning for down-grinding, can be obtained in terms
of the grinding parameters by combining Eq. (3-32) with Eqs. (3-2) and 
(3-3):

(3-33)

This relationship was derived for straight surface grinding, but it can be
generalized to also include external and internal cylindrical grinding by
replacing the wheel diameter ds by the equivalent diameter de:

(3-34)

Since � is an extremely smell angle, even much smaller than �
,
its average value half way along the contact length (�
� �/2) can be
written as

(3-35) tan � =
vw

vs
a a
de
b1>2

�

tan � max = 2
vw

vs
a a
de
b1>2

tan � max = 2
vw

vs
a a
ds
b1>2

 tan � =
vwu¿
vs

 tan � =
vw sin u¿

vs ; vw cos u¿

 tan � =
vr
v
u

v
u

= vs ; vw cos u¿
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3.4 MAXIMUM CUTTING DEPTH (UNDEFORMED 
CHIP THICKNESS)

The maximum cutting depth (undeformed chip thickness) taken by a
cutting point is indicated by hm in Figure 3-2. This parameter is often
referred to as the ‘grain depth of cut’, but since one grain may have multi-
ple cutting points (Chapter 4), this name may be misleading. For the ideal-
ized wheel with cutting points equally spaced around the wheel periphery,
an expression for hm can be obtained for the case of a trochoidal cutting
path, and a similar result can be obtained for a parabolic path. However,
such analyses are extremely cumbersome, and the physical interpretation
becomes muddled.

It is sufficient for virtually all grinding conditions to approximate the
cutting path by a circular arc. This assumption implies an intermittent
motion in which the workpiece remains stationary during an individual cut,
and then moves suddenly by the distance before the next cutting point
engages. For straight grinding (Figure 3-2 (a)) the maximum undeformed
chip thickness hm corresponds to the length AC, so that

(3-36)

From the triangle A, where OA is equal to the wheel radius and 00
 is
equal to s, the length O
A can be written as

(3-37)

or since  and � comprise a right angle,

(3-38)

From triangle OAB or Eq. (3-2) 

(3-39)

which combined with Eq. (3-38) leads to

(3-40)O¿A =
ds
2
c1 - a8s

ds
a a
ds
b1>2a1 -

a

ds
b1>2

-
4s2

ds
2 b d

1>2

 cos u = 1 -
2a

ds

O¿A = c ads
2
b2

+ s2 - sdsa1 - cos 2ub1>2 d1>2

O¿A = c ads
2
b2

+ s2 - sds cos j d1>2
OO¿

hm = O¿C - O¿A =
ds
2

- O¿A

OO¿

54 Chapter 3

W
W

W
.C

NCKAV.C
OM



The second of the two terms within the brackets is much less than unity, so
this expression can be further simplified and combined with Eq. (3-36). The
resulting expression for the undeformed chip thickness is

(3-41)

and with a/ds 1,

(3-42)

The analysis can be repeated for external and internal cylindrical
grinding. For external cylindrical grinding (Figure 3-2 (b)) the geometry is
similar to that for straight grinding, except that the wheel axis moves
relative to the workpiece axis along a circular path of radius (ds�dw)/2
about the workpiece center Q. For a feed per cutting point s at the work-
piece surface, the arc length OO
 traveled by the wheel center between
successive cutting-point engagements is

(3-43)

Similarly for internal grinding

(3-44)

Expressions for hm can be derived from Eq. (3-38) for external and internal
cylindrical grinding by substituting the appropriate value of OO
 (Eq. (3-34)
or Eq. (3-44)) in place of s and replacing ‘a’ in Eq. (3-39) by the appropri-
ate value of AE (Eq. (3-6) or Eq. (3-7)). This can be readily shown to be
identical to replacing ds by the equivalent diameter de, as given by Eq. (3-9).
Therefore Eq. (3-2) for the undeformed chip thickness can be rewritten
more generally as

(3-45)

or substituting for s from Eq. (3-10):

(3-46)hm = 2L
vw

vs
a a
ds
b1>2

-
L2

de
a vw

vs
b2

hm = 2sa a
ds
b1>2

-
s2

de

OO¿ = sadw - ds
dw

b

OO¿ = sadw + ds
dw

b

hm = 2sa a
ds
b1>2

-
s2

ds

66

hm = 2sa a
ds
b1>2a1 -

a

ds
b1>2

-
s2

ds
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Again, the equivalent diameter allows for the use of one equation to
describe all three cases.

For this analysis, no distinction is made between up-grinding and
down-grinding, and Eqs. (3-45) and (3-46) would apply in both cases. With
a trochoidal or parabolic cutting path, the chip thickness would be slightly
smaller for up-grinding than for down-grinding, although these differences
are generally insignificant.

The maximum possible value of hm is equal to the wheel depth of cut a.
The limiting condition where hm� a is shown in Figure 3-4 (a) for straight
grinding. From the geometry with a/ds << 1, or from Eq. (3-45), it can be
shown that hm� a when

(3-47)

or substituting for s and (ade)
1/2 from Eqs. (3-10) and (3-8):

(3-48)

In other words, such a condition (hm � a) would arise when the distance
between successive points is at least vs /vw times the geometrical arc length
of contact, at which point the cutting-path length is

(3-49)lk L
3

2
lc =

3

2
1ade21>2

L = a vs
vw
b lc

s = 1ade21>2
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With still-longer values of L, hm would remain the same but lk would
increase up to the point where the successive cuts no longer interact.
This latter condition is shown in Figure 3-4(b) when the path length
becomes

(3-50)

The magnitude of hm in Eq. (3-46) is typically an order of magnitude
smaller than the wheel depth of cut a. In this case, hm << lc, so that the
undeformed chip shape (AF
A
 in Figure 3-2) is very nearly a triangle. For 
hm < a/3 the second term in Eqs. (3-45) and (3-46) for hm can be neglected
with less than 10% error, in which case

(3-51)

or

(3-52)

In order to calculate the undeformed chip thickness, hm, we need
to estimate the spacing, L, between successive cutting points.
Measurements of the wheel topography often provide information on the
numbers of cutting points per unit area, C, as will be seen in Chapter 4,
and we must derive a conversion formula. If the average effective cut-
ting width for each cutting point is denoted by b–c, the number of cutting
points K around any line on the wheel periphery is equal to C times the
area given by the wheel circumference multiplied by the effective cut-
ting width:

(3-53)

But since

(3-54)

then

(3-55)L =
1

Cbc

K =
pds
L

K = C1pdsbc2

hm = 2La vw

vs
b a a
de
b1>2

hm = 2sa a
de
b1>2

lk L 2lc = 21ade21>2
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The effective average width b–c depends on the maximum unde-
formed chip thickness and its cross-sectional shape normal to the cutting
path. For simplicity, the undeformed chip can be modeled as having a rec-
tangular cross-section as seen in Figure 3-5 (a), whose width bc is assumed
to be proportional to the average undeformed chip thickness ha:

(3-56)

For hm << lc the average undeformed chip thickness in this case is half the
maximum value so that

(3-57)

and

(3-58)L =
2

Crhm

bc =
rhm

2

bc = bc = rha
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Figure 3-5 Undeformed chip with (a) rectangular cross-section and (b) triangular
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Substituting this result for L into Eq. (3-52) and solving for hm:

(3-59)

3.5 UNDEFORMED CHIP THICKNESS-CONTINUITY
ANALYSIS

A different approach to calculating the undeformed chip thickness is
based upon making a material balance between the volume of the chips pro-
duced at the cutting points and the overall removal rate. For continuity, the
product of the number of chips generated per unit time and the volume per
chip is equal to the volumetric removal rate, or

(3-60)

where Cbvs is the number of chips per unit time for an overall grinding width
b, Vc is the volume per chip, and avwb is the volumetric removal rate. For the
chip geometry as in Figure 3-5 (a) with hm << lc, the chip volume is obtained
as the product of the average cross-sectional area (habc) and the length lc:

(3-61)

Combining Eqs. (3-60) and (3-61), substituting for bc and lc from Eqs. (3-56),
(3-57) and (3-8), and recalling that ha is half of hm in this case:

(3-62)

which is identical to Eq. (3-59).
The continuity analysis can also be applied to other idealized unde-

formed chip shapes. For example, consider a chip with a triangular cross-
section (Figure 3-5 (b)) instead of a rectangular one. In this case, the
parameter r is the ratio of chip width to thickness at any point along the cut-
ting path. For hm << lc, the volume of the undeformed chip in Figure 3-5(b)
can be approximated, analogous to that of a triangular pyramid, as one-third
times the product of the maximum cross-sectional area (rhm

2/ 2) and the
length lc:

(3-63)Vc =
rhm

2 lc
6

hm = c 4

Cr
a vw

vs
b a a
de
b1/2 d1/2

Vc = habclc

(Cbvs)Vc = avwb

hm = c 4

Cr
a vw

vs
b a a
de
b1>2 d1>2
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Using this expression for the chip volume in Eq. (3-60) and substituting for
lc from Eq. (3-8) leads to

(3-64)

which is of the same form but slightly larger than Eq. (3-62). Since 
Eq. (3-61) would also apply to an undeformed chip with a triangular
cross-section, it can be readily shown by equating Eqs. (3-61) and (3-63)
that the maximum undeformed chip thickness is ��3 times the average
value (hm � ��3ha), instead of twice the average value with the rectangular
undeformed chip cross-section. It will be seen in Chapter 4 that the actual
undeformed chip shape appears to be nearly trapezoidal, which is interme-
diate between rectangular and triangular.

3.6 NON-UNIFORM WHEEL TOPOGRAPHY

For analyzing the cutting path and the undeformed chip geometry in
the previous sections, an idealized grinding wheel was assumed with
cutting points uniformly distributed over the wheel surface. The actual sit-
uation is much more complex, as the cutting points are not equally spaced
apart and do not protrude uniformly (Chapter 4). Therefore, the relation-
ships obtained above for the cutting-path length and undeformed chip
thickness would represent an ‘average’ condition.

The influence of a non-uniform wheel topography is illustrated in
Figure 3-6 for straight grinding. Successive cutting points take depths of
cut a0, a1, and a2, where a2 > a1 > a0, with the wheel center at O0, O1, and
O2, respectively. The corresponding feeds per cutting point are s0 (not
shown), s1, and s2, denoted by the distances O0 O1, and O1 O2, respectively.
Since a0 > a1, the cutting point corresponding to wheel center O1 protrudes
less than the preceding one by the depth �1 such that a1 � a0 � �1. Had both
points been at the same elevation, the undeformed chip thickness could be
approximated by Eq. (3-51) but now it is reduced by �1:

(3-65)

Likewise, hm1 would be bigger by the same amount if the cutting point pro-
truded more than the preceding one. For any cutting point n, the maximum
undeformed chip thickness is

(3-66)hmn = 2snaan- 1

de
b1/2

- dn

hm1 = 2s1a a0

de
b1/2

- d1

hm = c 6

Cr
a vw

vs
b a a
de
b1/2 d1/2
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where �n is positive if the cutting point protrudes less and negative if it pro-
trudes more than the preceding one. If hmn is negative, the prospective cut-
ting point does not cut and can be ignored. This condition prevails when

(3-67)

or using Eqs. (3-10) and (3-34), and noting that an-1 � a:

(3-68)

where Ln is the spacing along the wheel surface from the prospective cut-
ting point to the proceeding active one. Therefore, the number of active
cutting points depends not only on the wheel topography, but also on
the grinding conditions. In this way, a distinction can be made between the
‘static’ cutting-point density or spacing, as determined from direct measure-
ments of the wheel topography, and the ‘dynamic’ cutting-point density or
spacing, which takes into account the kinematics of successive cutting points.

The non-uniform distribution of cutting points on the wheel surface
leads to variation in the size of the undeformed chips. One approach to
studying this effect has been to kinematically simulate the grinding action
on a computer [5-13]. For this purpose, the static grinding wheel topogra-
phy is input to the computer program either as a statistical model of the
cutting-point spacing and protrusion or by the wheel profile itself. From

dn

Ln
7  2a vw

vs
b a a
de
b1/2

= tan emax

dn
sn

7  2aan- 1

de
b1/2
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Figure 3-6 Influence of non-uniform wheel topography on undeformed chip geometry
for straight surface grinding.
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Eq. (3-68) it can be appreciated that an increase in the dimensionless quan-
tity (vw /vs)(a /de)

1/2 will raise the limiting value of �n, thereby allowing
points deeper below the outermost grains to cut. The increased density of
active cutting points reduces their average spacing L so that the mean
value of hm will be influenced to a lesser degree than indicated by Eq. 
(3-52) for the idealized uniform wheel surface. In addition to the size dis-
tribution of hm, other results obtained from computer simulations include
distributions for the active grain spacing, cutting-path length, and cross-sec-
tional cutting area, as well as the ground surface topography and roughness
(see Chapter 10).

The effect of a non-uniform radial distribution of active cutting points
can also be seen using a continuity analysis, similar to that in the previous
section for calculating the undeformed chip thickness [14-16]. For this pur-
pose, it is convenient to assume a power function relationship for the cumu-
lative radial distribution of active (dynamic) cutting points per unit area Cdyn

(3-69)

where C0 and m are constants, and z is the radial distance into the wheel
from the outermost protruding point. The exponent m is a measure of the
steepness of the distribution, a larger value indicating a relatively greater
accumulation of cutting points with radial distance into the wheel. A uni-
form cutting-point distribution would correspond to m � 0, whereas the
condition m > 1 would apply in many actual cases. (Experimental results
for the cumulative distribution of cutting points with radial depth into the
wheel are presented in Chapter 4.) The radial working depth z into the
wheel may be assumed to correspond to the maximum value of hm. Using
this condition and assuming a triangular undeformed chip cross-section
(Figure 3-5 (b)), the mean value of the maximum undeformed chip thick-
ness can be written as [16]

(3-70)

where

(3-71)

and r is the ratio of the undeformed chip width to its thickness as before.
The mean value is defined such that half of the material is removed by cutting

H K (m + 1)1>2 c (m + 1)(m + 2)(m + 3)

6
d1>m

hm = H c 6

C0r
a vw

vs
b a a
de
b1/2 d1/(m+ 2)

Cdyn = C0z
m
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points for which hm exceeds and the other half by cutting points for which
hm is less than . For the uniform distribution (m � 0 and Cdyn � C0 � C),
H � 1 and the relationship for hm reduces to Eq. (3-64). From this analy-
sis, it is again apparent that a steeper cutting-point distribution reduces the
sensitivity of to the quantity (vw /vs)(a/de)

1/2 owing to an increasing
number of cutting points, but the size distribution for hm becomes broader.
According to this model, the relationship between and its maximum
value hmm is [16]

(3-72)

which is also equal to the radial working depth into the wheel surface.
This analysis of the undeformed chip thickness takes into account the

effect of the radial distribution of active cutting points. However, it is
apparent from the kinematic analysis (Eq. (3-70)) that the dynamic cutting-
point density for a given wheel topography should uniquely depend on the
quantity (vw/vs)(a/de)

1/2, which in turn is directly related to the infeed angle
� (section 3.3) rather than the radial distance z. With this in mind, a special
technique was developed to measure Cdyn over a range of infeed angles 
�, as will be seen in Chapter 4 [17]. For numerous wheels and dressing con-
ditions it was found that

(3-73)

where C0 and p are constants for a particular wheel and dressing condition.
Values of the exponent p range from about 0.4 to 0.8. From Eqs. (3-73) and
(3-32), the distribution of active cutting points along the grinding zone is
obtained as

(3-74)

An expression can now be obtained for the undeformed chip thick-
ness with this cutting-point distribution. The continuity condition can be
written as

(3-75)

On the left side of this equation, N is total number of cutting points per unit
width and A–n is the average cross-sectional area swept out by a cutting

NAnvs = vwa

Cdyn = C0a vw

vs
bp(u¿)p

Cdyn = C0( tan �)p

hmn = c (m + 2)(m + 3)

6
d1>2hm

hm

hm

hm

hm
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point, so the product NA–nvs is the volumetric removal rate per unit width. 
N is obtained by integrating Cdyn along the grinding zone:

(3-76)

Assuming a triangular undeformed chip cross-section (Figure 3-5 (b)):

(3-77)

where h–a is the mean value of the average undeformed chip thickness. In
this case, the maximum undeformed chip thickness is ɺ–

3 bigger than the
average (section 3.4) so that

(3-78)

Combining Eqs. (3-75), (3-76) and (3-78) leads to the final result:

(3-79)

With a larger exponent p, the sensitivity of h–m to (vw /vs)(a/de)
1/2 is reduced.

For the uniform distribution ( p � 0 and Cdyn � C0 � C), this relationship
for h–m becomes identical to Eq. (3-64).

Returning to Figure 3-6, it can be seen that all the active cutting
points do not contribute directly to the final surface generated by grinding.
For example, the cutting point corresponding to O2 completely masks the
cutting path of the preceding cutting point corresponding to O1, so that it
leaves no trace on the envelope of the cutting paths defining the ground sur-
face which is generated. It can be shown that the geometric condition for
the nth active cutting to be masked by the successive one is

(3-80)

or using Eq. (3-10):

(3-81)
dn

Ln
-
dn+ 1

Ln+ 1

7 aLn + Ln+ 1

de
b a vw

vs
b2

dn
sn

-
dn+ 1

sn+ 1
7
sn + sn+ 1

de

h
-
m = c3(p + 1)

rC0

d1/2 c2a vw

vs
b a a
de
b1/2 d (1 -p)/2

An =
rhm

2

6

An =
rha

2

2

N = 3
u

0

Cdyn
ds
2
du¿ =

C0ds
2(p + 1)

a vw

vs
bpup+ 1
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with the parameters as defined above. For a given wheel topography, it can
be appreciated from Eq. (3-81) that a bigger speed ratio vw/vs will reduce
the percentage of the active cutting points contributing to the ground sur-
face geometry. Even though an increase in vw/vs, increases the number of
active cutting points, the number of active cutting points actually contribut-
ing to the ground surface geometry will decrease, owing to the stronger
influence of vw/vs in Eq. (3-81) as compared with Eq. (3-68).

Of all the active cutting points, only the outermost ones directly
affect the geometry of the surface generated, and it is apparent that their
cutting paths may be significantly longer than the theoretical path length
for an idealized uniform wheel (Eq. (3-26) or (3-27)). The least protruding
of the active grains further into the wheel surface will have path lengths
which are much shorter than the corresponding theoretical value. With the
uniform wheel surface, all active points cut identical undeformed chips
with a path length essentially identical to the wheel-workpiece contact
length. The differences in path length from point to point due to a more
realistic non-uniform wheel topography suggest a dynamic variability in
the wheel workpiece contact length depending on which active cutting
points are instantaneously engaging the workpiece. Measured values of
the ‘contact length’, using a fine thermocouple embedded in the workpiece
to observe the heat pulse duration of individual cutting points [18] and an
explosive device to suddenly separate the wheel from the workpiece dur-
ing grinding [19], are found to exceed the theoretical value by about 50%,
although the discrepancy may be somewhat bigger with extremely fine
depths of cut. These experimental techniques actually measure only the
longest path lengths generated by the outermost cutting points, so it would
appear that the apparent elongation of the contact length may be attributa-
ble to the non-uniform wheel topography. Another factor contributing to
elongation of the contact length is elastic deformation of the grinding
wheel under the grinding forces, and most attempts to analyze the appar-
ent elongation of the contact length have considered elastic deformation as
the only cause.

3.7 TRAVERSE GRINDING

The grinding operations considered so far were all two dimensional
with wheel and workpiece motions in a common plane. Such operations are
often referred to as ‘plunge grinding’. ‘Traverse grinding’ involves the
addition of crossfeed (traverse) motion of the workpiece relative to the
grinding wheel in a direction perpendicular to the plane of wheel rotation.
This type of grinding would apply to straight and cylindrical operations
analogous to those for plunge grinding (Figure 3-1).
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Traverse grinding is illustrated in Figure 3-7 for external cylindrical
grinding. In this case, a continuous traverse velocity component vt gives a
crossfeed st per revolution of the workpiece:

(3-82)

Essentially the same situation would apply to internal cylindrical grind-
ing. With straight surface grinding, the crossfeed st is usually incre-
mented at the end of the stroke while the wheel is out of contact with the
workpiece.

In the absence of any wheel wear, the total wheel depth of cut a (Fig-
ure 3-7) would be taken by the leading edge of the wheel over a width st.

st =
pdwvt

vw
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Figure 3-7 External cylindrical traverse grinding showing stepped wheel surface due to
progressive wear across wheel width.

W
W

W
.C

NCKAV.C
OM



Provided that st << dw, the process would be very similar to plunge grinding
a width st. Owing to wheel wear, however, part of the depth remains behind to
be removed by a second wheel area of width st adjacent to the first one during
the next workpiece rotation. Wheel wear on this second area leaves behind a
third width st, and so on [20]. Those portions of the wheel closer to the lead-
ing edge cut more material and, therefore, wear more rapidly. This leads to
steps across the wheel width and corner rounding at the leading edge of each
width st, as shown in Figure 3-7. Neglecting corner rounding, the grinding
operation can be likened to plunge grinding operations with decreasing wheel
depths of cut. If the traverse direction is reversed at the end of the crossfeed
path, the same process repeats itself at the opposite edge of the wheel. This
leads to crowning of the wheel, which can cause a form error especially when
grinding to a shoulder.

Plunge grinding is usually preferred to traverse grinding in production,
as it provides for simultaneous grinding over a wider area and is easier to
control. Traverse grinding operations are most often found in workshops and
tool rooms. One notable exception where traverse grinding becomes very
efficient is centerless grinding (Figure 1-1).

3.8 PROFILE (FORM), ANGLE, AND 
HELICAL-GROOVE GRINDING

A common feature of all the preceding grinding operations has been
that the wheel profile across the grinding width has been a straight line par-
allel to the wheel axis, with the wheel axis parallel to the workpiece axis in
cylindrical grinding, or perpendicular to the direction of motion of the
workpiece in surface grinding. In this section, the analysis is extended to
include arbitrary wheel profiles (form grinding) and grinding operations
with the wheel axis rotated relative to that of the workpiece (angle
grinding). Although these operation are more complex, it will be seen that
the same relationships derived for two-dimensional plunge grinding may
also be applied with appropriate geometrical corrections [21].

Consider the case of straight grinding of a flat surface inclined at
angle � with machine downfeed a, as shown by the end view in Figure 3-8.
The geometrical situation in the grinding zone at any point across the grind-
ing width can be appreciated from an inclined projected side view at angle
� of a circular section through the wheel. This is illustrated for a section
where the wheel diameter is ds. In this view, the circular wheel shape is
projected onto a plane which is inclined at angle � to the plane of wheel
rotation such that it is perpendicular to the workpiece surface where the
wheel diameter is equal to ds. Within the plane of the projected view, the
wheel has the shape of an ellipse of major axis ds and minor axis ds cos�.
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For a << ds, a cutting point on the wheel periphery can be considered to
move through the arc length of contact AB at the peripheral wheel veloc-
ity vs, as with straight plunge grinding. At point A, the radius of curva-
ture of the ellipse is ds/2cos�, so the wheel at this point has an ‘effective’
diameter

(3-83)

Within this projected view, the wheel takes an ‘effective’ depth of cut

(3-84)

and the workpiece velocity is vw.

ae = a cos b

dse =
ds

cos b
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The contact length lc, curvature difference �, and maximum unde-
formed chip thickness hm can now be calculated as before with the wheel
diameter and the wheel depth of cut replaced by their effective values. For
the contact length (Eq. (3-8)), this leads to

(3-85)

This result does not depend on the profile angle � and is the same as before
for the two-dimensional case of straight grinding, although lc will vary
across the grinding width insofar as ds is not constant. For the curvature dif-
ference (Eq. (3-22)):

(3-86)

which indicates a reduced value (increased conformity) with bigger profile
angles. For the maximum undeformed chip thickness (Eq. (3-52)):

(3-87)

which is also smaller than in the two-dimensional case. The same influence
of cos� on hm can also be seen from Eq. (3-59) if, in addition to the substi-
tution of effective values for a and ds, a correction is made for the cutting-
point density C. Because of the inclination, the grinding width normal to
the projected view is increased by the factor 1/cos�, and the number of
cutting points is also increased by this same factor.

While the preceding analysis has been developed for grinding of a
flat inclined surface, the same result would also apply to any arbitrary pro-
file shape as illustrated in Figure 3-9. At any point P on the profile, the
angle � would now correspond to the angle between the tangent to the pro-
file shape and the wheel axis. The wheel diameter variation across the profile
may be sufficiently small so that an average value can be used.

The analysis can be readily extended to include cylindrical grinding.
For a projected view at angle �, as in Figure 3-8, both the wheel and the
workpiece would appear as ellipses with their radii of curvature at the
grinding zone both bigger than their circular radii by the factor 1/cos�. The
effective wheel and workpiece diameters are

(3-88)dse =
ds

cos b

hm = 2La vw

vs
b a a cos b

(ds >cos b)
b1>2

= 2La vw

vs
b a a
ds
b cos b

¢ =
4vw

(ds >cos b)vs
= a 4vw

dsvs
b cos b

lc = c1a cos b2a ds
cos b

b d1>2 = 1ads21>2
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and

(3-89)

The effective equivalent diameter would also be bigger by the same factor:

(3-90)

but the effective wheel depth of cut would be proportionally smaller:

(3-91)ae = a cos b

dee =
de

cos b

dwe =
dw

cos b
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Eqs. (3-85), (3-86) and (3-87) would apply to cylindrical external as well
as internal grinding with ds replaced by de.

With angle grinding, the situation becomes slightly more complicated.
For this type of operation, the wheel axis and the work axis are not parallel,
but are turned relative to each other through the angle �. Such operations are
commonly used to simultaneously grind an external cylindrical surface and a
flat shoulder (annulus) as illustrated in Figure 3-10. The infeed direction is
defined by the angle �
. For a wheel depth of cut per workpiece revolution a
in the infeed direction, the effective wheel depth of cut is

(3-92)

at the external cylindrical surface and

(3-93)

at the shoulder.

ae2 = a sin a¿

ae1 = a cos a¿

Grinding Geometry and Kinematics 71

dw2

ds2/2

ds1/2

Work

Wheel

In
fe

ed

WheelAxis

Work

Axis

dw1

Figure 3-10 Illustration of angle grinding.

W
W

W
.C

NCKAV.C
OM



Grinding on the external cylindrical surface can be analyzed, by anal-
ogy with Figure 3-8, in a projected view from the side looking parallel to
the workpiece axis at a projected plane where the wheel diameter is ds1. The
wheel would appear as an ellipse of major axis ds1, and minor axis ds1 cos�,
and the workpiece would appear as a circle of diameter dw1. The radius of
the wheel curvature at its point of contact is ds1 /2cos�, so the effective
equivalent diameter can be approximated from Eq. (3-9) as:

(3-94)

Therefore, the previous equations for lc, � and hm would still apply using
effective values of ae1 and del from Eqs. (3-92) and (3-94). Furthermore, the
variation in wheel diameter ds1, across the grinding width is usually rela-
tively small, such that average values of ds1 and vs can be used to charac-
terize this area.

Grinding on the shoulder resembles straight surface grinding. A pro-
jected view of the wheel section, directly from above (or below) perpendi-
cular to the workpiece axis at the plane where the wheel diameter is ds2,
would appear as an ellipse of major axis ds2 and minor axis ds2 sin�. The
effective equivalent wheel diameter at the ‘point’ of contact with the
straight shoulder would be

(3-95)

Using this value for the equivalent diameter and the effective wheel depth
of cut from Eq. (3-93), the grinding parameters lc, � and hm can be calcu-
lated. As before, it is often sufficient to use average values of ds2 and vs at
the shoulder for these calculations. However, the variation in the workpiece
diameter (dw2 � dw1) may be so big as to necessitate taking into account the
variation in workpiece velocity along the shoulder.

In many angle-grinding operations, the wheel infeed direction is nor-
mal to the wheel axis and 60� to the workpiece axis, such that � � �
� 30o.
Both the undeformed chip thickness and the curvature difference tend to be
much bigger on the external cylindrical surface than on the shoulder,
whereas the cutting-path length on the shoulder is much longer than on the
cylindrical surface.

The same approach used here for profile and angle grinding can be
generally applied to most grinding operations with arbitrary grinding
profiles and orientations between the wheel and workpiece motions. The

de2 =
ds2

sin a

de1 =
ds1> cos a

1 +
ds1> cos a

dw1

=
ds1

cos a +
ds1
dw1
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grinding action is analyzed in a projected plane which is normal to the sur-
face generated and includes the peripheral wheel velocity at the contact
area, which enables estimation of the effective equivalent diameter. The
effective wheel depth of cut in each case is its component normal to the
generated surface, and the effective workpiece velocity is its component
collinear with the wheel velocity in the same (down) or opposite (up) direc-
tion. Another approach would be to analyze the grinding action in a project-
ed plane normal to the wheel surface instead of the workpiece surface,
which leads to essentially the same result. Aside from the assumptions in
the two-dimensional analysis, it has also been tacitly assumed that the
working surface of the grinding wheel does not conform completely to the
generated cutting path such that � � 0 (see section 3.3).

This generalized method is especially helpful for visualizing com-
plex grinding operations as equivalent plunge grinding processes. In many
practical cases, however, quantitative analysis becomes much more tedious
than for profile or angle grinding. As an example, consider the case of
grinding a helical groove in a cylindrical body, as illustrated in Figure 3-11.
In the plan view as shown, the grinding wheel is located above the work-
piece. Practical grinding operations which can be categorized as helical
grinding include thread grinding and flute grinding. In general the grinding
wheel axis is oriented at angle � to the workpiece axis, and the helix angle
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� of the groove is defined at the outer diameter dw of the workpiece.
Relative to the grinding wheel, the workpiece has a circumferential periph-
eral velocity vw and an axial (traverse) velocity vt such that

(3-96)

The pitch corresponds to the traverse cross feed st as given by Eq. (3-82).
The angle � may be set such that the grinding wheel axis is perpendicular
to the helix direction at the workpiece periphery (� � 90� � �), although
a slightly larger angle is often used.

Now to a first approximation, helical-groove grinding would appear
similar to cylindrical external grinding with a profile. Using the concept of
elliptical sections, it can be appreciated that the effective radius of curvature
of the workpiece would become enlarged owing to the influence of both the
rotation of the wheel axis by the angle � and the workpiece profile angle.
However, further complications arise owing to the curvature of the helical
path as seen in the plan view of Figure 3-11, as well as differences in ori-
entation between the plane of the grinding wheel and the groove. This
results in wheel interference and undercutting of the groove profile relative
to the wheel profile, as seen in Section A-A of Figure 3-11. In this section-
al view, the wheel and groove axes coincide only at the point of intersec-
tion between the wheel and workpiece axes in the plan view. Even if the
wheel plan is oriented along the helix angle (� � 90� � �), undercutting will
still occur. The same problem arises in the milling of helical flutes, for which
geometrical methods have been developed to calculate the actual profile gen-
erated or the cutter profile required to obtain a desired flute geometry
[22–25]. A user-friendly interactive computer program has been developed
for design and analysis of helical profile grinding operations [24, 25].

3.9 GRINDING OPERATIONS WITH 
TOTAL CONFORMITY

For grinding operations with total conformity, the grinding wheel
shape corresponds to the cutting-path radius of curvature (� � 0). The
grinding geometry for such operations cannot be analyzed using the results
in the previous section. Examples of such operations include face grinding,
vertical-spindle grinding, and cut-off. The total conformity condition applies
when the grinding wheel maintains constant contact with the surface it is
grinding either because there is no lateral motion between the workpiece and
the wheel axis (face grinding) or because the two approach each other along
the line that is the direction of the cut being made (vertical spindle, cut-off).

 tan f =
vw

vt
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For face grinding, a flat wheel surface generates a flat workpiece surface,
as seen in Figure 3-12. The cutting-path length corresponds to the circular
arc across the workpiece along which the undeformed chip thickness h can
be considered to be constant. Assuming a triangular undeformed chip cross-
section with its geometry defined by the ratio of its width to thickness, as
before, continuity requires that 

(3-97)

where vf is the infeed velocity, Aw is the cross-sectional area of the work-
piece, and rh2/2 is the cross-sectional area of a cutting point. Therefore, the
undeformed chip thickness is

(3-98)

For vertical-spindle grinding with linear workpiece motion (Figure
3-13) and cut-off grinding (Figure 3-14), conformity occurs at the step being
cut laterally into, or the groove being cut through, the workpiece. In vertical-
spindle grinding, the surface generated on the workpiece corresponds to the
circular section on the wheel periphery whose width equals the depth of cut a.
The maximum undeformed chip thickness is obtained at the middle of the ver-
tical step being cut and can be approximated by the feed per cutting point s:

(3-99)hm = s =
vw

vs
L

h = c 2

Cr
a vf

vs
b d1>2

vfAw = CAwa rh
2

2
bvs
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Another expression for hm may be obtained in terms of C and r for a triangu-
lar undeformed chip cross-section by substituting for L from Eq. (3-55) and
noting that b– � rhm ���3:

(3-100)

Because the cutting load is concentrated near the edge of the wheel, the
wheel corner will become rounded and the actual cutting profile will

hm = c23

Cr
a vw

vs
b d1>2
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change. In this case, the flat underside of the wheel becomes more impor-
tant. The geometrical situation for cut-off grinding would be very similar
to that shown for vertical-spindle grinding. With this operation (Figure 3-14),
the infeed velocity vf would be equivalent to the workpiece velocity for
vertical-spindle grinding, and the grinding width on the wheel periphery
would correspond to the wheel depth of cut. The maximum undeformed
chip thickness would be given by Eq. (3-99) or (3-100), with vw replaced
by vf.
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Wheel Truing, Dressing, and Topography

4.1 INTRODUCTION

Grinding is a machining process which utilizes a grinding wheel con-
sisting of abrasive grains held together with a binder material. The actual
cutting points on abrasive grains at the wheel surface are micro-cutting
tools which interact with the workpiece material. The spatial distribution of
abrasive grains over the wheel surface and their morphology comprise the
grinding wheel topography.

With the exception of some heavy-duty and cut-off operations, the
grinding wheel topography and the macroscopic wheel shape are generated
by preparing the wheel prior to grinding and periodically during the course
of grinding. Wheel preparation generally includes truing and dressing.
Truing usually refers to removal of material from the cutting surface of a
grinding wheel so that the spinning wheel runs true with minimum run-out
from its macroscopic shape, although truing may also include profiling of
the wheel to a particular shape. Dressing is the process of conditioning the
wheel surface so as to achieve a certain grinding behavior. With conven-
tional abrasive wheels, both truing and dressing are usually done by the
same process, and the combination is commonly called dressing. With
superabrasive wheels, separate truing and dressing processes may be used.

It was seen in the previous chapter how the wheel topography and
the grinding parameters affect the kinematic interaction between the abra-
sive grains and the workpiece. In subsequent chapters, it will be shown
that the wheel topography and consequently the wheel preparation conditions
have a profound effect on the grinding performance as characterized by
forces, power consumption, temperatures, and surface finish. We should
therefore attempt to understand what happens during wheel preparation, as
this can provide a logical basis for controlling what is perhaps the most
significant as well as the most often neglected factor in grinding.
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4.2 DRESSING OF CONVENTIONAL WHEELS

Grinding wheels containing conventional ceramic abrasives are usu-
ally prepared by feeding a dressing tool across the rotating wheel surface,
as illustrated in Figure 4-1 for a simple grinding wheel with a flat periph-
eral surface. During each pass of the dressing tool across the wheel face, a
layer of depth ad is removed from the radius. This type of dressing motion
is analogous to turning on a lathe. The axial feed (pitch) of the dressing tool
per wheel revolution is called the dressing lead, sd, and is given by

(4-1)

where vd is the crossfeed (traverse) velocity of the dresser across the wheel,
vs is the wheel velocity, and ds is the wheel diameter. Between two and five
dressing passes are usually taken beyond what is required to true the wheel,
although it may be necessary to dress off more wheel material to eliminate
artifacts from previous grinding. As a final step, ‘spark-out’ passes may
also be taken, in which the dressing tool is traversed across the wheel with-
out further incrementing the dressing depth setting. Each successive spark-
out pass removes less wheel material and imparts an increasingly finer wheel
topography.

sd =
pdsvd

vs
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The dressing tool is usually a mounted natural diamond (single point)
or a multipoint tool (cluster, nib, chisel, blade) consisting of one or more
layers of diamonds set or impregnated in a metal binder. Single-point dia-
monds are usually tilted relative to the wheel with a drag angle �d � 10–15°
(Figure 4-1). With continued use, the exposed point on a single-point dia-
mond tool becomes duller, thereby changing the dressed wheel topography
and the subsequent grinding behavior. Eventually it becomes necessary to
discard or reset the diamond to expose a new point. With multipoint dia-
mond tools the grinding performance during the life of the dressing tool
tends to remain more consistent, which is a definite advantage in automated
production. Commonly applied wheel dressing leads sd and radial dressing
depths ad are [l]:

single-point diamond sd 0.2 mm 10 ad 30 �m
multipoint diamond sd 0.5 mm 10 ad 50 �m
multipoint diamond (cluster) sd 2 mm 10 ad 50 �m

Another dressing method which is especially used for generating
profiles is rotary diamond dressing. A rotary diamond dressing tool (roll)
consists of an axisymmetric body with diamond particles impregnated in a
metal matrix or held by an electroplated metal coating on its outer surface.
The dressing roll has the same profile as that required on the workpiece, so
the wheel is dressed with the reverse profile. For most applications, the
dressing roll is driven at a peripheral velocity vr while being fed radially
into the rotating wheel at an infeed velocity vi corresponding to a depth per
wheel revolution ar (Figure 4-2). With this arrangement, the rotary dresser
appears to be ‘grinding’ the cylindrical grinding wheel surface. The peripheral
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dresser velocity vr may be in the same (�) or opposite (�) direction as the
grinding wheel velocity at the dresser-wheel contact area. Typically, the rotary
dresser velocity at its maximum diameter might be 20–50% of the wheel
velocity in the opposite (up) direction, although the dresser is often rotated
in the same direction (down) especially with creep feed grinding at speeds
up to 80% of the grinding wheel velocity. The dresser infeed per wheel rev-
olution is typically ar � 10–30 �m and the total wheel depth removed is
50–200 �m. Prior to retracting the dressing tool, its infeed may be deliber-
ately or unintentionally stopped (dwell), analogous to ‘spark-out’ with single-
point dressing. Rotary dressing may also be applied continually during creep
feed grinding processes, rather than intermittently, in order to maintain the
wheel sharpness and profile shape. Continuous-dress-creep-feed-grinding
(see Chapter 7) is commonly applied to grinding of complex profiles on jet
engine components.

Other less-used profile dressing methods include diamond block
dressing and crush dressing. With diamond block dressing, the rotating
wheel is traversed along a fixed diamond impregnated block having the
required workpiece profile. With crush dressing, the wheel is usually forced
under pressure into a hardened steel or cemented carbide axisymmetric
crush roll mounted on bearings. In order not to grind away the roll, the rota-
tional speed of the wheel during crush dressing is slowed down to only a
few per cent of the normal wheel velocity.

4.3 TRUING AND DRESSING 
OF SUPERABRASIVE WHEELS

Virtually all types of superabrasive wheels undergo pre-grinding
preparation by truing, which may be followed by dressing. An exception
arises in the case of electroplated wheels which may only require occasional
‘cleaning’ or ‘touching up’ with an abrasive stick. While the primary aim in
truing is to produce the required macroscopic wheel shape, flat or profiled,
the truing process also influences the microscopic wheel topography.
Therefore accurate mounting of electroplated wheels with a minimum run-
out of only a few microns is critical.

One popular truing method for diamond wheels utilizes a vitrified
green (friable) silicon carbide ‘grinding’ wheel mounted on a brake-
controlled truing device. The rotating motion of the truing wheel obtained
by direct contact with the diamond grinding wheel is resisted by a centrifugal
brake on the truing wheel spindle, thereby imparting a ‘slip’ velocity
between the truing wheel and grinding wheel. With peripheral grinding
wheels, the truing wheel is operated as if it cylindrically traverse grinds the
grinding wheel (Figure 4-3) with the axes of the dressing wheel and grinding

84 Chapter 4

W
W

W
.C

NCKAV.C
OM



wheel parallel to each other. The same device is also used in a similar way
to true other types of wheels (e.g., cup wheels). A new truing wheel is typ-
ically about 120 mm in diameter, but it rapidly wears down virtually by the
amount of its total infeed into the grinding wheel. The silicon carbide tru-
ing wheel is expendable, since its cost is negligible relative to that of a dia-
mond wheel. The rotational speed of the braked spindle might be
1400–1500 revolutions per minute, corresponding to a peripheral velocity
of about vb � 9 m/s with a new truing wheel, although this will vary accord-
ing to the particular dressing device and the force developed between the
grinding and truing wheels. An additional slip velocity between the grind-
ing and truing wheel surfaces can be obtained by orienting the axis of the
truing wheel such that its peripheral velocity is not collinear with that of the
grinding wheel at their point of contact. This latter concept is sometimes
applied to truing of diamond wheels using a silicon carbide wheel on a
freely rotating shaft without any brake.

With reference to Figure 4-3, typical brake-controlled truing condi-
tions might be ab � 10–20 �m depth increment after each traverse across
the wheel face with a crossfeed velocity vc corresponding to a lead of sb �
0.1–0.2 mm per grinding wheel revolution. This truing process is continued
until it is apparent that the whole surface of the diamond wheel has been in
contact with the truing wheel, at which point the wheel run-out should be
reduced to about 3–5 �m. The radial depth of diamond wheel removed by
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truing in this way is usually comparable to the initial run-out, which nor-
mally should not exceed 10 �m.

Aside from the use of a brake-controlled truing device, silicon
carbide dressing wheels may be used with motor-driven spindles to true
diamond wheels. Essentially the diamond wheel is ground by the silicon
carbide wheel. Some suppliers of superabrasive wheels also true them, prior
to shipment, by grinding. If such a pre-trued wheel is carefully mounted in the
machine, no further truing may be required.

Numerous other truing methods utilizing diamond tools, similar to
those applied to conventional abrasive wheels, have been tried with dia-
mond wheels, but with limited success. Diamond truing of diamond wheels
removes wheel material much faster than silicon carbide truing, but there is
a danger of damaging both the truing tool and wheel. Truing with single-
point and multipoint diamond tools may also necessitate excessive wheel
loss, and the truing tools wear out rapidly. The use of diamond-impregnated
blocks has shown promise, especially for large peripheral wheels which
would require very long truing times with silicon carbide abrasives [2].
Diamond rolls and diamond cup wheels have also been tried, but their high
cost may preclude general application.

Diamond tools are widely used for truing of resin and metal bonded
CBN wheels, although brake-controlled truing with silicon carbide wheels
is also common. CBN is much softer than diamond (Chapter 2), so diamond
truing tools wear much less than with diamond wheels, although the truing
process is still much more difficult than with conventional wheels. Single-
point diamonds are usually not used, except with some small vitrified CBN
wheels for generating profiles. Multipoint diamond clusters (nibs) are more
commonly used, which may be specially manufactured with a steel binder
for added wear resistance. With resin-bonded CBN wheels, the volumetric
wear of the multipoint diamond dresser is typically less than one per cent
of the volumetric wheel removal. However, the cross-sectional area of
these truing tools is only a small fraction of the wheel surface, so a signif-
icant portion of the truing depth is taken up by wear of the dressing tool.
This can make it extremely difficult to accurately true a large grinding
wheel. This problem may be overcome by the use of diamond rolls and dia-
mond cup wheels, which have much larger tool areas and also wear much
less.

After truing, dressing of diamond wheels and resin and metal bonded
CBN wheels is usually accomplished by infeeding a fine-grained vitrified
abrasive stick into the wheel surface either manually or with a holding
device. Silicon carbide sticks are usually used with diamond wheels and alu-
minum oxide sticks with CBN wheels. This process is generally considered
to ‘open up’ the wheel surface and ‘expose’ the abrasive grains by removing
binder, without significantly affecting the abrasive grains themselves. With
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CBN wheels, more aggressive dressing methods are often needed to sharp-
en the abrasive grains which may be flattened down by truing (see section
4.5). The simplest sharpening method consists of grinding a block of mild
steel. Some other methods utilize fine-grained conventional abrasives
applied either in a slurry between a steel dressing roll and the wheel surface,
within a pressurized jet, or impregnated in a wax stick applied to the wheel
surface during grinding [3]. A steel-wire brush mounted on a brake-
controlled truing device in place of the truing wheel has also been found to
sharpen CBN wheels effectively [4].

Vitrified CBN wheels are much easier to true and profile than resin
bonded CBN wheels. This has been an important factor leading to their
widespread adoption in place of conventional aluminum oxide wheels in
production. The preferred method for truing of vitrified CBN wheels uti-
lizes a thin rotating diamond disk as illustrated in Figure 4-4 [5, 6]. The disc
is typically 100–150 mm diameter and 2–3 mm thick with a diamond com-
posite layer on its periphery which is produced by reverse plating, chemi-
cal vapor deposition (CVD), electroplating, or brazing. Analogous to rotary
dressing illustrated in Figure 4-3, the disk dresser is rotated with its periph-
eral velocity vr either in the same direction (�) or opposite direction (�) as
the grinding wheel velocity. The dresser is also given an axial traverse
velocity vd corresponding to a feed (lead) sd per wheel revolution given by
Eq. 4-1, in order to dress off a depth ar from the wheel surface. Typical
dressing conditions use a speed ratio vr /vs in the range of �0.4 to �0.8
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(same direction), a dressing lead sr which is 60–80% of the CBN grain
dimension in the wheel, and a radial dressing depth of 0.5–3 �m. An addi-
tional radial motion with CNC control can be used to generate a profile as
the wheel is traversed. For this purpose, the dressing disk would be manu-
factured with a radius rather than a flat surface on its periphery

4.4 GENERATION OF WHEEL TOPOGRAPHY-
CONVENTIONAL WHEELS

During dressing of conventional wheels with a single-point diamond
tool, the dresser moves across the wheel surface with a lead sd per wheel
revolution while removing a depth ad (Figure 4-5). Therefore, the dressing
tool follows a path which would appear to be cutting a thread on the abra-
sive grains with a pitch (lead) sd, as illustrated in Figure 4-2. For a dressing
diamond with a radius of curvature rd at its tip, the theoretical peak-to-
valley height (roughness) of the thread profile generated on the grain tips
can be written [1]:

(4-2)

provided that , and . According to this equation, a
bigger dressing lead sd and, to a lesser extent, a sharper or more pointed

Rst 66 adrd 77 sd/2

Rts =
ss

2

8rd
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dressing tool (smaller rd) should lead to a rougher (coarser) wheel surface,
but the dressing depth ad should have no influence.

Replication of the dressing lead on a grinding wheel has been clearly
identified from profiles across the surfaces of ground workpieces [7-12].
However, measurements of the size distribution of particles removed from
the wheel by dressing would seem to contradict this concept of thread cut-
ting by dressing, at least for vitreous bonded wheels containing friable
abrasives [13-18]. Generation of the ‘theoretical’ profile in Figure 4-5
would require a ductile flow-type cutting mechanism between the dressing
tool and the wheel, but the abrasive particles removed by dressing appear
to be produced mainly by brittle fracture. Examples of size distributions for
particles removed by single-point dressing are shown in Figure 4-6 in terms
of their cumulative weight distributions obtained by sieving for vitreous-
bonded G, I, and K grade wheels [15]. Also included for comparison is the
particle-size distribution of the original 46 grit monocrystalline aluminum
oxide used in manufacturing these wheels. A higher elevation of the size
distribution curve in this type of graph indicates a coarser particle-size dis-
tribution. It is apparent that the particles removed by dressing are somewhat
finer than the original grain material, and that a harder wheel grade also
gives somewhat finer dressing particles. On the other hand, virtually the
entire weight of material dressed off the wheel consists of particles which
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are much bigger than the dressing depth (ad � 25 �m). Therefore, wheel
material is mostly removed by brittle fracture to a depth below that of the
nominal path of the dressing tool (Figure 4-5).

Because the dressing particles are generally much bigger than the
depth of dressing but smaller than the original grains, it has been postulated
that their removal from the wheel involves a two-step process of grain frac-
ture followed by bond fracture, as schematically illustrated in Figure 4-7 [15].
A harder wheel having more bond material holds the grains more strongly,
thereby resulting in a greater degree of grain fracture (fragmentation) prior
to final dislodgement by bond fracture. This explains why a finer particle-size
distribution is obtained with harder wheels.

The weight fraction of the dressing particles associated with bond
fracture can be estimated by comparing their particle size distribution with
that of the original grain. This calculation is based upon the following
assumptions [14, 15]:

(1) the largest particles are removed by bond fracture; 
(2) there is only one bond fracture per grain;
(3) the weight of a particle or grain is proportional to the cube of its

dimension as measured by sieving;
(4) the bond material is a negligible fraction of the total weight

removed.

For the dressing particle distributions in Figure 4-6, the percentage
bond fracture is 35 by weight for the K wheel, 39 for the I wheel, and 49
for the G wheel, again indicating that less grain fracture occurs with softer
wheels. This same trend has also been observed with other grain sizes.
Finer-grained wheels are also found to undergo less fragmentation (larger
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percentage bond fracture) during dressing, which suggests that finer grains
are tougher [15].

On the basis of the third assumption, the average dimension db of the
particles removed by bond fracture is

(4-3)

where B is the weight fraction of dressing particles removed by bond frac-
ture and dg is the original grain dimension. The dimension db would also
represent the radial depth into the wheel affected by dressing.

We can now proceed to consider how the dressing particle-size distri-
bution relates to the number of active grains on the wheel surface. Let us begin
with an imaginary limiting case of infinitely small particles removed by dress-
ing, as if the wheel surface were very finely polished down. The wheel surface
generated in this case would correspond to that of a random plane or section
through the bulk of the wheel. For simplicity, the grains are approximated as
uniform spheres of diameter dg randomly distributed throughout the wheel
volume. On the average, the expected value of an intersected area Ag through
a sphere is two-thirds the area of a circle though its center, or

(4-4)

The overall area fraction at any random section through the bulk of the
wheel is identical to the volume fraction Vg of grain in the wheel, so that

(4-5)

where G0 is the number of grains intersected per unit area. By combining
Eqs. (4-4) and (4-5), this theoretical packing density (grains/area) G0 can
be expressed in terms of Vg and dg [19]:

(4-6)

As might be expected, G0 is directly proportional to Vg and varies inverse-
ly with dg

2.
The parameter G0 would represent the number of active grains on

the hypothetical finely polished wheel surface. It would also correspond to
the number of grains per unit area for the theoretical uniformly turned
wheel surface (Figure 4-5). However, because many dressing particles are
actually rather large, the number of active grains per unit area of wheel
surface is usually much less than G0. An estimate of the number of active

G0 =
6Vg

pdg
2

Vg = G0Ag

Ag =
pdg

2

6

db = B1/3dg
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grains can be made based upon the concept of ‘unavailability’ due to bond
fracture.

During successive dressing passes with , a typical grain is
reduced in size by the accumulated dressing depth from its initial dimension
dg by grain fracture and deformation down to the dimension db, at which point
it is dislodged by bond fracture. Since the radial working depth into the wheel
(Chapter 3) is generally much smaller than db, a potentially active grain will
become unavailable if bond fracture occurs. For steady-state dressing condi-
tions and assuming that grain unavailability is due only to bond fracture, the
number of grains per unit area remaining available Ga as a fraction of the
theoretical area packing density G0 is equal to the ratio of the accumulated
dressing depth per grain before bond fracture to the grain dimension:

(4-7)

or substituting for db from Eq. (4-3):

(4-8)

Experimental verification of Eq. (4-8) can be seen in Figure 4-8
which covers four grit sizes (30, 46, 80, and 120 mesh) and three wheel
grades (G, I, and K). The number of active grains after dressing in each case
was determined from optical microscopy of the wheel surfaces after taking
only two plunge grinding passes across a steel workpiece [15]. Active
grains were identified using optical microscopy by the presence of adher-
ing metal on their tips (see section 4.6.5). Considering the complexity of
the dressing process and the measuring technique, as well as the simplify-
ing assumptions which were made, the agreement is quite remarkable. For
values of B ranging from 30 to 90%, the corresponding number of active
grains decreases from about 25% of the theoretical packing number down
to only about 5%. With larger values of B, corresponding to the finer grain
sizes, the measured values of B tend to exceed the prediction of Eq. (4-8).
This may be attributed to the finite radial working depth into the wheel
(Chapter 3), which has been neglected in this analysis. With smaller values
of B corresponding to coarser-grained wheels, the measured values of Ga
tend to fall below Eq. (4-8), which might suggest that some grains also
become unavailable by grain fracture.

While bond fracture is mainly responsible for determining how
many potentially active grains remain at the wheel surface, the morphology
of these grains is largely controlled by grain fracture on a much finer scale,

Ga
G0

= 1 - B1>3

Ga
G0

=
dg - db
dg

ad 66 dg
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and even by plastic deformation. Although conventional ceramic grain
materials are brittle, they can still flow plastically during dressing, as can
be seen in the SEM micrograph of Figure 4-9(a). In this case, the dressing
lead and dressing depth were rather small (fine dressing). For coarser
dressing with a much bigger dressing lead and dressing depth (Figure 4-
9(b)), there is much less deformation and the grains appear more fractured.
In general, both grain fracture and plastic deformation play important
roles. With finer dressing, localized plastic flow results in flattening and
smoothing of some grain tips not fractured away. A similar effect is
obtained by the addition of spark-out passes without incrementing the
dressing depth. The pitch of the dressing lead (Eq. (4-1)) is probably con-
tained within the morphology of the small flattened areas (Figure 4-9(a)),
although it is not apparent in these micrographs. Coarser dressing causes
more grain fracture and a sharper wheel.

It will be seen (Chapters 5 and 10) that coarser wheel dressing gen-
erally results in reduced grinding forces and rougher workpiece finishes,
whereas finer dressing leads to bigger forces and smoother finishes. Of the
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Figure 4-9 SEM micrographs of a vitrified aluminum oxide wheel (32A46I8VBE) after
(a) fine dressing and (b) coarse dressing with a single-point diamond [20].
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two single-point dressing parameters, the dressing lead is found to have a
much bigger relative influence than the dressing depth, as judged by grind-
ing performance [20].

This same concept of coarser versus finer dressing is also applicable
to other dressing tools and processes. With multipoint diamond dressing
tools, the dressing lead and depth have a similar influence as with single-
point dressing. With rotary diamond dressing (Figure 4-2), it has been sug-
gested that the relative dressing severity depends on the angle � at which
the diamonds on the dresser surface initially cut into the wheel, which can
be written, following the definitions given in section 4.2, as [21]

(4-9)

A larger angle � tends to favor more fracture and consequently less plastic
deformation of the grain material. Coarser dressing (larger �) is obtained
with a bigger radial infeed velocity and smaller difference between the
wheel velocity vs and dresser velocity vr. At the extreme condition of equal
wheel and dresser velocities in the same direction (vr/vs � � 1), there is
only normal relative motion between the wheel and dresser surfaces (� �
90°), thereby producing a wheel surface which is very rough and very
sharp. A more coarsely dressed wheel using crush dressers or impregnated
diamond dressing blocks is obtained by feeding the wheel more rapidly into
the dressing tool.

Numerous other factors are also likely to affect the dressed wheel
topography or dressing severity. With continued use, a single-point dia-
mond tends to dull at its tip and its average radius becomes bigger, thereby
reducing the localized stresses as it cuts into the abrasive grain. This should
increase the dressing force and the likelihood of bond fracture instead of
grain fracture, thereby leaving fewer active grains at the wheel surface, but
the prevailing effect appears to be a greater degree of wheel dulling due to
plastic flow instead of fracture at the grain tips. This uncontrolled variation
in the grinding behavior may cause difficulties, especially in automated
production.

4.5 GENERATION OF WHEEL 
TOPOGRAPHY - SUPERABRASIVES

While the discussion in the preceding section deals with conventional
abrasive wheels, the same general concepts might also apply to superabra-
sive wheels. Much effort has been directed toward the development of

d = tan- 1
vi

ƒ vs - vr ƒ
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truing and dressing methods for superabrasive wheels, but little has
been reported concerning the mechanisms whereby the wheel topography is
generated.

Brake-controlled truing of resin and metal bonded diamond wheels
with silicon carbide wheels is generally considered to occur by erosion of
bond material to the point that diamond grains fall out. But more severe
dressing conditions, obtained by slowing down the diamond wheel velocity
so as to reduce the ‘slip’ velocity between the grinding and dressing wheels,
result in fracture of the diamond grains and a less open wheel structure [22].
As grinding wheels are normally trued at their full operating speed, whole
grain dislodgement is likely to prevail, at least with the common types of
diamond wheels used for grinding hard and brittle materials. This would
imply a large percentage of bond fracture B, perhaps approaching 100%,
and consequently a very small active grain ratio (Ga/G0 �� 1) according to
Eq. (4-8).

The situation with CBN wheels is very different from diamond
wheels. Brake-controlled truing of resin-bonded CBN wheels with silicon
carbide wheels causes flattening of the grain tips, as if the CBN grains are
being polished down. This can be seen in Figure 4-10 which shows SEM
micrographs of the wheel surface after brake-controlled truing [4]. This
behavior is rather surprising insofar as CBN is almost twice as hard as sili-
con carbide. Many flattened CBN grains are also fractured (Figure 4-10(b)).
Grain dislodgement appears to be a rare event, although it becomes an
important factor during the early stages of subsequent grinding (Chapter 5).
This explains why the number of exposed CBN grains per unit area of
wheel surface after brake-controlled truing has been found to be compara-
ble to the theoretical packing density G0 (Eq. (4-6)). Multipoint diamond
truing of resin-bonded CBN wheels also leads to flattening down of the
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Figure 4-10 SEM micrograph of a resin-bonded CBN wheel (100/120 grit, 75 concen-
tration) after brake-controlled truing [4]. Note grit flattening in (a) and
flattening and fracture in (b).
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grain tips and grain fracture. In this case, however, the ‘polished’ grain tips
are somewhat rougher than with brake-controlled truing.

After truing, dressing of resin and metal bonded diamond and CBN
wheels with abrasive sticks exposes the superabrasive grains by removing
binder, together with metal coating on the grains in the case of resin-
bonded wheels. This dressing process seems to have little or no effect on
the diamond or CBN itself. It is often claimed that stick dressing provides
clearance for chip removal, as well as improved access of the grinding fluid
to the cutting points. It also reduces or eliminates frictional contact between
the binder and the workpiece.

While truing and dressing as described above are usually adequate for
diamond wheels, resin-bonded CBN wheels usually require an additional or
alternative dressing process to sharpen the wheel (section 4.3). An example
of what can be obtained using one of these methods (a wire brush mounted
on a brake-controlled truing device) is seen in Figure 4-11 [4]. A sharpened
wheel cuts much more efficiently with lower forces and power, but the
surface finish is somewhat poorer (see Chapter 10).

With vitreous-bonded CBN wheels, flattening of the grains would
also be likely to occur. However, this is much less of a problem than with
resin-bonded CBN wheels especially with rotary disk dressing using posi-
tive ratios of dresser velocity to wheel velocity. This can be seen in  Figure
4-12 which show the fragmented surface of a CBN grain which was trued
with a diamond disk dresser using a speed ratio of vr/vs � �0.8 [6]. The use
of a bigger (more positive) speed ratio tends to cause more grain fragmen-
tation and a sharper wheel, analogous to what is found with rotary diamond
dressing of conventional abrasive wheels, and this is also reflected in the
grinding behavior (see Chapter 5). A bigger dressing lead and dressing
depth also tend to result in a somewhat sharper CBN wheel, although the
speed ratio has a much greater effect.
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Figure 4-11 SEM micrograph of a grain in a CBN wheel as in Figure 4.10 after
sharpening with a wire brush [4]. Note multiple sharp cutting points.
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4.6 MEASUREMENT OF WHEEL TOPOGRAPHY

Numerous techniques have been developed for the purpose of measur-
ing and characterizing grinding wheel topography. The various approaches to
the problem include: profilometry, imprint methods, scratch methods,
dynamometry methods, thermocouple measurements, and microscopy.
Each measuring technique has its advantages and limitations, according to
such factors as resolution, measuring depth, ease of application, and data
analysis and interpretation. With each new technique, additional insight is
gained into the nature of the grinding wheel surface. No single approach to
the problem provides a complete description of the grinding wheel topog-
raphy in a three-dimensional space.

In the remainder of this chapter, the various techniques for measuring
wheel topography will be described. For the purpose of illustrating and com-
paring some of the methods, results will be cited from a CIRP cooperative
study involving measurements at different research laboratories with the
same wheels dressed in the same way using the same dressing tools [23].

4.6.1 Profilometry methods
Profilometry of wheel surfaces is similar, in principle, to surface rough-

ness measurement. A stylus coupled to a displacement transducer is dragged
over the wheel surface to obtain a profile trace [12, 22-33]. An example of a
wheel profile is shown in Figure 4-13. For computer analysis, the profile is
usually digitized, so some information is invariably lost. Abrasive grains and
cutting points (edges) are identified within the profile according to arbitrarily
defined criteria. For example, a peak in the profile might be counted as a cut-
ting point only if it protrudes by at least 5 �m above adjacent valleys (�h �
5 �m), and cutting points may be defined as belonging to the same grain if
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Figure 4-12 SEM micrograph showing fragmentation of a 80/100 mesh CBN grain in a
vitrified wheel for disk truing with vr/vs � �0.8 [6].
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they are spaced closer than one grain dimension dg. The profile signal can be
stochastically decomposed into a primary component whose wavelength cor-
responds to the average grain spacing, and a secondary component of much
shorter wavelength which might represent the cutting-point spacing [34].

The results obtained from wheel profilometry can be used directly as
the input for simulation of the grinding process, as discussed in Chapter 3.
A radial distribution of cutting points and grains can also be presented as a
plot of the cumulative number of cutting points per unit length along the
wheel versus the radial distance into the wheel. (The inverse of the number
of cutting points per unit length corresponds to the cutting-point spacing L.)
An example is shown in Figure 4-14. In this case C
stat and G
stat, refer to
the static number of cutting points and grains per unit length, respectively.
The dynamic number of cutting points and grains per unit length, C
dyn, and
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Figure 4-13 Profile trace of dressed grinding wheel [23].
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G
dyn, would represent the actual number in each case, taking into account
the kinematic trajectories of successive cutting points for the actual grinding
conditions (see section 3.6.).

There are numerous practical drawbacks and limitations associated
with wheel profilometry. It is apparent that a wheel profile does not present
a three-dimensional picture of the wheel-surface, but is rather intended to
provide a cross-section of the wheel topography. It must also be remem-
bered that the finite thickness of the stylus tip (of the order of 10-20 �m)
introduces lateral thickening of the peaks, since a peak is detected by the
right side of the tip on one side and by the left on the other [23, 25]. The
finite stylus radius, as well as digitizing the data for subsequent analysis
limits the resolution such that the detailed morphology of the sharp edges
and jagged peaks where actual cutting occurs is not fully recorded. Also,
the radial penetration of the stylus into the wheel is limited to about 70 �m,
or less, which is greater than the typical radial working depth into the wheel
but smaller than the dressing-affected depth. Special profilometers have
been developed to provide deeper profile depths, while also avoiding sty-
lus hang-up or sticking in the wheel crevices [36, 37].

4.6.2 Imprint methods
Imprint methods generally consist of replicating or imprinting the

wheel surface on a second body. One of the earliest reported measurements
of wheel topography of this type was the soot-track method, which was
developed to provide a value for the number of cutting points per unit area
(C) to calculate undeformed chip thickness (Eqs. (3-59), (3-62), and (3-64))
[38]. The soot-track method consists of rolling a grinding wheel over a
soot-coated glass slide. Each cutting point is assumed to remove a particle
of soot, so counting the number of points where soot was pulled away pro-
vides an estimate for the number of cutting points per unit area. For the par-
ticular wheel tested (32A46H8VBE), there were found to be approximately
three cutting points per square millimeter. Similar techniques have also
been described using glass coated with dye instead of soot [39] and carbon
paper between the wheel surface and the glass [40].

Another type of imprint method was subsequently developed which
also measures the radial distribution by rolling the wheel surface against a
plastic tapered roller mounted on a freely rotating axis parallel to the wheel
axis [41]. Owing to the taper (1°), the penetration depth of the wheel sur-
face into the softer plastic increases across the wheel width towards the
larger end of the roller. The imprints left behind by contact with the abra-
sive grain tips are recorded by carbon paper against smooth white paper
inserted between the plastic roller and the grinding wheel. The carbon spots
on the white paper are counted, and the results are reported either as a num-
ber per unit area or per unit length.
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It is not clear whether these imprint methods actually measure
grain density, cutting-point density, or perhaps something between the
two. In the cooperative CIRP study involving several laboratories, a
comparison was made of various profilometer (stylus) and taper print
measurements on identical wheels dressed in the same way [23]. The
results in Figure 4-15 show a much lower density with the taper print
method, from which it was concluded that it actually measures the
number of grains (G
stat), not cutting points (C
stat). It is also apparent
that the profilometer (stylus) results from the various laboratories show
a rather large scatter, which may be mostly attributed to the criteria
adopted in analyzing the profile. For example, it is seen in the results
from Lab. 3 (data points not shown) that the cumulative cutting-point
density is significantly higher when counting ‘all’ the peaks detected in
the profile (�h � 0) rather than only those which protrude 5 �m or more
above adjacent valleys (�h � 5 �m).
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4.6.3 Scratch methods
Scratch methods are based upon generating isolated scratches by

straight surface grinding a single pass along a smooth flat workpiece. In order
to obtain isolated scratches, instead of a ground surface consisting of overlap-
ping scratches, the workpiece is moved relatively rapidly past a slowly
turning wheel. Originally, the plane of the workpiece surface was inclined at
a very small angle to the axis of the wheel to give a progressively increasing
penetration depth across the width of the wheel [42], as in the taper print
method, but a major difficulty appears to have been that of determining accu-
rately the extremely small angles (� 0.01°) involved.

A similar scratch method was subsequently introduced, but without the
need for tilting the workpiece [43]. With this latter method, the radial eleva-
tion of each cutting point is geometrically calculated from the length of the
scratch it makes: cutting points protruding further from the wheel make
longer scratches. Examples of the radial cutting-point distributions are shown
in Figure 4-16 for conventional wheels of different grit sizes, and the same
method has also been applied to diamond wheels [44]. This method gives a
very high resolution (� 0.1 �m), but only measures the extreme outer portion
of the wheel to a radial depth of 1-2 �m. The cumulative cutting-point den-
sities in this region appear almost the same for the wheels of 30-, 46-, and 
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80-grit size, and slightly higher for the 120-grit size. These variations may
seem too small, considering the relatively big differences in grain dimension.
However, it should be borne in mind that it is the cumulative number of
cutting points (scratches), not grains, which are given in Figure 4-16. There
are fewer active grains per unit area with coarser-grained wheels, but this
effect is offset by bigger grains each having more cutting points. This
becomes evident by the higher incidence of multiple closely spaced side-by-
side parallel scratches observed with coarser-grained wheels, which often
can be seen to merge together when the scratches are deep enough.

Of the various measuring techniques, the scratch method provides
the most detailed picture of the cross-sectional shape of a cutting point [43].
By measuring the width of an isolated scratch at various distances from one
end, and in turn calculating the scratch depth from the distance, results are
obtained for the width versus depth along the scratch. One example of the
results obtained is shown in Figure 4-17. In this, as well as in numerous
other cases over a range of grit sizes, the cross-sectional scratch shape was
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found to be approximately trapezoidal with typically a base width of 1-3 �m
and a semi-included angle of 55–70°.

4.6.4 Dynamometer and thermocouple methods
Dynamometer and thermocouple methods are based upon dynami-

cally identifying the presence of cutting points during grinding from force
pulses and thermal pulses, respectively. With the dynamometer method,
forces are sensed while grinding an extremely small workpiece mounted in
a high-frequency piezoelectric dynamometer. The grinding area, either a
razor blade edge [45] or a tiny rectangular block [46, 47], is small enough
to enable identification of individual force pulses corresponding to discrete
interactions between abrasive grains and the workpiece. The thermocouple
method works according to a similar principle, with cutting points identi-
fied from heat pulses generated as the abrasive grains interact with the
small area of a thermocouple wire embedded in the workpiece [39, 48-50].

Using the dynamometer method with the razor blade, the force pulses
are measured while grinding along the blade’s length. Essentially, this cor-
responds to straight plunge grinding of a very narrow workpiece whose
width equals the blade thickness (Figure 3-1(a)). With the tiny rectangular
workpiece, the wheel rotating with a peripheral velocity vs is fed down
directly into the rectangular workpiece, which is held stationary under the
wheel, at an infeed velocity vr. The kinematic conditions provide a constant
infeed angle � along the grinding zone, as opposed to plunge grinding along
the razor blade where the infeed angle � varies along the grinding contact
length (Chapter 3). Therefore, the force pulses can be measured as a func-
tion of the infeed angle � (tan � � vf/vs), which was shown in the previous
chapter to be the kinematic parameter which uniquely controls the dynamic
cutting-point density (Cdyn) for a given wheel topography.

Of the two dynamometer methods, measurements using the razor
blade workpiece give a significantly higher cutting-point density than the rec-
tangular workpiece. This may be attributed to differences in working condi-
tions. In Figure 4-18, results for Cdyn obtained in the CIRP cooperative study
using both methods are shown together, as a function of tan � for the rec-
tangular specimen, and corresponding to (vw/vs)(a/de)

1/2 (Eq. (3-35))
for plunge grinding of the razor blade edge [23]. These results suggest that
the much lower values for Cdyn obtained with the rectangular specimen as
compared with the razor blade can be mainly attributed to smaller infeed
angles. With the rectangular specimen, test conditions have been generally
limited to tan � � 20 � 10�6, which is on the low end of typical values of
(vw/vs)(a/de)

1/2 for most production grinding. Flattening of the curve at high-
er values of tan� at Cdyn � 2.2 mm�2 suggests that what is really being meas-
ured is not the number of cutting points per unit area, but rather the number
of active grains per unit area Gdyn. It seems unlikely that multiple cutting

tan �
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points, located more or less side by side on the leading edge of the same
grain, would give force pulses which can be separately distinguished in
these experiments. Furthermore, the value of Cdyn� 2.2 mm�2 would
correspond to the grain density Ga in Eq. (4-8) and Figure 4-8 with 70%
bond fracture during dressing (B � 0.7), which would be a reasonable value
for this wheel.

4.6.5 Microscopic methods
Microscopic methods involve the use of an optical microscope or

scanning electron microscope (SEM) to observe and measure topographic
features of the wheel surface. The simplest method utilizes an optical met-
allurgical microscope with a built-in vertical illuminator [39, 51-55]. For
convenience, the microscope may be mounted directly on the machine,
thereby making it unnecessary to remove the wheel for observation. When
viewing normal to the wheel surface (typical magnification 50–250X),
flattened areas on the grain tips reflect light and appear shiny against a dark
background. These flat areas are initially dressed onto the grains, but it is
only after grinding that they become shiny and easily identifiable owing to
adhering workpiece metal. Such areas are often referred to as ‘wear flats’,
since after dressing they are also associated with attritious wear of the grain
by rubbing (Chapter 5).
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An example of wear flats observed by optical microscopy on a used
grinding wheel is shown in Figure 4-19. For the purpose of measurement
and analysis, a number of sample viewing areas may be randomly selected.
The number of distinct wear-flat areas counted per unit area of viewing
on the wheel surface is sometimes interpreted as the cutting-point density
[39, 40, 51, 53]. On the average, however, there is more than one wear-flat
area per active grain. In order to count the number of active grains per unit
area having wear flats, the focus on the wheel surface may be altered and
side lighting added to observe whether adjacent wear flats belong to the
same or to different grains [55]. The grain density Ga in Figure 4-8 was
measured in this way after having taken one grinding pass.

The average number of cutting points per unit length can be estimat-
ed as the number of wear flats per unit length intersecting a straight line
superposed in the viewing area. The inverse of this parameter is assumed to
correspond to the average spacing between successive cutting points. The
average grain spacing can also be determined in a similar manner.

The fraction of the total viewing area consisting of flattened areas is
called the ‘wear-flat area’ or ‘cutting-edge ratio’. This parameter may be
determined with the aid of a fine grid superposed on the field of view [55].
It will be seen (Chapter 5) that the wear-flat area provides a useful quantita-
tive measure of wheel dullness and is directly related to the grinding forces.

Since the microscopic measurements are made on wheel surfaces after
grinding, the concentration of the cutting points and grain densities and their
spacing represent dynamic values for the grinding conditions which were
used. In distinguishing between static and dynamic conditions (Chapter 3), it
was tacitly assumed in the analysis that successive prospective cutting
points follow precisely the same track, one behind the other. This is not true,
and some degree of overlapping must result depending upon the effective
width of the cutting point or grain. Therefore, the difference between static
and dynamic values might be much less than predicted from the analysis.
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Figure 4-19 Optical micrograph showing shiny wear flats on grain tips.
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Particularly in the case of active abrasive grains, which are relatively wide
and widely spaced apart, the static and dynamic grain density may be very
nearly the same. This could account for the flattering of the curve for Cdyn
with the razor blade method (Figure 4-18) at a value which is reasonably
consistent with that to be expected for Ga (Eq. (4-8)), as mentioned above.
Most production grinding is carried out in this range.

These measurements using optical microscopy are extremely tedious,
as they require counting the number of wear flats and measuring the combined
areas. The measuring process can be automated by using an image processing
system of the type normally used for automated quantitative microscopy [56].
A different approach allowing even for in-process measurement during
grinding is based upon the use of a photoelectric sensor for detection of light
pulses reflected from the wear-flat areas, as illustrated in Figure 4-20 
[57, 58]. Owing to the rather slow response time of such a system, the tech-
nique usually provides more reliable results if it is applied post-process to a
slowly rotating wheel rather than in-process to the rapidly spinning wheel.

The use of optical microscopy has also been applied in different ways.
By viewing tangentially to the wheel surface at its periphery, it is possible to
count abrasive grains and observe their profiles [53]. The radial distribution
of abrasive grain tips can also be measured by viewing at a glancing angle
to the wheel surface as illustrated in Figure 4-21 [43, 59]. While looking
through the microscope, the wheel is very slowly rotated by hand until some
point on a grain tip comes into sharp focus. Since the depth of focus is very
shallow, all the grain tips can be considered to come into focus within the
same vertical focal plane. The height h above a reference point where a grain
tip comes into focus is measured, from which its relative radial distance z
into the wheel is calculated. The resolution and maximum radial depth
depend on the viewing angle �, which is analogous to the infeed angle � (see
Figure 3-3). With a smaller viewing angle �, the resolution is finer but the
radial measuring depth is less because grains can be hidden from the field of
view. With a viewing angle of � � 40°, the radial distribution of abrasive
grain tips can be measured to a depth of approximately 1 mm.
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Figure 4-22 Effect of grain dimension on areal packing density for electroplated CBN
wheels [62].

More recently, optical microscopy has also been used to measure the
packing density and grain tip height distribution on electroplated single-layer
diamond and CBN wheels [60-62]. The effect of grain dimension on the areal
packing density for CBN wheels is shown in Figure 4-22 for grain sizes rang-
ing from 60 mesh (262 �m) to 270 mesh (52 �m). The number of grains per
unit area decreases with grain dimension, but the dependence is less than
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would be expected if this effect were due only to the grain size. The packing
is relatively tighter with coarser grains. Assuming a simple square packing
arrangement, the data in Figure 4-22 indicate a mean grain spacing of approx-
imately 1.3 times the grain dimension for the finest 54 �m micron grain size
and 1.1 times the grain dimension for the coarsest 262 �m grain size.

The height distributions of the grain tips on these same electroplated
superabrasive wheels were measured using optical microscopy as illustrated
in Figure 4-23. Viewing normal to the wheel surface, the heights where
grain tips come into focus were measured relative to the nickel binder
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surface with the vertical micrometer in the microscope. Also included in
this figure is an example showing measurements for a new 180 mesh elec-
troplated CBN wheel. For this and other new CBN electroplated wheels
with grain sizes ranging from 60 mesh (262 �m) to 270 mesh (50 �m), the
height distributions were found to be normally distributed with a mean in
each case of approximately half the grain dimension, a standard deviation
one-sixth of the grain dimension, and maximum grain tip protrusion
approximately equal to the grain dimension. Those grains protruding the
most would be most weakly held in the nickel bond and be most likely to
dislodge during subsequent grinding.

Scanning electron microscopy (SEM) is a powerful tool for observing
the morphology of abrasive grains  insofar as it provides for both high mag-
nification and large depth of field. For this purpose, special wheels may be
used with removable segments which are small enough to fit into the SEM
chamber, or sections can be cut from a used wheel [53, 63-65]. Another pos-
sibility is to make a replica of the wheel surface [66], although this may be
complicated by porosity at the wheel surface. The wheel topography can also
be quantitatively described by topographical contour maps obtained from
stereographic SEM photomicrographs of the wheel surface [67]. By compar-
ing the contour maps with the corresponding SEM photographs, it appears
that this method actually measures the radial distribution of grain tips. Much
of the fine structural detail of the abrasive grain is lost in the mapping owing
to the finite height differential (10 �m) between elevation contours.
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Grinding Mechanisms

5.1 INTRODUCTION

Material removal during grinding occurs as abrasive grains interact
with the workpiece. The penetration depths of the cutting points into the
material being ground depend upon the topography of the wheel surface
and the geometry and kinematic motions of the wheel and workpiece.
These aspects of the grinding process were discussed in Chapters 3 and 4.
The present chapter is concerned with what happens as abrasive grains
interact with the workpiece.

A number of diverse methods can be used for gathering evidence to
identify the mechanisms of abrasive-workpiece interactions. One possibil-
ity is to examine the grinding debris (swarf) produced by the process in
order to theorize how it could have been produced. For this purpose, the
scanning electron microscope (SEM) is an invaluable tool. Another
approach is to measure the forces or power requirements of the process
over a range of conditions. A fundamental parameter derived from these
measurements is the specific grinding energy, which is defined as the energy
expended per unit volume of material removal. The significance of this
parameter lies in the fact that any proposed mechanism of abrasive-workpiece
interaction must satisfy an energy balance which can account for the
magnitude of the specific energy and its dependence on the processing
conditions. A more direct observation of abrasive-workpiece interactions
can be obtained from cutting experiments with single abrasive grains or
with cutting tools shaped like grains. Of course, such results are valid only
insofar as the cutting conditions accurately simulate those of abrasive grits
in the grinding wheel.
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5.2 GRINDING DEBRIS (SWARF)

For grinding of metals, it has been generally assumed that material
removal occurs by a shearing process of chip formation, similar to that found
with other machining methods such as turning or milling [1]. This idea was
first suggested more than 90 years ago [2], and optical microscopy of grind-
ing debris (swarf) more than 50 years ago revealed chip-like shapes [3-5].

With the advent of the electron microscope, the similarity between
grinding chips and larger-scale metal-cutting chips became much more
apparent [6-8]. A scanning electron micrograph of the swarf recovered after
grinding a plain carbon steel is shown in Figure 5-1(a). Mostly curled chips
are found, very much like those produced by turning or milling, although
somewhat irregular in size and shape owing to the variability in cutting-
point shape and penetration depth. These chips have a fine lamella struc-
ture, similar to what is generally found with other machining chips.
Lamella formation during chip formation has been attributed to a thermal
instability, whereby the shear resistance of the material decreases due to
localized heating caused by intense plastic deformation [9]. At higher mag-
nification in Figure 5-1(b), the lamella spacing can be estimated to be about
0.5 �m, which is somewhat finer than on chips produced by turning. The
difference may be attributed to the typical rake angle being much more
negative in grinding, as will be discussed later in this chapter. Another fac-
tor may be the much higher velocities and strain rates in grinding, which
would result in the deformation during chip formation being more nearly
adiabatic.

Two other types of particles found in the grinding swarf (Figure 5-1(a))
are short segmental blocky chips and spheres. Blocky-chip formation may
occur by an extrusion-like bulging process with extreme negative rake
angles [10]. This process is essentially one of plastic compression and
bulging-up in front of the cutting edge in the cutting direction, together
with shearing similar to that normally associated with chip formation.

An example of a spherical grinding particle is shown at higher mag-
nification in Figure 5-1(c). It appears to be hollow and to have an extreme-
ly fine dendritic microstructure, which would indicate that it was once
molten and solidified rapidly. Melting does not necessarily occur during
grinding, but only afterwards by exothermic reaction of small hot chips
with oxygen in the atmosphere. The round and hollow shape is a conse-
quence of surface tension effects acting on the molten curled chip.
Oxidation of grinding chips as they are emitted from the wheel is also
responsible for the spark stream, which is actually glowing chips. Sparks
are not observed when grinding in an oxygen-free environment. The color
and intensity of the sparks depend on the particular workpiece material
being ground.
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Figure 5-1 SEM micrographs of grinding debris from an AISI 1065 steel workpiece [1, 8].
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5.3 GRINDING FORCES, POWER,
AND SPECIFIC ENERGY

Forces are developed between the wheel and the workpiece owing to
the grinding action. For plunge grinding operations, as illustrated in Figure
5-2 for straight surface and external cylindrical grinding, the total force
vector exerted by the workpiece against the wheel can be separated into a
tangential component Ft and a normal component Fn. For shallow cut sur-
face grinding with small depths of cut, the tangential force component is
oriented very close to the horizontal direction and the normal force very
close to the vertical direction, as shown in Figure 5-2 (a), because the line
of action of the total force between the wheel and the workpiece are very
close to the location on the wheel periphery directly below the wheel axis.
However this ‘approximation’ may not apply with large depths of cut, such
as typical of creep feed grinding, since the force line of action would be fur-
ther moved along the contact length [11]. For grinding with non-symmetrical
profiles or with traverse, there would also be an additional force component
in a direction parallel to the wheel axis.

The grinding power P associated with the force components in
Figure 5-2 can be written as

(5-1)

The plus sign is for up-grinding with the wheel and workpiece velocities vs
and vw in opposite directions at the grinding zone as in Figure 5-2, and the
minus sign is for down grinding with both velocities in the same direction.
Since vw is usually much smaller than vs, the total power can be simplified
to

(5-2)

This relationship is sufficient for most grinding situations. Additional
power components associated with feed and traverse velocities are usually
negligible.

A fundamental parameter derived from the power and machining
conditions is the specific energy, which is defined as the energy per unit
volume of material removal. (This parameter is identical to the specific
power, which is the power per unit volumetric removal rate.) The specific
grinding energy is obtained from the relationship

(5-3)u =
P

Qw

P = Ftvs

P = Ft(vs ; vw)

118 Chapter 5

W
W

W
.C

NCKAV.C
OM



The numerator is the power (Eq. (5-2)), and the denominator Qw is the
volumetric removal rate given in terms of the grinding parameters in
Figure 5-2 as:

(5-4)Qw = vwab = pdwvfb
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Figure 5-2 Illustration of force components for plunge grinding. 

W
W

W
.C

NCKAV.C
OM



where b is the grinding width. From a fundamental perspective, the partic-
ular significance of the specific energy lies in the fact that any plausible
mechanism of abrasive-metal interaction must be able to account for its
magnitude and its dependence on the process parameters. The specific
energy is also useful for estimating machine power requirements. 

5.4 GRINDING MECHANISMS:
CONVENTIONAL ABRASIVES

5.4.1 Size effect and energy considerations
Systematic measurements of grinding forces and specific energies in

the early 1950s [12, 13] showed that the specific energies for grinding were
much larger than for other metal-cutting operations. Furthermore, larger
specific energies were found when the process parameters were adjusted
so as to reduce the undeformed chip thickness, i.e., decrease vw or a in
Figure 5-2.

At the time of these studies, the classic model of chip formation for-
mulated in 1945 [14] was beginning to be extensively applied to various
metal-cutting processes. According to this model, chip formation occurs by
an intense shearing process in an extremely thin zone followed by friction
as the chip slides over the tool rake face. Typically, shearing accounts for
about 75% of the total chip formation energy, and chip-tool friction the
remaining 25%. Although many other secondary effects have been
observed over the years, this same model is still considered to present a rea-
sonably accurate description of chip formation.

As with other metal-cutting processes, an attempt was made to inter-
pret the grinding forces in terms of this chip-formation model [13]. By
invoking plausible assumptions for the typical cutting-point geometry, esti-
mates of the shear stress for plastic deformation during chip formation were
obtained. However, these calculated shear stresses greatly exceeded the
known flow stress of the metal being ground. Moreover, larger shear stress-
es were generally obtained with finer grinding conditions, i.e., those giving
smaller undeformed chip thicknesses corresponding to the higher specific
energies found for this mode of grinding.

In order to account for these anomalous results, a ‘size effect’ theory
was proposed, which attributes the apparent increase in flow stress with
smaller undeformed chip thickness to a greater likelihood of shearing small
volumes of metal free of strength-impairing dislocations. However, the
application of dislocation theory to metal cutting predicts extremely high
dislocation densities in the shear zone [15], and this has been experimental-
ly verified by transmission electron microscopy of fine grinding chips [7].
This would seem to cast serious doubt on the ‘size effect’ theory. 
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Perhaps a more disturbing factor in applying the classic model of
chip formation to grinding is found in the magnitude of the specific grind-
ing energy. Virtually all the energy expended by grinding is converted to
heat. Since the chip-formation process in grinding is extremely rapid,
owing to the high cutting velocities and large strains, the process should be
nearly adiabatic, which means that there is not sufficient time for any sig-
nificant amount of the heat generated by plastic flow to be conducted away
during deformation. Under adiabatic conditions, the plastic energy input
per unit volume should be limited by the energy it takes to bring a unit vol-
ume of material from its ambient condition to its molten state. The melting
energy per unit volume can be evaluated for metals from handbook data as
the enthalpy difference between the liquid state at the melting point and
ambient (room) temperature [16]. For iron, the melting energy per unit vol-
ume is 10.5 J/mm3 and this value is generally representative of steels.
Specific energies for production grinding of steels are bigger, typically
ranging from 20 to 60 J/mm3

, and much larger values are not uncommon
especially in fine grinding. It seems inconceivable that the plastic deforma-
tion energy associated with chip formation in grinding can be so much big-
ger than its melting energy.

5.4.2 Sliding forces and energy
Even though metal remova1 occurs mostly by chip formation, as

seen from the swarf (Figure 5-1(a)), it would seem that much of the grind-
ing energy must be expended by mechanisms other than chip formation.
One such mechanism may involve the sliding of dulled flattened tips of
the abrasive grains against the workpiece surface without removing any
material [17]. Such ‘wear flats’ are generated by dressing prior to grind-
ing as described in Chapter 4 (Figure 4-9). During grinding, the wear flats
may become glazed and further enlarged through attritious wear and
adhesion of metal particles from the workpiece (Figure 4-19). An isolat-
ed wear-flat area with adhering metal is seen in Figure 5-3, together with
some grinding chips attached to its leading edge [18]. The growth of wear
flats is offset, to a greater or lesser degree, by ‘self-sharpening’ due to
bulk wear of the wheel, whereby some flats are wholly or partially
removed by grit fracture or grit dislodgement from the binder (see
Chapter 11).

The presence of the wear flats, with their characteristic striated mark-
ings in the grinding direction, indicates that part of the energy expended by
grinding is due to their sliding against the workpiece. A direct relationship
has been obtained between the grinding forces and the degree of wheel
dullness as expressed in terms of the percentage of the wheel surface con-
sisting of wear flats. (Wear-flat area measurement is described in Chapter 4.)
With fixed machine settings, the normal and tangential forces Fn and Ft
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increase with wear-flat area A, as seen in Figure 5-4. For a particular work-
piece material, measured differences in forces and wear-flat area were
obtained by changing the wheel grade, the dressing conditions, and the
accumulated metal removed. With steel workpieces (Figure 5-4 (a)), the
forces increase linearly with wear-flat area up to a critical point, beyond
which the slopes become steeper and workpiece burn occurs (see Chapter 6).
Linear relationships without discontinuities are obtained with many non-
ferrous metals (Figure 5-4 (b)).

On the basis of the results in Figure 5-4 and other similar findings, it
was proposed that the grinding forces, and hence the specific energy, can
be considered to consist of cutting and sliding components [17]. The forces
shown at the intercepts in Figure 5-4 (A � 0) are associated with cutting,
and the additional forces in excess of the intercept values are associated
with sliding, so that

(5-5)

and

(5-6)Fn = Fn,c + Fn, sl

Ft = Ft,c + Ft, sl
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Figure 5-3 SEM micrograph of a wear flat with metal grinding chips adhering to its
leading edge. AISI 52100 steel workpiece, 32A46K6VBE wheel.
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where Ft,c and Fn,c are the tangential and normal forces for cutting, and Ft,sl
and Fn,sl are those for sliding. The situation envisioned at a typical abrasive
grain is illustrated in Figure 5-5.

The proportional relationship between the sliding forces and wear-
flat area, only up to the discontinuities for steels (e.g. Figure 5-4 (a)),
implies a constant average contact stress and friction coefficient �
between the wear flats and the workpiece. Therefore, the forces in Eqs. (5-5)
and (5-6) can be expressed as

(5-7)

and

(5-8)Fn = Fn,c + pAa

Ft = Ft,c + mpAa

p

W
W

W
.C

NCKAV.C
OM



where Aa is the actual area of contact between the wear flats and the work-
piece. The area Aa is obtained by multiplying the grinding zone area, which
is the arc length of contact lc multiplied by the grinding width b, by the frac-
tion A of the wheel surface which consists of wear flats:

(5-9)Aa = blcA
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Figure 5-4 Tangential and normal force components, Ft and Fn , for straight surface
plunge grinding of (a) two steels and (b) three non-ferrous metals: with
vitrified aluminum oxide (32A46) wheels, Grinding conditions: vs � 30 m/s,
ds � 200 mm, vw � 4.6 m/min, a � 25 �m, b � 6.4 mm.
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or substituting for lc from Eq. (3.8):

(5-10)

where de is the equivalent diameter (Eq. (3-9)) and a is the wheel depth of
cut. Combining Eqs. (5-7), (5-8), and (5-10) leads to

(5-11)

and

(5-12)

Within the framework of this model, the magnitudes of � and ,
which characterize the contact process between the wear flats and the
workpiece, can be evaluated. Combining Eqs. (5-7) and (5-8), we can
show that

(5-13)

For given grinding conditions, Ft,c and Fn,c are constant, so a graph of Fn
versus Ft should yield a straight line of slope ��1. An example of this
behavior is shown in Figure 5-6 for grinding a plain carbon steel [19]. The
big variation in forces shown here was obtained only by varying the dressing

Fn =
1
m
Ft +

mFn, c - Ft,c
m

p

Fn = Fn, c + pAa(dea)1>2A

Ft = Ft, c + mpb(dea)1>2A

Aa = b(dea)1>2A

Grinding Mechanisms 125

Grain

Chip

vw Workpiece

Wear flat
vs

Figure 5-5 Illustration of an abrasive grain cutting a chip with its dulled wear flat
sliding against the newly generated surface. 

W
W

W
.C

NCKAV.C
OM



parameters. Finer dressing results in larger wear-flat areas, and so the forces
are also larger. The initial slope up to the discontinuity implies a friction
coefficient of . Beyond the discontinuity, workpiece burn occurs
and the slope changes. Straight-line relationships such as these can also be
drawn for the results in Figure 5-4.

The average contact pressure between the wear flats and the work-
piece can be obtained by differentiating Eq. (5-12) with respect to A, and
solving for :

(5-14)

From the experimental evidence available, it appears that the contact
pressure increases with the magnitude of the curvature difference � (seep

p =
dFn>dA
b(dea)

1>2

p

p

m L 0.4
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Eq. (3-22)), as seen for example in Figure 5-7 [20]. With a bigger misfit or
curvature difference between the wheel surface and the cutting path, the
pressure needed to maintain contact between the wear flats and the work-
piece is bigger, which would seem to make physical sense. It has also been
found that materials having a higher hot hardness develop bigger contact
pressures [17]. 

The sliding energy concept enables us to account quantitatively for the
influence of wheel grade and dressing conditions on grinding forces. With
harder-grade wheels and finer dressing, the wear-flat area is larger and so the
sliding forces are proportionally larger. (The influence of wheel grade and
dressing conditions on wheel dullness is discussed in Chapter 4.) Similarly,
the effect of grinding fluids on the grinding forces can also be traced mainly
to their influence on wear-flat area, as will be seen in Chapter 11. 

5.4.3 Plowing and chip-formation energies
The specific energy for cutting, which is that portion of the specific

grinding energy remaining after subtracting the contribution due to sliding,
can now be calculated from the relationship
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(5-15)

The numerator is the power associated with cutting, and the denominator is
the volumetric removal rate (Eq. (5-4)). The tangential cutting force Ft,c is
equivalent to that of a perfectly sharp wheel (A � 0). In Figure 5-8, results
are shown for the specific cutting energy versus the removal rate per unit
width for grinding of a high-carbon steel [20-22]. All the results, even with
different sizes of abrasive grains from 30 to 120 grit, fall on the same curve.
At slow removal rates, the specific cutting energy is extremely big, but it
decreases at faster removal rates tending towards a minimum value of
approximately 13.8 J/mm3 in the limit.

To obtain results such as those of Figure 5-8 entails a long and
tedious experimental procedure. For each data point, it is necessary to
develop a force versus wear-flat area relationship, as in Figure 5-4, in order
to identify the tangential cutting-force component Ft,c. For this reason,
values of uc at different removal rates have been obtained for only one

uc =
Ft,cvs
bvwa
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workpiece material. However, tests have been performed at one removal
rate (vwa � 1 mm2/s) on diverse steels, ranging from a low-carbon steel to
a hardened high-speed tool steel, and the specific cutting energies were all
found to be nearly identical (uc � 40 J/mm3) [17]. This result is rather
surprising, in view of the vast differences in workpiece hardnesses.

Even after subtracting the sliding energy, it is apparent from Figure
5-8 that there is still a ‘size effect’. At slower removal rates, corresponding
to finer undeformed chip thicknesses, the specific cutting energy becomes
extremely large, and its magnitude cannot be reconciled with the classic
chip-formation model. This would suggest that only part of the specific cut-
ting energy is actually associated with chip formation, in which case there
must be at least one other mechanism to account for the remaining energy.

Another mechanism associated with abrasive processes is plowing.
Plowing energy is expended by deformation of workpiece material without
removal. Plowing is usually associated with side flow of material from the
cutting path into ridges, but it can also include plastic deformation of the
material passing under the cutting edge [23].

Plowing deformation occurs as the abrasive initially cuts into the
workpiece, as illustrated in Figure 5-9 [10, 20, 21, 24-27]. As the cutting
point on the abrasive grain passes through the grinding zone, its depth of cut
increases from zero to a maximum value hm at the end of the cut. Initially
the grit makes elastic contact, which is assumed to make a negligible contri-
bution to the total energy and is not shown, followed by plastic deformation
(plowing) of the workpiece. On the average, chip formation commences
only after the cutting point has penetrated to some critical depth of cut h
.
Factors which can affect the magnitude of h
 include the sharpness of the
cutting edge, its orientation, its rake angle, and the friction coefficient.

Even after chip formation begins, plowing may still persist, with
some of the material from the cutting path being pushed aside into ridges
rather than being removed as chips. This latter type of plowing has been
extensively investigated, mostly by cutting experiments at fixed depths of
cut with triangular-based or square-based pyramidal tools (Figure 5-10) to
simulate abrasive cutting points [6, 28-33]. The tool is set orthogonally
(Figure 5-10(a)) with one face perpendicular to the cutting direction, or
obliquely (Figure 5-10(b)) with an edge between two adjacent faces at the
front. The orientation of a tilted orthogonal tool is defined by an attack
angle � (Figure 5-10 (a)), corresponding to a rake angle �:

(5-16)

For as shown in Figure 5-10 (a), � is negative.
For orthogonal cutting tests with triangular-based pyramidal tools, a

critical rake angle has been found, below which sideflow plowing occurs

b 6 90°

a = b - 90°
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and above which chip formation occurs [6, 28-30]. Subsequently, this
transition was found to occur within a narrow range of rake angles, where
both plowing and chip formation occur simultaneously [6, 30]. The material
removed in this transition region resembles the blocky particles in Figure
5-1(a). Oblique tool orientations should increase the tendency for sideflow
plowing.

Of the two types of plowing, hereafter referred to as critical-depth-
controlled (Figure 5-9) and critical-rake-angle-controlled, only the former
can account for the observed ‘size effect’. One possible reason why the
critical rake angle may not apply, at least with dressed conventional
abrasive wheels, is because the cutting points are not shaped like pyramids.
A typical active grit can have multiple cutting points, more or less side by
side at its leading edge [34]. As seen in Figure 5-3, chip widths appear to
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be considerably narrower than the plateau dimension across the width of a
dressed and worn grit. In order for material to be plowed aside, it would
have to flow around the whole extent of the grit plateau. This would be very
unlikely except perhaps with cutting points towards the side of the grit.
Furthermore, the cross-sections of the cutting points tend to be more nearly
trapezoidal (Figure 4-17) rather than triangular, which would also decrease
the tendency for sideflow.

Critical-depth-controlled plowing can account for the observed ‘size
effect’. From Figure 5-9 and the undeformed chip geometry (Chapter 3), it
can readily be shown that an increase in either vw or a will enlarge the unde-
formed chip volume, so that the relative amount of material plowed aside
before reaching h
 decreases relative to that provided afterwards by chip
formation [20]. Relatively less plowing at higher removal rates would
decrease the specific plowing energy (Figure 5-8). In the limit, the specific
plowing energy upl approaches zero, and the minimum specific cutting
energy corresponds to the specific energy for chip formation uch, which is
assumed to be constant. The results in Figure 5-8 imply a specific chip-
formation energy of uch � 13.8 J/mm3, and an inverse relationship between
the specific plowing energy and removal rate with a constant tangential
plowing force per unit width of F
t,pl � 1 N/mm.

Following this same line of reasoning, the use of down-grinding in
place of up-grinding should reduce or even eliminate initial plowing, since
each cutting point would now initially engage the workpiece at its maximum
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depth of cut. This can explain why the forces in down-grinding are usually
slightly smaller than in up-grinding. However, the measured force differ-
ences appear to be somewhat less than the plowing force components, which
would indicate that some plowing still persists.

In summary, the total specific grinding energy can be considered to
consist of chip formation, plowing, and sliding components:

(5-17)

Only the specific chip-formation energy is actually expended by material
removal and, as such, is the minimum grinding energy required. For the
results in Figure 5-8, the specific chip-formation energy uch � 13.8 J/mm3

is still much bigger than the specific energy in larger-scale metal-cutting
operations. Furthermore, unlike the energy or load requirements in other
metal-working processes, the minimum specific grinding energy is insensi-
tive to alloying and heat treatment. For example, a hot-worked steel
requires nearly the same minimum grinding energy as a hardened alloy
steel or even a hardened high-speed tool steel.

In order to explain the anomalous behavior in grinding, it is of
interest to compare the magnitude of the minimum specific energy with
the melting energy of the metal being ground. Since about 75% of the
chip-formation energy is typically associated with shearing, and the
remaining 25% with chip-tool friction, this would imply a specific ener-
gy for shearing of about 10.4 J/mm3, which is virtually identical to the
melting energy per unit volume for iron. This equality may be attributed
to the large deformations and nearly adiabatic conditions which prevail
during chip formation in grinding, as mentioned previously. Cutting
points on abrasive grains have extremely large negative rake angles,
which have been estimated to be about �60° or even more negative 
[34, 35]. For such large negative rake angles, classic chip-formation theory
predicts extremely large shear strains. This behavior has been experimen-
tally verified for negative rake orthogonal cutting to simulate grinding
[36]. Such large strains are obtained at extremely high cutting velocities
so that the plastic deformation is virtually adiabatic. For adiabatic defor-
mation to large strains, the plastic deformation energy should not exceed
the melting energy of the workpiece material. This is schematically illus-
trated in Figure 5-11, where a hypothetical stress-strain curve is shown
for adiabatic shear. The area under the curve is the plastic work per unit
volume, which is virtually all converted to heat. Initial strain hardening is
followed by strain softening at an increasing rate, with the plastic shear
resistance dropping towards zero as the melting point is neared.
Therefore, the total limiting area under the stress-strain curve is equal to
the melting energy per unit volume. This does not imply that melting

u = uch + upl + usl
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occurs, but only that the shear energy during chip formation approaches
the melting energy limit. Owing to the decreasing shear resistance of the
material as the melting energy is approached, it seems unlikely that melt-
ing will actually occur. 

This correlation between grinding and melting energies is not lim-
ited to steels, as can be seen in Figure 5-12 which presents experimental
results for the minimum specific grinding energy versus the specific
melting energy for a wide range of metals [8, 21, 37]. These experiments
were conducted with sharp wheels under well lubricated conditions
using a heavy-duty straight oil in order to minimize any friction contri-
bution. The specific melting energy indicated for each metal is the
enthalpy difference between the liquid state at its melting temperature
and room temperature [16]. Considering the complexity of the process,
it is remarkable to find a one-to-one relationship, with the minimum spe-
cific energy only slightly larger than the corresponding melting energy.
According to the present theory, the minimum energy exceeds the melt-
ing energy because of chip-tool friction, which is expended in addition
to shearing energy for chip formation, although it is likely that there is
still a small plowing contribution. Heat treatment and alloying have lit-
tle effect on the minimum specific energy because the melting energy is
insensitive to these factors.
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5.5 GRINDING MECHANISMS: CBN WHEELS

The analysis of grinding mechanisms for metallic materials in the
previous section was for conventional abrasive wheels. With wheels con-
taining CBN abrasives, the grinding behavior is somewhat different. After
wheel preparation, the initial grinding forces and energy may be extremely
big, but with continued grinding they progressively decrease towards a
steady-state value. Such transient grinding behavior has been observed with
both resin- and vitreous-bonded CBN wheels [38-48]. An example is
shown in Figure 5-13 for a resin-bond CBN wheel after brake-controlled
truing and stick dressing, and similar results have also been found with
multipoint diamond truing and stick dressing [38, 39]. Such high initial
forces can cause thermal and mechanical damage to the workpiece, and can
even break the wheel.

High initial grinding forces have been attributed to lack of protrusion
of the abrasive grits and wheel clogging [42, 49-51]. However, SEM obser-
vations of the wheel surface suggest that the primary cause is dulling of the
CBN grits during truing [39]. This phenomenon was discussed in Chapter 4,
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and an example was shown in Figure 4-10 for a resin-bonded CBN wheel.
Stick dressing, after truing, tends to expose the grits and provides better pro-
trusion, but the grits may still remain dull thereby causing high grinding
forces. The steep decrease in the forces at the start of grinding (Figure 5-13)
has been attributed mainly to grit dislodgement, whereby those grits flattened
down the most by truing are preferentially removed. This is also accompa-
nied by grit micro-fracture, which sharpens the remaining grits [38-40, 43].
Eventually, the wheel may become completely sharpened, with virtually no
flattened areas left. In this condition, the grits appear very similar to those on
a CBN wheel after a special ‘sharpening’ treatment (Figure 4-11). 

With vitrified CBN wheels, more aggressive truing/dressing can be
used to generate a sharper wheel, and thereby lessen or eliminate the need
for a separate wheel sharpening treatment. This can be seen in Figure 5-14
which shows how the use of a bigger speed ratio with disk dressing reduces
the magnitude and duration of the power transient at the start of grinding
[45]. Increasing the dresser lead or depth also gives a sharper wheel with
less of a transient. 

The transient grinding behavior with both resin- and vitreous-bonded
CBN wheels was further studied by incrementing the removal rate in steps
and observing the time-dependent force behavior at each removal rate 
[38, 39, 48]. An example of what was obtained is shown in Figure 5-15 for
straight surface plunge grinding using a resin-bonded CBN wheel with a
fixed workpiece velocity. After dressing, grinding was performed with a
depth of cut a � 10 �m until the approximate steady state was reached after
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100 grinding passes. Grinding was then continued with the force transients
measured at larger depths of cut, a � 15 �m and a � 20 �m (Cycle 1).
Thereafter, the depth of cut was reduced back to its initial value of a � 10
�m, and the procedure was repeated (Cycle 2), eventually reaching a larg-
er depth of cut (a � 40 �m). This procedure was then repeated once more
(Cycle 3).

With each subsequent cycle, the forces at the same removal rate
became much smaller, and the force transient less pronounced. This is also
seen in Figure 5-16 where the ‘steady-state’ forces for the three cycles are
plotted against the corresponding removal rate per unit width (Q
w � vwa).
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Upon repeating the procedure, in a fourth cycle, the forces stayed the same
as in the third cycle, which would indicate that the wheel had reached a
fully stabilized condition. In this condition, both the normal and the tangen-
tial force components were virtually proportional to the removal rate (e.g.,
Cycle 3 in Figure 5-16). Essentially the same behavior was also obtained
with a CBN wheel after a special sharpening treatment using a wire brush
as described in Chapter 4 [39]. Since the forces very nearly intercept the
origin at zero removal rate, it would appear that the stabilized wheel is
almost perfectly sharp like the sharpened wheel in Figure 4-11, and this has
been confirmed by SEM observations. It has been suggested that cyclical-
ly increasing the wheel depth of cut in steps as in these tests can be used as
a sharpening treatment for vitrified CBN wheels [48].

The proportional relationship between the tangential force and the
removal rate with a stabilized or sharpened CBN wheel means that the spe-
cific grinding energy is constant. The corresponding specific energies have
been found to be approximately 25 to 30 J/mm3 for grinding carbon and
alloy steels, annealed or hardened, and about 60 J/mm3 for hardened high
speed steels [39]. The extent by which the specific energy exceeds these
values can be taken as a relative indication of wheel dullness.

The observation that specific energy with a sharp CBN wheel does not
depend on removal rate is contrary to what occurs with conventional abra-
sive wheels (e.g., Figure 5-8). The apparent absence of a ‘size effect’ with
CBN might be due to the cutting edges being much sharper and more point-
ed. Sharper cutting edges favor an initial transition from plowing to cutting
at a shallower initial depth, thereby reducing the initial plowing force which
is responsible for the size effect with sharp conventional abrasives (Figure
5-8). However, the more-pointed cutting edges, which more closely resem-
ble the pyramidal points used in simulated cutting tests (Figure 5-10) than
the cutting points on conventional grits, would favor depth-independent
sideflow plowing. Since the specific chip-formation energy component for
grinding steels is limited to about 13.8 J/mm3, as discussed in the previous
section, this would imply that sideflow plowing contributes about 30 to 50%
of the total specific energy for grinding carbon and alloy steels with a sharp
CBN wheel and about 75% of the total for hardened tool steels.

While the grinding forces become progressively smaller during
grinding as the wheel sharpens, the surface finish becomes progressively
rougher, as seen in Figure 5-13 and Figure 5-16. The rougher finish with
CBN has been is one of the main factors which has limited its more wide-
spread use in place of conventional wheels. Surface finish is discussed in
more detail in Chapter 10.

The transient behavior observed with resin and vitrified CBN wheels
tends to be opposite to what is found with electroplated CBN wheels.
Electroplated wheels are manufactured with only a single layer of abrasive and
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are usually not dressed prior to use. Consequently they start out in an initially
sharp state, and the forces and power tend to progressively increase with use
[52-54]. Both smooth and fragmented wear flats develop and grow on the
grain tips, as shown in Figure 5-17. This causes an increase in the forces and
energy. This behavior is shown Figure 5-18 where the grinding power per unit
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Figure 5-17 SEM of electroplated 270 mesh CBN wheel showing a grain with a smooth
wear flat in the middle and grains with fragmented wear flats on either
side [52].
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width is plotted versus the “equivalent” wear flat area Ae for internal grinding
of a hardened bearing steel with three electroplated CBN wheels with differ-
ent grit sizes [52]. The same slopes for all three grit sizes were obtained when
the “equivalent” wear flat area was taken as the sum of the smooth wear flat
area and 70% of the fragmented wear flat area which makes only partial con-
tact with the workpiece. The linear relationships in Figure 5-18 are analogous
to what occurs with conventional abrasive wheels as described in the previous
section. The intercept power values at zero wear flat area corresponding to
“perfectly sharp wheels” indicate specific energies ranging from 20 J/mm3

with the coarsest grit size up to 29 J/mm3 with the finest. 

5.6 CREEP-FEED GRINDING

Creep-feed grinding is characterized by the use of slow (creep) work-
piece velocities and extremely large depths of cut which are hundreds or
even thousands of times greater than those in regular grinding applications.
With this process, it may be possible to grind complex profiles or deep slots
in only a few or even a single pass. Applications of creep-feed grinding
include the machining of drill flutes and the profiling of turbine blade roots
for jet engines [55-57].

Because of the heavy wheel depths of cut in creep-feed grinding,
which typically range from 1 to 10 mm, the wheel-work contact lengths
and grinding zone areas are also very big. Therefore, we should expect
much bigger specific energies than in regular grinding owing to much
bigger sliding forces (Eq. (5-11)). An example of this behavior in Figure
5-19 illustrates the sensitivity of the specific grinding energy to the wear-
flat area for straight creep-feed grinding of a nickel-base alloy with a
high-porosity aluminum oxide wheel [58,59]. Whereas our grinding
model predicts a linear relationship between specific energy and wear-flat
area, these results suggests a discontinuous curve with two slopes. This
discontinuity at a specific energy approaching 200 J/mm3 may be associ-
ated with burn-out of the grinding fluid (see Chapter 7). The intercept at
about 25 J/mm3 in Figure 5-19 is comparable to that expected for the
combined chip-formation and plowing energy components, and the very
large specific grinding energies can be attributed to sliding of the wear
flats against the workpiece.

Such large specific energies in creep-feed grinding necessitate spe-
cial care to provide cooling so as to avoid thermal damage to the work-
piece. (Heat transfer and cooling effects for creep-feed grinding are
covered in Chapter 7.) Likewise, it is especially important to keep the
wheel sharp in order to reduce the energy input. The tendency for wheel
dulling in creep-feed grinding is promoted by the long sliding length per
wheel revolution and less self-sharpening. Therefore, wheel dressing is of
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critical importance (Chapter 4). The results in Figure 5-19 were obtained
using two types of rotary diamond dressing: regular periodic dressing
and continuous dressing during grinding. With regular dressing, the
wheel is periodically resharpened. The different wear-flat areas indicat-
ed for regular rotary dressing were obtained after various amounts of
grinding. Continuous dressing during grinding maintains a constant
wear-flat area, with more severe dressing infeed rates giving smaller
wear-flat areas as expected (see Chapter 4). Continuous Dress Creep
Feed Grinding (CDCFG) is widely used for machining of turbine engine
components.

5.7 CONTROLLED-FORCE GRINDING

Grinding processes considered up to this point are of the fixed-feed
type, with the depth of cut or infeed rate being a controlled input parame-
ter. Forces developed between the wheel and the workpiece cause elastic
deflection of the grinding system, such that the true infeed is less than the
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input infeed. Changes in the controlled infeed rate during the grinding
cycle, such as at the beginning and end of a grinding cycle (spark-out), are
accompanied by grinding transients which depend mainly on the stiffness
of the grinding system and the forces developed. Grinding transients of this
type are discussed in Chapter 12.

While most grinding operations are of the fixed-feed type, some
machines operate with controlled normal force instead. In this case, the nor-
mal force is input to the process, and the infeed or removal rate is an out-
put or consequence of the process. Controlled-force grinding was original-
ly introduced almost 50 years ago [60], and it has been extensively studied
[60-67]. One particular advantage of controlled-force grinding is that it
minimizes transient effects at the start of a grinding cycle, which is espe-
cially important for ‘soft’ grinding systems having low stiffnesses [62]. For
this reason, controlled-force grinding was often selected for precision internal
grinding, since the shaft supporting the grinding wheel in such machines
limits the stiffness of the grinding system.

The effect of the normal force of the removal rate in controlled-force
grinding with conventional abrasive wheels can be analyzed from the force
relationships in section 5.4. The normal force per unit width for plunge
grinding, F
n, includes chip formation, plowing, and sliding components:

(5-18)

Assuming that the normal chip-formation component is k, times the tangen-
tial component

(5-19)

it can be readily shown that

(5-20)

where Q
w is the removal rate per unit width (Q
w � vwa). The normal
plowing force component per unit width F
n,pl can be assumed to be con-
stant, as was proposed for the tangential plowing component. From 
Eq. (5-12), the normal sliding force component per unit width can be
written as

(5-21)

where is the average contact pressure between the wear flats and work-
piece, and A is the fractional wear-flat area. As seen in Figure 5-7, p

p

F¿n, sl = p(dea)
1>2A

F¿n, ch =
k1uchQ¿w

vs

F¿n, ch = k1F¿t, ch

F¿n = F¿n, ch + F¿n, pl + F¿n, sl
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depends on the curvature difference �, which in turn depends on the grind-
ing parameters. Assuming that

(5-22)

where po is a constant, and substituting for � from Eq. (3-22) (neglecting
the sign)

(5-23)

Combining Eqs. (5-18), (5-20) and (5-23), and dividing by F
n,pl, we
obtain the dimensionless normal force per unit width

(5-24)

where

(5-25)

and

(5-26)

The parameter Q
w,o can be interpreted as the removal rate per unit width
obtained by chip formation for a force per unit width equal to the normal
plowing component. The parameter Ae represents the effective wheel dull-
ness, which is proportional to the actual wear-flat area A.

From Eq. (5-24), an expression for the removal rate per unit width as a
function of the controlled normal force is obtained in dimensionless form as

(5-27)

for F
n F
n,pl (If F
n � F
n,pl, the removal rate is zero.) This relationship is
shown in Figure 5-20 as Q
w/Q
w,o versus F
n/F
n,pl for various values of
effective dullness Ae. Each curve intercepts the abscissa at the normal

Ú

Q¿w

Q¿w,o

= L - Ae + [Ae
2 + 4(F¿n>F¿n,pl - 1)]1>2
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plowing force component. For a perfectly sharp wheel (Ae � 0), the removal
rate increases linearly with normal force. With dull wheels (Ae � 0) there is an
initial non-linear region, beyond which the curves approximate straight lines.

Actual controlled-force grinding behavior shown in Figure 5-21 for
four difficult-to-grind alloys [63] appears very similar to the curves in
Figure 5-20. When obtaining results such as these, only the linear portion
of the curve is often observed. The slope of Q
w versus F
n in the linear
region is called the removal rate parameter �w, and extrapolating the
straight line to zero removal rate indicates an apparent threshold force,
which would be equal to F
n,pl for Ae � 0 and greater than F
n,pl for Ae � 0.
From Eq. (5-27) and Figure 5-20, it can be seen that an effectively sharper
wheel (Ae smaller) should yield a bigger �w. With softer-grade wheels or
coarser dressing, the wear-flat area A is smaller, so �w should be bigger.
Also, a faster wheelspeed or higher ratio of wheelspeed to workspeed
should reduce Ae, and thereby increase �w. These effects are generally
observed in controlled-force grinding tests [63-68].

A complication arises in analyzing controlled-force grinding from
the dependence of wheel sharpness on removal rate. Each curve in 
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Figure 5-20 relates to a constant wheel dullness, but the actual degree of
wheel dullness depends on the removal rate and grinding time [62, 63].
Higher removal rates tend to promote self-sharpening of the wheel. Some
aspects of self-sharpening are discussed in the following section and in the
discussion of wheel wear in Chapter 11.

Controlled-force grinding behavior with CBN wheels is similar to
that observed with conventional abrasive wheels [68]. One particular
advantage of controlled-force grinding with CBN is that the wheel can be
‘broken-in’ while avoiding high initial force peaks, as seen in Figure 5-19
[49, 69]. For conventional fixed-feed grinding at a constant infeed rate
(Curve ‘1’), the normal force reaches a peak value followed by a progres-
sive decrease towards a steady-state value as the wheel sharpens. If the
wheel does not begin to sharpen readily or becomes clogged (Curve ‘2’),
the normal force will continue to grow and possibly cause wheel breakage.
The initial straight-line slope with conventional grinding (Curves ‘1’ and ‘2’)
corresponds to the stiffness of the grinding system. With controlled-force
grinding (Curve ‘3’), the normal force remains constant at its controlled
value, while the removal rate progressively increases from zero towards a
steady-state value as the wheel self-sharpens. Thus the danger of breaking
the CBN wheel or damaging the workpiece is minimized.
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One way to realize some of the advantages of controlled-force grind-
ing with a fixed-feed machine is by controlled-power grinding. Modern
grinding machines are often fitted with accurate power monitors, and in some
cases the control systems allow for grinding at pre-set power levels. For a
given wheel velocity, this is equivalent to controlled-force grinding, but with
a given tangential force instead of normal force component. Some ‘hybrid’
machines can operate in either a controlled-force or a fixed-feed mode.

5.8 HEAVY-DUTY GRINDING

The objective in heavy-duty grinding is rapid material removal with
only secondary concern for surface quality. Removal rates may be so big
that the chips are readily visible to the naked eye. Unlike precision grind-
ing, the wheel is usually not periodically dressed.

One important heavy-duty grinding operation is snagging, which is
used to condition steel billets and slabs by removing surface defects and scale.
Snagging is usually done with resinoid wheels under fixed normal force. The
wheel may be either oriented with its plane normal to the workpiece surface
or tilted as it is traversed across the billet or slab. Heavy-duty cut-off opera-
tions (Figure 3-14) may be either of the fixed-force or of the fixed-feed type.
Other heavy-duty grinding processes fall into the fixed-feed category.

Heavy-duty grinding performance depends mainly on the removal
rate and wheel-wear rate. A higher removal rate means faster production,
and a higher wheel-wear rate indicates increased wheel costs. Wheel con-
sumption with conventional abrasives is usually a minor cost factor in
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precision grinding, but it is very significant in heavy-duty grinding. There
is generally a cost optimum removal rate which balances higher wheel costs
at faster removal rates against lower stock removal costs.

The mechanics of heavy-duty fixed-force grinding have been
described in somewhat different terms than those of controlled-force grind-
ing (section 5.7), so it is being treated separately here. Material removal in
heavy-duty grinding is often expressed in terms of weight instead of vol-
ume, but we will use volume for the purpose of comparison with other
grinding results. A relationship for the volumetric removal rate in heavy-
duty fixed-force grinding has been proposed as [70, 71]:

(5-28)

where Qs is the volumetric wheel-wear rate, K is a removal rate factor, and
qs is a parameter which characterizes the attritious wear susceptibility of
the abrasive grain material. The quantity in parentheses can be regarded as
a cutting efficiency, so that removal rate can also be written as a function
of its maximum value:

(5-29)

where Qw,m is the maximum removal rate (Qw,m � KFnvs). For an ideal
abrasive with infinite resistance to dulling by attrition (qs � 0), the efficien-
cy is 100% and the removal rate reaches Qw,m. For a finite value of qs, a
faster-wearing wheel (Qs bigger) will self-sharpen to a greater degree,
thereby also raising the efficiency. In terms of the previous force analysis
(section 5.4.2), we can say that a higher efficiency indicates a sharper wheel
with a smaller wear-flat area, so less of the fixed normal force is ‘wasted’
by sliding.

For the purpose of verifying the removal rate relationship and evalu-
ating the parameters K and qs, it is convenient to rewrite Eq. (5-28) as

(5-30)

A plot of Fnvs /Qw versus Qs
�1 should yield a straight line with intercept

K�1 and slope qsK
�1. Examples of such straight-line relationships are

shown in Figure 5-23 for snagging of a plain carbon steel and a stainless
steel on a relatively small laboratory grinder using resinoid wheels contain-
ing various alumina and alumina-zirconia abrasives [72], and similar results

Fnvs
Qw

=
qs
KQs

+
1

K

Qw = a Qs
Qs + qs

bQw,m

Qw = a Qs
Qs + qs

bKFnvs
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have been obtained on larger machines [71]. With narrower wheels or tilt,
the results also fall on the same straight line [71].

An underlying feature of the present approach to the mechanics of
heavy-duty grinding is the possibility, at least in theory, to differentiate
between structural wheel characteristics and abrasive grain quality. The
parameter K is related to geometrical and force factors, whereas the param-
eter qs is regarded as an intrinsic property of the abrasive, which depends
on its chemical composition but not on its size, shape, or microstructure.
Alumina-zirconia abrasives with higher zirconia content should have a
lower qs value because zirconia has a higher melting point and is more
chemically stable than alumina [70]. In Figure 5-23 it can be seen that the
alumina-zirconia abrasive with the highest zirconia content indeed gave the
lowest qs value (smallest slope) for snagging of the stainless steel, and sim-
ilar results were also found for snagging of an alloy steel [71]. However, a
slightly lower qs, value was obtained with the white alumina wheel when
snagging the plain carbon steel.

A relationship for the power consumption in heavy-duty fixed-force
grinding has been proposed as [70]

(5-31)

where m is a constant having the units of specific energy. Originally it was
suggested that P0 is proportional to the quantity Fnvs, although this was

P = P0 + mQw
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apparently never experimentally confirmed. The results in Figure 5-24 for
snagging of a plain carbon steel with different abrasives obtained over a
range of normal forces varying by about a factor of two all appear to fall on
the same straight line, which would imply that P0 is constant [72].
However, a proportional relationship between P0 and Fn cannot be statisti-
cally excluded. The results for snagging of other steels all fell on the same
straight line [72], which again shows the insensitivity of the grinding ener-
gy to the particular steel being ground.

In order to relate these results to the discussion in section 5.4, we can
begin by repeating the specific energy equation:

(5-17)

Now because of the very high removal rates in heavy-duty grinding, the
magnitude of the plowing component is negligible in comparison with the
chip-formation component, so that

(5-32)

In this case, the specific chip-formation energy is the specific grinding
energy for a perfectly sharp wheel which removes material at the maximum
removal rate Qw,m. From Eq. (5-31), the power at the maximum removal
rate is

(5-33)Pm = P0 + mQw,m

u L uch + usl

u = uch + upl + usl
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and the corresponding specific energy uch is obtained by dividing Eq. (5-
33) by Qw,m

(5-34)

Also, by combining Eqs. (5-3), (5-29), (5-32) and (5-34), the sliding com-
ponent is obtained as

(5-35)

Since Qw,m is proportional to Fn, Eq. (5-34) implies that uch depends
on Fn, but a proportional relationship between P0 and Fn, as mentioned
above, would result in uch being constant. For the results in Figure 5-23, it
can be shown that the first term on the right-hand side of Eq. (5-23)
amounts to only about 10 to 20% of m, in which case uch � 1.1m – 1.2m.
The slope in Figure 5-24 is m � 9.5 J/mm3, and other results for snagging
of various steels yields slopes of 8 to 12 J/mm3 [73]. These values are com-
parable to the specific melting energy for iron, and therefore imply specif-
ic chip-formation energies which are close to or slightly less than those for
precision grinding of steels. Therefore, the grinding energy analysis in sec-
tion 5.4 also provides a reasonable description of heavy-duty grinding.

For fixed-feed heavy-duty grinding, there is relatively little power
and energy data available in the literature. Linear relationships between
power and removal rate, like those in Figure 5-24, have been obtained for
fixed-feed abrasive cut-off of steel bars [74] with slopes of 10 to 12 J/mm3,
which is again comparable to the melting energy of iron. However, with
vertical-spindle rotary table surface grinding (Figure 1-1(c)) with a contin-
uous downfeed, the specific energies were substantially bigger and found
to increase with faster removal rates [75], which is contrary to what is nor-
mally observed. Such anomalous behavior may be due to excessive wheel
wear and a high degree of continuous overlap between the wheel and the
workpiece in this particular case, such that broken grain fragments from the
wheel are trapped and roll around between the flat underside of the wheel
and the workpiece surface. For vertical-spindle surface grinding with linear
workpiece travel and discrete downfeed increments at the end of each
stroke, most material removal occurs on the circular rim area of the wheel,
rather than on its flat underside. In this case, the specific energy progres-
sively decreases with faster removal rates [76].

Linear relationships between power and removal rate are not neces-
sarily limited to heavy-duty grinding, but are also found with some precision
grinding operations [74]. For controlled-force internal precision grinding of

usl =
P0

Qw,m

a qs
Qs
b

uch =
Pm
Qw,m

=
P0

Qw,m

+ m
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a bearing steel with finely dressed wheels [66, 67], the slopes obtained were
about three times as big as those for heavy-duty grinding. Such large values
reflect the high values of usl associated with dull wheels and long contact
lengths (Eq. (5-11)). With harshly dressed, sharp wheels, the slopes were
close to the specific melting energy for iron.

5.9 EMPIRICAL RELATIONSHIPS

Our objective in this chapter has been to present a physical descrip-
tion of the grinding process, which can account for the magnitude of the
forces and energy. Other more empirical approaches have attempted to cor-
relate grinding behavior with ‘basic’ process parameters. With cylindrical
plunge grinding, for example, it has been shown that the tangential and nor-
mal force components per unit width may be fairly well approximated by
power function relationships [77]:

(5-36)

and

(5-37)

where F1, F2 and f are constants. The exponents are typically in the range
0.4–0.9. The corresponding specific energy from Eq. (5-3) is

(5-38)

The quantity within the parentheses in Eqs. (5-36)–(5-38) is called
the equivalent chip thickness

(5-39)

the name being given because it would correspond to the thickness of a
continuous layer of material (chip) being removed at a volumetric rate per
unit width Q
w and cutting velocity vs. This parameter is also equal to the
volumetric removal rate per unit area of wheel surface passing through the
grinding zone. As a relative measure of grinding severity, the equivalent

heq K
vwa

vs
=
Q¿w

vs

u = F1a vwa

vs
bf- 1

= F1aQ¿w

vs
bf- 1

F¿n = F2a vwa

vs
bf = F2aQ¿w

vs
bf

F¿t = F1a vwa

vs
bf = F1aQ¿w

vs
bf
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chip thickness correlates fairly well not only with the grinding forces and
energy, but also with other performance characteristics including surface
roughness and wheel wear, as will be seen in Chapters 10 and 11. However,
these and other empirical relationships tend to be of limited practical use
for predicting grinding performance because the constants F1, F2 and f
depend on the particular wheel, workpiece, grinding fluid, and dressing
conditions, as well as on the accumulated stock removal.
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Thermal Aspects: Conventional Grinding1

6.1 INTRODUCTION

The grinding process requires an extremely high energy expenditure per
unit volume of material removed. Virtually all of this energy is converted to
heat which is concentrated within the grinding zone. The high temperatures
produced can cause various types of thermal damage to the workpiece, such
as burning, phase transformations, softening (tempering) of the surface
layer with possible rehardening, unfavorable residual tensile stresses, cracks,
and reduced fatigue strength [2-3]. Furthermore, thermal expansion of the
workpiece during grinding contributes to inaccuracies and distortions in
the final product. The production rates which can be achieved by grinding
are often limited by grinding temperatures and their deleterious influence
on workpiece quality.

From metallurgical examinations of ground hardened steel surfaces
reported in 1950 [4], it was conclusively shown that most grinding damage
is thermal in origin. In the first attempt to correlate actual grinding temper-
atures with structural metallurgical changes in the workpiece five years
later [5], the temperature distribution in the subsurface was measured dur-
ing grinding of a hardened bearing steel by means of a thermocouple
embedded in the workpiece. Numerous other methods have also been
developed to measure grinding temperatures using either thermocouples
and radiation sensors [6, 7]. While considerable difficulties may arise in
interpreting such measurements due to the extreme temperature gradients
in time and space near to the surface, embedded thermocouples and
infrared radiation sensors utilizing fiber optics have been shown to provide
a reasonably good indication of the workpiece temperature near the ground
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surface [2, 7-13]. Both of these temperature-measuring techniques have
been found to give results which are consistent with each other, and also
with measurements of the surface temperature using a thin foil thermocou-
ple [13].

Temperatures generated during grinding are a direct consequence of
the energy input to the process. In general, the energy or power consumption
is an uncontrolled output of the grinding process, which may vary consider-
ably and is sensitive to the wheel condition. Consequently, the temperature
generated is also uncontrolled and varying. Temperature-measuring methods
do not provide a practical means to identify and control grinding temperatures,
as they are generally restricted to the laboratory and cannot be applied in a
production environment. In-process monitoring of the grinding power,
when coupled with a thermal analysis of the grinding process, offers a
better approach for estimating grinding temperatures and controlling thermal
damage.

Thermal analyses of grinding processes are usually based upon the
application of moving heat source theory to the workpiece being ground.
For this purpose, the grinding zone is usually modeled as a band source of
heat which moves along the surface of the workpiece. All the grinding ener-
gy expended is considered to be converted to heat at the grinding zone
where the wheel interacts with the workpiece. A critical parameter needed
for calculating the temperature response is the energy partition to the work-
piece, which is the fraction of the total grinding energy transported to the
workpiece as heat at the grinding zone. The energy partition depends on the
type of grinding, the wheel and workpiece materials, and the operating con-
ditions. For conventional shallow cut grinding with conventional aluminum
oxide wheels, the energy partition is usually generally bigger than for
creep-feed grinding or for grinding with CBN wheels.

The present chapter is concerned with the thermal aspects of conven-
tional shallow cut grinding process, which is mainly directed towards cal-
culating temperatures and controlling thermal grinding damage. Thermal
aspects of creep-feed grinding will be addressed in Chapter 7, and thermal
aspects of grinding with CBN abrasive wheels in Chapter 8. The present
chapter begins with a relatively simple heat transfer analysis of the grind-
ing process to establish the grinding zone temperature model for cylindri-
cal and straight surface plunge grinding processes in terms of the power
consumption, energy partition, and the other grinding parameters. By
inverting the heat transfer solution, the allowable power corresponding to a
critical surface temperature can then be specified in terms of the grinding
parameters. It is demonstrated how this result can be applied to predicting
and controlling the onset of thermal damage for plunge grinding of steels.
Thermal analyses are also presented for face grinding and abrasive cut-off
processes.
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6.2 HEAT TRANSFER ANALYSIS: PLUNGE GRINDING

Grinding occurs by the interaction of discrete abrasive grains on the
wheel surface with the workpiece. According to the analysis of grinding mech-
anisms in Chapter 5, the total grinding energy input includes chip formation,
plowing, and sliding energy components. Peak ‘flash’ temperatures are gener-
ated which approach the melting point of the material being ground [14-16].
However, these extreme temperatures are of extremely short duration and
highly localized on the shear planes of microscopic grinding chips. Just
beneath the surface, the workpiece ‘feels’ nearly continuous heating owing to
the multiplicity of interactions with the abrasive grits passing quickly through
the grinding zone. Therefore, the temperature associated with ‘continuous’
heating over the grinding zone, rather than the peak ‘flash’ temperature, is
found to be responsible for most thermal damage. Also of interest is the tem-
perature in the bulk of the workpiece, which causes thermal expansion lead-
ing to distortions and dimensional inaccuracies [17-20]. The average bulk
temperature rise is generally much smaller than the grinding zone temperature.

In order to calculate the grinding zone temperature rise, consider the
cylindrical plunge-grinding situation illustrated in Figure 6-1(a). The grind-
ing energy is dissipated over the rectangular grinding zone of length lc
along the arc of contact and width b normal to the plane of the figure. For
simplicity, the grinding heat flux qw entering the workpiece is assumed for
now to be uniformly distributed over the grinding zone [14, 15, 21, 22],
although a different distribution (e.g. triangular) can also be used [2]. Since
the cylindrical workpiece is generally much bigger than the dimensions of
the grinding zone, the heated area can be likened to a plane band source of
heat which moves along the surface of a semi-infinite solid (the workpiece)
at the workpiece velocity. For this two-dimensional heat transfer model
illustrated in Figure 6-1(b), the temperature rise can be written as [23]:

(6-1)

where K0(x) is the modified Bessel function of the second kind of order zero,
qw(u) is the heat flux distribution at the surface of the semi-infinite body, k is
the thermal conductivity of the workpiece, � is the thermal diffusivity of the
workpiece, l is the half of the heat source length, and V is the heat source
velocity.

In many practical cases, the maximum temperature rise �m, which
occurs on the workpiece surface towards the trailing edge of the heat
source, is of particular interest. If the heat source is moving sufficiently fast
so that the heat condition in the direction of motion is much slower than

u =
1

pk3
l

-l

qw(u)e- v(x - u)
2a K0 c V2a{(x - u)2 + z2}

1
2 ddu
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heat source velocity, the maximum temperature rise for a uniform heat
source (qw(u) � qw) can be approximated as [21, 23]

(6-2)

This ‘high speed’ condition is satisfied provided that the dimensionless
thermal number (Peclet number) L K Vl/2� is bigger than 5, although this
equation can also be practically applied to estimating the maximum surface
temperature in grinding down to L � 1, which includes most actual grinding
situations [21]. The average surface temperature �a over the source is 
2/3 �m for L�5.

An expression for �m can now be obtained by making the appropri-
ate substitutions into Eq. (6-1). Referring in Figure 6-1, the velocity V in
the heat transfer model corresponds to the workpiece velocity vw:

(6-3)

and the half-length l of the heat source is half the arc length of contact:

(6-4)

From geometrical considerations (Chapter 3), the arc length of contact is
given by

(6-5)lc = (ade)
1>2

l = lc>2

V = vw

um =
1.595qwa

1>2l1>2
kV1>2
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Figure 6-1 Illustration of (a) external cylindrical plunge grinding and (b) thermal
model for grinding zone temperature.  
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The parameter de is the equivalent diameter given by Eq. (3-9) for either
straight, external cylindrical, or internal cylindrical grinding, so this temper-
ature solution is not limited to external cylindrical plunge grinding (Figure
6-1) but is also applicable to straight and internal grinding. This contact-
length relationship neglects elastic deformation, which would tend to make
lc bigger, in which case the calculated temperature would be less. On the
other hand, a more realistic energy distribution, rather than the uniform one
which has been assumed, might lead to a higher temperature. It will be seen
that the use of a uniform heat distribution and neglecting elastic deflection
is adequate for predicting some types of thermal damage.

Combining Eqs. (6-2)-(6-5), the maximum grinding zone tempera-
ture rise becomes

(6-6)

With a triangular heat source, instead of the uniform rectangular one consid-
ered here, the factor 1.13 in Eq. (6-6) reduces slightly to 1.06 [2, 24]. For cal-
culating �m, the parameter which remains to be determined is the heat flux
qw, which is the energy input rate to the workpiece per unit area over the
grinding zone. Of the total grinding energy generated, only the fraction � is
conducted as heat to the workpiece at the grinding zone. For a specific grind-
ing energy u or power P (see Chapter 5), the heat flux to the workpiece can
be written as

(6-7)

where the numerator is that portion of the grinding power entering the work-
piece and the denominator is the area of the grinding zone.

In order to proceed with the thermal analysis, it is necessary to specify
the energy partition to the workpiece � [9-13, 24-31]. The first direct measure-
ment of the energy partition, obtained by calorimetric methods, was reported
to be 84% [30], although subsequent calorimetric measurements for regular
shallow cut grinding of steels indicated values ranging from about 60 to 90%
[31]. More recent studies have shown that the energy partition can vary wide-
ly, depending on the type of grinding, fluid application conditions, and wheel
composition. For example, it will be seen in the following chapters that creep
feed grinding with porous aluminum oxide wheels can give extremely low
energy partitions of only 3 to 7%, and that comparably low values may be
obtained for grinding with vitrified and electroplated CBN wheels. 

For regular shallow cut grinding of steels with aluminum oxide
wheels, the energy partition typically varies from 60 to 90% [31]. These
results have been rationalized in terms of the grinding energy model

qw =
�uvwab

lcb
=

�P

lcb
= �q

um =
1.13qwa

1>2a1>4de
1/4

kvw
1>2
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(Chapter 5), according to which the total specific energy includes contribu-
tions from chip formation, plowing, and sliding:

(6-8)

where uch, upl, and usl are the chip-formation, plowing, and sliding compo-
nents, respectively. From heat transfer considerations, it can be shown that
almost all the sliding energy generated at the interface between the wear flats
and the workpiece is conducted as heat to the workpiece. Likewise, virtually
all the plowing energy is in the workpiece, as plowing involves workpiece
deformation without material removal. Using calorimetric methods, it has
been found that approximately 55% of the chip-formation energy is conduct-
ed to the workpiece, which is reasonably consistent with expectations from a
heat transfer analysis of the chip-formation process [31]. Therefore, all the
grinding energy except for about 45% of the chip-formation energy is con-
ducted as heat to the workpiece, so the overall fraction of the grinding energy
entering the workpiece is:

(6-9)

Substituting this result into Eq. (6-7) and combining with Eq. (6-6) leads to
the maximum temperature rise:

(6-10)

Various techniques have been used to measure the energy partition in
grinding. As stated above, early investigations were based upon calorimet-
ric methods whereby the heat content in the workpiece is obtained by plac-
ing it in a bath or measuring its average temperature rise immediately after
grinding [30, 31]. The energy partition is then obtained as the ratio of heat
content in the workpiece to the total grinding energy obtained from meas-
urements of forces or power. Calorimetric methods have been applied only
to dry grinding, since bulk cooling of the workpiece by the applied fluid
would make such experiments much more difficult. 

The energy partition can also be obtained using temperature matching
and inverse heat transfer methods [12, 28, 29]. Both of these methods utilize
measurements of the temperature response in the workpiece subsurface,
rather than its average temperature rise. The temperature response in the
workpiece subsurface can be measured during straight surface plunge using
either an embedded thermocouple or infrared detector with an optical fiber.
The thermocouple or optical fiber is fed into a blind hole from the under-
side of the workpiece toward the surface being ground. The temperature

um =
1.13a1>2a3>4vw

1>2(u - 0.45uch)

kde
1>4

� =
upl + usl + 0.55uch

u
=
u - 0.45uch

u

u = uch + upl + usl
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response is measured at the bottom of the blind hole as the grinding wheel
passes over the workpiece. With each successive grinding pass, the temper-
ature response is measured closer to the surface being ground. 

With the temperature matching method [12], it is necessary to find
the energy partition � for which the measured temperature response most
closely matches the temperature computed according to the thermal
model (Eq. (6-1)). For example, it is seen in Figure 6-2 that the individual
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Figure 6-2 Experimental and theoretical temperatures and energy partition at two depths:
AISI 1020 steel workpiece, aluminum oxide wheel, triangular heat source.
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temperature responses at various depths for grinding of AISI 1020 steel with
an aluminum oxide wheel matches the analytically computed temperature
response quite well for � � 65%. Virtually the same energy partition value
can be obtained by matching the maximum temperature obtained at various
depths to the analytically computed temperature as seen in Figure 6-3. 

With the inverse heat transfer method [28, 29], the heat flux to the
workpiece surface is calculated from the measured temperature distribution
within the workpiece. An example of a heat flux distribution obtained in
this way is shown in Figure 6-4 for grinding of a hardened bearing steel
with an aluminum oxide wheel. It can be seen that the heat flux distribution
on the workpiece surface consists of both positive and negative values.
Positive heat flux implies heat flow into the workpiece, and negative heat
flux indicates localized cooling by the applied grinding fluid. The positive
heat flux region would correspond to the grinding zone, and the area under
the heat flux curve at this location is the total energy to the workpiece per
unit width of grinding. Integrating along the heat source gives the total heat
flux per unit width to the workpiece, which is about 129 W/mm for this
example. This corresponds to an energy partition of about 75%. 

Energy partition values obtained from temperature measurements tend
be comparable to but smaller than predicted from Eq. (6-9). The specific
energy for the example in Figure 6-2 and Figure 6-3 was 45 J/mm3, which
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would result in a predicted energy partition of 86%. Likewise for the exam-
ple in Figure 6-4, the specific energy is about 40 J/mm3, which would lead
to an energy partition of about 85%. These discrepancies between predict-
ed and measured values may be attributed to a number of factors. First of
all, the thermal model assumes that all the energy expended by grinding is
converted to heat. However it has been shown that up to 10% of the ener-
gy expended by plastic deformation may not be converted to heat, although
for the large strains encountered in machining this may be only 1–3% [32].
The model also assumes that all the sliding energy due to rubbing between
the wear flats and the workpiece is conducted as heat into the workpiece. A
closer examination of the sliding energy partition using a friction-slider
thermal model for aluminum oxide on steel indicates that 90–93% of the
sliding energy, rather than all of it, should be conducted to the workpiece.
Likewise, all the plowing energy associated with deformation of the work-
piece material was also assumed to be retained as heat in the workpiece, but
the abrasive grains in contact with the workpiece may also conduct away
some of this heat. Furthermore, cooling by the fluid would also tend to
remove some heat from the workpiece. Cooling by the fluid at the grinding
zone will be considered in the following chapters. 

As with most thermal analyses, a linear heat transfer model was
assumed with the assumption of thermal properties independent of
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temperature. However, the calculated grinding zone temperatures are often
so large that the assumption of constant thermal properties may no longer be
justified. One approach to account for the influence of temperature on thermal
properties is to use an iterative procedure whereby the constant-property
solution is used but with the thermal properties evaluated at the average
surface temperature over the heat source [33]. However, the validity of this
method is questionable, since the temperature gradients beneath the heat
source are very steep and most material through which heat conduction
occurs is much cooler than the average surface temperature. A numerical
analysis of this moving-heat-source problem with temperature-dependent
thermal properties for a plain carbon steel, which would be comparable to
those of other plain carbon and low-alloy steels, has shown that the increase
in specific heat and decrease in thermal conductivity with temperature
partially offset each other, so that the linear constant-property solution 
(Eq. (6-10)) only slightly underestimates the actual temperature up to a max-
imum temperature of about 1000°C [34]. With nickel-base alloys, however,
it has been shown using a finite element analysis that the constant-property
thermal model may significantly overestimate the grinding temperature [35].

Thermal damage control may require that the temperature rise be kept
below a critical value �*. For conventional grinding with aluminum oxide
wheels, the allowable specific grinding energy corresponding to a maximum
temperature rise �m can be obtained by rearranging Eq. (6-10) [21]:

(6-11)

where

(6-12)

and

(6-13)

Therefore, straight-line plots of specific energy u versus the quantity
de

1/4a�3/4vw
�1/2 with intercept u0, as seen in Figure 6-5, should each corre-

spond to a constant maximum grinding zone temperature [36]. The slope B is
proportional to the maximum temperature. Since uch � 13.8 J/mm3 for steels,
u0 would be approximately 6.2 J/mm3. The allowable grinding power, P, for
a maximum grinding zone temperature �m is obtained by multiplying (6-11)
by the volumetric removal rate (Qw � bvwa):

(6-14)P = u0bvwa + Bde1>4a1>4vw
1>2 b

B K
kum
ba1>2

u0 K 0.45uch

u = u0 + Bde1>4a- 3>4vw
- 1>2
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where b is the grinding width and u0 and B are as defined in Eqs. 
(6-12) and (6-13). 

Eq. (6-14) provides a practical basis for in-process identification of
thermal damage in excess of a critical maximum grinding zone tempera-
ture. For this purpose, an acceptable limiting value of the parameter B
must be specified, which can be obtained from Eq. (6-11) by in-process
monitoring of the grinding power and post-grinding inspection of work-
piece quality. The actual critical temperature �* need not be specified.
After calibrating the thermal damage limit in this way, the measured grind-
ing power can be compared with the allowable threshold power (Eq. (6-14)
with �m � �*) to identify whether thermal damage is occurring. This is
illustrated in the following section for thermal damage of steels by work-
piece burn. 

The foregoing analysis considers the grinding zone temperature at
the workpiece surface. Thermal damage also occurs in the subsurface, in
which case it is of interest to consider the temperatures reached beneath the
surface. For the moving-band heat source (Figure 6-1(b)), it has been
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Figure 6-5 Lines of constant maximum grinding zone temperatures.
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shown that the maximum dimensionless temperatures reached at depth z
beneath the surface can be approximated by [37]

(6-15)

where L is the thermal number and Z is the dimensionless depth defined from
the actual depth z as

(6-16)

At the surface (Z � 0), the exponential term in Eq. (6-15) would become
unity and the dimensionless temperature should be identical to Eq. (6-2).
There is, however, a slight discrepancy because the constants in Eq. (6-15)
were obtained by fitting the results over the range of values 0.5�L�10
and 0�Z�4. More accurate approximations covering a wider range of L
and Z have also been obtained [2]. From Eq. (6-15) it can be readily
shown, for a given maximum surface temperature, that a steeper gradient
of maximum temperature, and hence shallower heat penetration, is
obtained with a faster velocity V and, to a lesser extent, with a shorter heat
source half-length l.

Up to this point, the heat transfer analysis neglects any influence of cool-
ing. The workpiece has been modeled as a semi-infinite body (Figure 6-1(b))
with its surface thermally insulated except at the moving heat source. Most
grinding operations are performed using a grinding fluid which cools the
workpiece, and an analysis of the moving-heat-source problem has been
presented which also takes into account the effect of cooling [22]. In order
for cooling to lower the grinding zone temperature to any significant degree,
it is necessary that heat be removed from within the grinding zone area. In
most practical cases, cooling by grinding fluids at the grinding zone is ineffec-
tive, a notable exception being found in creep-feed grinding (see Chapter 7).
However, grinding fluids do provide bulk cooling of the workpiece, thereby
helping to control dimensional inaccuracies due to thermal deformations
[38]. The use of grinding fluids lowers the grinding zone temperatures
mainly by providing lubrication, which reduces wheel dulling and lowers the
energy input (Chapter 11). Straight oils are generally better lubricants and
more effective in reducing grinding energies than water-based soluble oils
and emulsions. However, water-based fluids are much better coolants than
oils, since their specific heats are typically two to three times and their thermal
conductivities about four times those of oils.

Another factor which has been neglected up to this point is repetition
of grinding over the same nominal area. With cylindrical plunge grinding,

Z K
Vz

2a

um K apkV
2aqw

bum = 3.1L0.53exp3- 0.69L- 0.37Z4
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for example, the heat source passes over the same location on the work-
piece periphery once per workpiece revolution. The temperature rise in
Eq. (6-10) is for one pass over the workpiece, which should be superposed
on the residual temperature from previous grinding passes. In most practical
cases the residual temperature is a negligible portion of the maximum tem-
perature rise for a single pass, and it is neglected.

Although the thermal analysis has been developed for the case of
plunge grinding of straight cross-sections without profiles, it can also be
applied to grinding of gentle profiles having moderate variations in
equivalent diameter across the width and shallow profile angles (see
Chapter 3). For example, the present heat transfer analysis appears to be
sufficient for grinding of typical profiles on ball-bearing races. With more
severe profiles, there should be significant temperature variations across
the grinding width. From heat transfer considerations, the highest temper-
atures should be developed near the crests of convex protrusions
(‘peaks’) in the profile [2] where there is less material to conduct away
the heat, which explains why these areas are usually more prone to ther-
mal damage and why the lowest temperatures tend to occur at concave
locations (‘valleys’).

The present two-dimensional heat transfer analysis can also be applied
to traverse grinding with cross-feed provided that the radial wheel wear
towards the leading edge is much less than the depth of cut (see Figure 3-7).
In this case, the grinding action and, thus, the heat source can be considered
to be concentrated over the leading edge of the wheel of width st correspon-
ding to the cross-feed per workpiece revolution. By analogy with plunge
grinding, the cross-feed st would correspond to the grinding width b. A cor-
rection factor in the thermal analysis may also be necessary if the cross feed
(source width) is comparable in size or smaller than the arc length of con-
tact (source length) [23]. If the low wheel-wear condition is not satisfied,
then the energy is distributed in steps across the grinding width (Figure 3-7),
and it is necessary to know the radial wheel wear on each step and to estimate
the energy distribution among the steps in order to calculate the grinding
zone temperature. 

6.3 THERMAL DAMAGE

Excessive grinding temperatures cause thermal damage to the work-
piece. In this section, a few common types of thermal damage will be con-
sidered. By establishing a direct relationship between the heat transfer
analysis of the previous section and some types of thermal damage, it
becomes practically feasible to predict and control thermal damage by in-
process monitoring of the grinding power.
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6.3.1 Workpiece burn
One of the most common types of thermal damage is workpiece burn.

This phenomenon has been investigated mainly for grinding of plain car-
bon and alloy steels, although it is also a problem with some other metallic
materials [3]. Visible workpiece burn with steels is characterized by bluish
temper colors on the workpiece, which are a consequence of oxide-layer
formation [4]. The temper colors are usually removed by spark-out at the
end of the grinding cycle (Chapter 12), especially with cylindrical grinding,
but this effect is cosmetic and the absence of temper colors on the ground
surface does not necessarily mean that workpiece burn did not occur.

At the onset of burning, there is a tendency for increased adhesion of
metal workpiece particles to the abrasive grains, thereby causing the forces
to grow, the workpiece surface to deteriorate, and the rate of wheel wear to
increase [39]. A discontinuity in the force versus wear-flat-area relationship
also occurs (Figure 5-4a ), which indicates an abrupt change in the grinding
mechanisms possibly related to a metallurgical transformation. From
microhardness distributions in the subsurface of hardened steels, visible
burn has been found to be accompanied by reaustenitization of the work-
piece [4, 14]. For a hardened steel ground without any burning, there is gen-
erally some softening due to tempering close to the surface [2-4, 14, 37].
Some examples of such tempering behavior are shown for grinding of a
hardened tool steel at four depths of cut in Figure 6-6 [37, 40]. Starting with
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an initial hardness of about 8 GPa, a greater degree of tempering can be seen
with increasing wheel depth of cut due to higher temperatures to a greater
depth below the surface. With the onset of burning, rehardening of the steel
workpiece also occurs towards the surface as shown by the hardness curve
at the biggest depth of cut in Figure 6-6. Rehardening is a consequence of
reaustenitization followed by the formation of untempered martensite,
which can be identified after etching as a white phase in the surface layer
or in patches. Workpiece burn and austenitization by grinding heat of soft
steels, even hardenable types, is not necessarily accompanied by surface
hardening. The metallurgical evidence and microhardness measurements
suggest that the visible burn threshold is virtually co-incident with the onset
of that for austenitization [14].

Burning might be expected to occur when a critical grinding zone
temperature is exceeded. The critical specific energy at the burning thresh-
old, u*, should behave according to Eq. (6-11), so that a graph of u* plot-
ted against the quantity de

1/4a�3/4vw
�1/2 should yield a straight line. This is

indeed what has been found, as seen in Figure 6-7 for straight and external
cylindrical grinding of a wide variety of steels having similar thermal
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properties. The particular straight line at the workpiece burn threshold 
in Figure 6-7 corresponds to Eq. (6-11) with a critical slope B* �
7.2 J/mm2 # s1/2. The intercept value is u0 � 6.2 J/mm3, which corresponds
to 0.45uch and, according to the thermal model, is that portion of the spe-
cific energy not entering the workpiece. This same approach has been
applied to controlling thermal damage for grinding of hardened alloy steels
for helicopter gears [41].

The maximum grinding zone temperature �m at the burning threshold
in Figure 6-7 can be calculated from Eq. (6-13). Using room temperature
values for the thermal properties k and �, the magnitude of the slope corre-
sponds to a maximum temperature rise �m � 650°C. Adding to this a typical
initial temperature of 40 to 70°C, and taking into account the inaccuracies in
the thermal model associated with the assumption of constant thermal prop-
erties as discussed in the previous section, the maximum temperature
becomes comparable to the eutectoid temperature of 723°C for plain
carbon steels. This would be the minimum temperature required for austen-
itization, although a slightly higher temperature of about 800°C might be
necessary in order to form untempered martensite by rehardening at the
ground surface [2].

These findings offer a practical means for in-process identification
and control of thermal damage. During grinding, the measured specific
energy can be compared with the critical specific energy u*, in order to pre-
dict whether workpiece burn is occurring. Likewise the allowable specific
energy can be set higher or lower than u*, depending on the practical
situation. For grinding of high strength critical components, it may be impor-
tant to completely avoid any thermal damage, whereas non-critical compo-
nents may be more efficiently ground if some workpiece burn is allowed at
least during initial rough grinding. Laboratory monitoring of specific energy
is usually based upon force measurements, but this is generally not feasible
in a production environment. Machine power can be accurately measured in
production using inexpensive solid-state power transducers. In order to deter-
mine the net grinding power, it is usually sufficient to subtract the measured
idling power from the total power. The net grinding power can then be
compared with the threshold burning power as given by Eq. (6-14) using the
values of u0 and B* as above. The use of in-process power monitoring in this
way also facilitates adaptive optimal control of the grinding process while
satisfying surface quality requirements (Chapter 13).

Workpiece burn of bearing steels has been found to have an adverse
effect on fatigue life, which might be attributed mainly to the formation of
untempered martensite. This has been dramatically demonstrated in an
investigation of the rolling contact fatigue lives of hardened bearing rings
finished under various grinding conditions [42]. In each case, the specific
energy during grinding was obtained from measurements of the grinding
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force components. The results summarized in Figure 6-8 show a direct rela-
tionship between the L10 fatigue life and the ratio of the specific energy to
the critical specific energy at the burning threshold, u/u*. (L10 is the fatigue
life exceeded by 90% of the specimens.) Below the predicted burning limit
(u/u* � 1) the L10 fatigue life is almost 50 hours, whereas just above the
burning limit it drops to only about 10 hours. Therefore, avoiding work-
piece burn when grinding bearing steels can prevent a catastrophic reduc-
tion in the L10 fatigue life.

6.3.2 Tempering and Rehardening
Steels are often ground in the hardened state. Transformations which

may occur due to excessive grinding temperatures include tempering (soften-
ing) of the hard martensite phase, and also the formation of brittle untempered
marensite (rehardening) if the temperature is high enough and persists
long enough for reaustenitizeation to occur. The formation of untem-
pered martensite is the consequence of rapid cooling of the reaustenitized
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material mainly by heat conduction to the workpiece bulk after the grind-
ing zone (heat source) passes. 

Tempering is a complex phenomenon which is mainly due to carbon
diffusion and is dependent upon both temperature and time. In general, the
hardness H obtained after tempering at temperature � for time t can be
expressed a single-valued function of the time-modified temperature
parameter, �(C � log t), or [43]

(6-17)

where C is an experimentally determined constant for each steel. 
As a practical matter, it would be useful to be able to predict the

reduction in hardness due to grinding heat by combining the tempering
behavior (Eq. (6-17)) with the thermal analysis. The application of this
approach to grinding necessitates determining an effective temperature and
corresponding effective time at that temperature at varying depths below
the surface. While the temperature history at any point in the subsurface is
very complex, it might be expected that the maximum temperature could be
taken as the effective temperature, particularly in view of the very strong
influence of temperature on tempering. The maximum temperature rise at a
depth z below the surface can be obtained from Eq. (6-15). It has been pro-
posed that the effective time might be conveniently expressed by the
parameter (lc /vw) which is how long it takes for the grinding zone (heat
source) to pass any given point on the workpiece surface. Experimental
results for the microhardness distribution in the subsurface of a hardened
steel due to tempering by grinding heat show the expected trends, whereby
a higher temperature and/or longer time parameter (lc/vw) causes a greater
degree of softening [37]. However, these and other results cannot be fitted
to a single master tempering curve (Eq. (6-17)). 

A more fundamental ‘differential’ analysis of the tempering process
has been developed which couples the reaction kinetics with the thermal
analysis [40]. Based upon an analysis of existing tempering data [43], a
third order reaction rate equation was found to describe the tempering phe-
nomena of the form:

(6-18)

where � is the probability (fraction) of transformation and h1 is a thermally
activated parameter:

(6-19)h1 K A1expe- U1

Rua
f

dc

dt
= h1(1 - c)3

H = H3u(C + logt)4
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Here U1 is the activation energy for diffusion of carbon in alpha iron (U1 �
80 kJ/mol), R is the universal gas constant, �a is the absolute temperature,
and A1 is a constant for a particular steel. Furthermore the hardness H was
assumed to have a linear dependence on �:

(6-20)

where H1 and H3 are the minimum and maximum hardnesses of the fully
tempered and fully quenched materials, respectively.

In addition to tempering, a similar ‘differential’ analysis was also
developed for rehardening. Rehardening causes an increase in hardness or,
in other words, a decrease the probability � of tempering. The rate control-
ling step in rehardening of steels is reaustenitization, which can be
described by the first order rate equation [44, 45]

(6-21)

where analogous to tempering

(6-22)

Here the activation energy U2 is for diffusion of carbon in gamma iron 
(U2 � 135 kJ/mol). 

In order to predict the effect of the grinding temperatures on the met-
allurgical state and hardness distribution in the workpiece subsurface after
grinding, the reaction rate kinematics (Eqs. (6-18)-(6-22)) were coupled
with a thermal analysis, similar to the one presented above, which also took
into account the effect of temperature on the thermal properties and of mul-
tiple grinding passes over the same area [40]. Some examples of the results
obtained are shown by the solid lines for the subsurface hardness distribu-
tions in Figure 6-6. Considering the complexity of the tempering and rehard-
ening phenomena, the results obtained from the coupled kinetic and thermal
analysis are in very good agreement with the experimental measurements. 

Tempering commonly occurs near the workpiece surface during
grinding of hardened steels, and it may be accompanied in severe cases by
rehardening. The depth of the thermally affected layer may be reduced by
the use of faster workpiece velocities which results in shallower heat pen-
etration and shorter heating times. Some or even all of a shallow thermally
affected layer produced during aggressive rough grinding at high removal
rates may be removed by gentler finish grinding and spark-out at the end of
the grinding cycle.

h2 K A2exp e-
U2

Rua
f

dc

dt
= -h2(1 - c)

H = H3 - (H3 - H1)c
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6.3.3 Residual stresses
The grinding process invariably leads to residual stresses in the vicin-

ity of the finished surface, which can significantly affect the mechanical
behavior of the material. Residual stresses are induced by non-uniform
plastic deformation near the workpiece surface [2, 3, 46-65]. Mechanical
interactions of abrasive grains with the workpiece result in predominantly
residual compressive stresses by localized plastic flow. The effect may be
likened to that of shot peening. Residual tensile stresses are caused mainly
by thermally induced stresses and deformation associated with the grinding
temperature and its gradient from the surface into the workpiece. At the
grinding zone, the thermal expansion of hotter material closer to the surface
is partially constrained by cooler subsurface material. This generates com-
pressive thermal stresses near the surface which, if sufficiently big, cause
plastic flow in compression. During subsequent cooling, after the grinding
heat passes, the plastically deformed material wants to be shorter than the
subsurface material, so the requirement for material continuity causes tensile
stresses to develop near the surface. In order to ensure mechanical equilibri-
um, residual compressive stresses must also arise deeper in the material, but
these are much smaller in magnitude than the residual tensile stresses. The
formation of thermally induced residual stresses is further complicated by
any solid phase transformations which may occur during the heating and
cooling cycle, since these generally involve volume changes.

Some examples of the distribution of the residual stress component
along the grinding direction are shown in Figure 6-9 for an alloy steel [2].
Residual stress measurements, which are usually based upon X-ray meth-
ods, typically reveal a biaxial stress state in the surface layer, with the stress
along the grinding direction approximately equal to the stress across the
grinding direction [46, 52]. In much production grinding, the residual
stresses are predominantly tensile, which would indicate that they are main-
ly thermal in origin. Residual compressive stresses are considered to have
a beneficial effect on mechanical strength properties, whereas residual ten-
sile stresses have an adverse effect.

The influence of residual stresses is relatively more pronounced with
higher strength brittle materials for which strength considerations are often
critical. More severe grinding conditions on high-strength steels and aircraft
alloys generally cause larger residual tensile stresses, thereby leading to
reduced fatigue strength and cracking. The situation may be further aggra-
vated in steels by hydrogen embrittlement, owing to significantly higher lev-
els of hydrogen being released as a result of grinding fluid breakdown [60].
Abusively ground hardened steel components exposed to hot acid develop
surface cracks, which can be attributed to the presence of residual tensile
stresses acting on brittle untempered martensite formed by workpiece burn.
Cracks induced by acid etching and abusive grinding are usually oriented
normal to the grinding direction [55, 56], which would suggest that the residual
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tensile stress component along the grinding direction is the predominant
one. The tendency for microcracking in high strength nickel base alloys due
to residual tensile stresses may be further promoted by the onset of non-
equilibrium constitutional melting at elevated grinding temperatures [35].

It is generally desirable to control the grinding conditions so as to
induce residual compressive stresses or, at least, to limit the magnitude of
the peak residual tensile stress. As a practical matter, demands for more
efficient production and faster removal rates result in higher residual ten-
sile stresses, such as are seen in Figure 6-9. In order to obtain residual com-
pressive stresses, it is usually necessary to maintain extremely low removal
rates. However, the introduction of CBN abrasive wheels in place of alu-
minum oxide has been shown to induce compressive instead of tensile
residual tensile stresses when grinding hardened bearing races [61, 62].
This would suggest reduced temperatures for grinding with CBN, due to
lower specific energies. Another factor is the very high thermal conductivity
of CBN, which promotes conduction to the wheel, thereby lowering the
energy partition to the workpiece (Chapter 8).

In principle, it should be possible to analytically predict the thermally
induced residual stress distribution from the grinding temperature solution
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coupled with thermal stress and strain calculations. Such analyses have been
performed using the finite-element method [35, 63, 64], taking into account
the initial elastic-plastic stresses and deformation during thermal loading
followed by elastic unloading during cooling. An extensive amount of com-
putational time is usually required, especially when also taking into account
the influence of temperature on the mechanical and thermal properties of the
particular workpiece material, and the non-linear nature of the phenomenon
does not allow for generalization of the results. Significant simplification in
the calculation of the residual stresses may be achieved in some cases by the
use of an approximate one-dimensional analysis [65]. Perhaps of more prac-
tical interest is the experimental observation of a direct relationship between
the peak residual tensile stress and the maximum grinding zone temperature,
as seen in Figure 6-10 for three different steels [2]. The discontinuity near
temperature Ac1 (�m � 721°C) is due to austenite formation, and this corre-
sponds to the visible burning threshold (section 6.3.1). These results
suggest that the magnitude of the peak residual tensile stress can be con-
trolled by keeping the grinding temperature �m below a certain value.
Therefore, it should be possible to specify an allowable specific energy or
power (Eqs. (6-11) or (6-14)) with the temperature �m in the parameter B
corresponding to a limiting residual stress condition.
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6.4 FACE GRINDING

Consider the face-grinding situation illustrated in Figure 3-12. In this
particular case, the wheel surface is wider than the workpiece and the
grinding zone extends over the entire cross-section of the workpiece. In
other cases, especially with cup wheels, the wheel (rim) width is narrower
than the workpiece, and the workpiece cross-section is ground by cross-
feeding the wheel back and forth with intermittent infeed.

The heat transfer situation for continuous face grinding over the entire
workpiece cross-section can be simply approximated by one-dimensional
heat conduction into the workpiece (Figure 6-11). For a workpiece dimen-
sion T and sufficiently big and slow infeed velocity vf, the workpiece can
be approximated as extending to infinity in the z-direction from the surface
being ground. Neglecting any cooling effects, the maximum temperature
rise reached uniformly over the grinding area for a workpiece of arbitrary
cross-section is given by [66]

(6-23)um =
2qwt

1/2

p
1/2 a

1/2rc
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where qw is the heat flux to the workpiece, � is the thermal diffusivity, �c is
the volumetric specific heat, and t is the time from the start of grinding. The
requirement of an ‘infinite’ workpiece in the z-direction is that T > (�t)1/2.
Analogous to the heat transfer analysis in section 6.2, the heat flux qw over
the cross-sectional area Ac of the workpiece can be expressed in terms of the
grinding power P as

(6-24)

where � is the energy fraction conducted into the workpiece, as given by
Eq. (6-9). For this face-grinding situation of stationary continuous heating
with a small infeed velocity, such that the infeed motion of the ground sur-
face into the workpiece can be neglected, the temperature does not reach a
steady state but continually rises. (The situation in which the infeed veloc-
ity has also been taken into account is considered in the following section.)
One way to prevent this undesirable situation is to apply grinding fluid to
cool around the workpiece periphery. However, in practice, many face-
grinding operations, especially for tool and cutter grinding applications, are
carried out dry, in which case the grinding operation should be periodical-
ly interrupted in order to allow for some cooling. This is particularly impor-
tant when using resin-bonded superabrasive-wheels, which are sensitive to
temperature.

With a narrow-rimmed-cup wheel, the heat transfer situation is more
difficult to analyze. In this case, the grinding zone moves back and forth
across the workpiece surface, similar to the situation in straight surface
grinding. However, the actual shape of the grinding zone is not generally
known and would depend upon the wear pattern of the wheel across the
rim. If the traverse distance across the workpiece is small, as is often the
case, grinding is repeated over the same area after a very short time dura-
tion. In this case the workpiece would ‘feel’ nearly continuous heating from
the surface being ground, and the temperature would progressively rise
with time. Therefore, special precautions should be taken to provide for
periodic cooling, as in the previous case of continuous grinding over the
entire workpiece cross-section.

More complex face-grinding heat transfer analyses are required when
the workpiece is not of uniform cross-section, is not of ‘infinite’ length, or
is cooled by a grinding fluid. Each particular situation would require the
development of a particular thermal analysis which takes into account the
heated grinding areas and their motions, the particular part geometry, and
possible grinding fluid interactions with the workpiece.

qw =
�P

Ac
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6.5 ABRASIVE CUT-OFF

In abrasive cut-off operations, as illustrated in Figure 6-12, a thin
rotating wheel of diameter ds and thickness bs is fed down into the work-
piece at a velocity vf. One approach to modeling the thermal situation for
this operation has been to assume that all the grinding energy is generated
at the grinding zone between the wheel periphery and the workpiece, part
being conducted as heat down into the workpiece and the balance conducted
up into the wheel [67, 68]. There is no energy generated or heat transfer at
the sidewalls between the wheel with the workpiece. Since the wheel diam-
eter is usually substantially bigger than the workpiece width W, the grinding
zone arc of contact can be approximated as a chord and the heat source as
planar. The workpiece thickness T to be cut through is assumed to be infinite,
which is justified for practical infeed velocities except near the end of the
cut. Heat conduction within the wheel is considered to occur only radially
with uniform cooling around the wheel periphery. Heat entering the work-
piece is assumed to be conducted only straight down in the z-direction
within the material to be removed, with no side flow to the remainder of the
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workpiece. The numerical solution to this problem indicates a transient
behavior, with the grinding zone temperature rising from zero at the initial
contact between the wheel and the workpiece towards a steady-state condition.
The transient is primarily controlled by conduction in the wheel, which is
much slower than the transient in the workpiece.

For this heat transfer model, the partition of the grinding energy
between the fractions conducted to the wheel and workpiece is imposed by
a condition that the temperature rise at the wheel periphery is equal to that
of the workpiece over the entire grinding zone. This situation would imply
that the wheel and workpiece are in complete mutual sliding contact, which
is certainly not the case. Heat transfer to the wheel is mainly by its contact
with the grinding chips at discrete abrasive cutting points.

More realistically, the fraction of the grinding heat entering the work-
piece is controlled by the grinding mechanisms, as discussed in the forego-
ing thermal analysis (section 6.2). Therefore, the thermal analysis can be
performed, as before, by considering heating of the workpiece. For this pur-
pose, the grinding zone can be approximated as a uniform planar heat source
moving directly down into the workpiece at the infeed velocity vf with
the material crossing the grinding zone being removed, as in the inclined
source creep-feed analysis. The solution to this heat transfer problem can be
derived from the aforementioned cut-off analysis [67,68] for the limiting
case where the conductivity of the wheel and its cooling are both set equal to
zero. For a heat flux qw over the grinding zone area, the temperature rise is

(6-25)

where ‘erf’ refers to the error function and � is a dimensionless time param-
eter:

(6-26)

where the time t is measured from initial wheel engagement when z � 0. For
a fraction � of the total grinding energy entering the workpiece, the heat flux
qw can be given either in terms of the grinding power P as

(6-27)

where the denominator is the grinding zone area, or in terms of the specific
energy u as

(6-28)qw = �uvf

qw =
�P

Wbs

t K
v2
ft

a

um =
qw

rcvf
c a1 +

t

2
berfa1t

p
b -

t

2
+
A

t

p
e-t>4 d
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Introducing the parameter

(6-29)

and combining with Eq. (6-28), the temperature rise of Eq. (6-25) can also be
written as

(6-30)

where �ad is the adiabatic temperature rise due to uniform heating by the
grinding energy entering the workpiece. The complicated function in the
brackets of Eqs. (6-25) and (6-30) progressively increases with � at a decreas-
ing rate from zero to unity, so �ad is the steady-state temperature rise. It can
be shown from these equations that the transient temperature reaches 90% of
the steady-state value when � � 1.5 or

(6-31)

Introducing the dimensionless parameter

(6-32)

analogous to the thermal number, the significance of which will be consid-
ered in the continuing discussion, and noting that the depth z � vf t, 90% of
the steady-state temperature rise is reached when

(6-33)

For L1 � 1, which is about the lower limit for heavy-duty cut-off, the near-
steady state condition is reached after the wheel has progressed into the
workpiece only to about 1.5 times its thickness bs, so the transient is very
quick. For an extremely slow infeed velocity, the transient becomes much
slower, and in the limit as the temperature in Eq. (6-25) is identical
to the one-dimensional face-grinding situation of Eq. (6-23) and continually
rises.

In formulating this heat transfer analysis, it has been assumed that
heat flow is one-dimensional down into the material to be removed.
Actually, there is always some side flow such that part of the heat is
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conducted out of the path of the advancing wheel and is not removed with
the chips. The degree of side flow heat transfer is less with larger values of
the parameter L1. On the basis of a finite element heat transfer analysis,
which takes into account both downwards and sideways conductions, it
appears that almost all the grinding heat is removed with the chips provid-
ed that L1�1, which would include most heavy-duty abrasive cut-off oper-
ations [2]. Under such conditions, the temperature would quickly rise
towards its steady-state value �ad.

The particular heat transfer situation with cut-off grinding can
account for the relatively small specific energies which are obtained, as
mentioned in the previous chapter. With heavy-duty cut-off at fast removal
rates, the plowing and sliding energy components are negligible, in which
case � � 0.5 (Eq. (6-9)). In most grinding operations, the main workpiece
motion is tangential to the wheel surface (e.g. Figure 6-1), so that the heat
source (grinding zone) is continually moving into cool material and the
chip-formation energy uch can be related to the melting energy per unit vol-
ume starting from near room temperature (Chapter 5). For cut-off opera-
tions, however, the grinding zone moves directly down into hot material.
After the initial transient, the material being ground away can be consid-
ered to have been ‘preheated’ to �ad. Therefore, the melting energy limita-
tion should be based upon heating from �ad, and not from room temperature.
For � � 0.5, this would then imply a specific grinding energy for heavy-duty
cut-off which is only about half of the chip-formation energy for other
grinding processes. For abrasive cut-off of steels, we should expect specific
energies down to about u � 6.9 J/mm3, which is very close to what is actu-
ally obtained. Using a room temperature value of �c in Eq. (6-29), this
would imply an adiabatic temperature rise of �ad � 1850°C, which exceeds
the melting point. A more realistic temperature rise of �ad � 1250°C
is obtained when taking into account the influence of temperature on the
volumetric specific heat �c, and this is comparable to grinding zone tem-
peratures measured with thermocouples [69].

With no sideways heat conduction, the temperature rise across the
grinding zone for cut-off of steel would be about 1250°C, or even higher.
Such high temperatures should cause severe burn on the sidewalls of the
workpiece being cut. However, it has been shown even with very large val-
ues of L1, that sideways conduction at the extreme edge of the grinding
zone can reduce the local steady-state temperature to only 35–45% of �ad
[2]. This local edge temperature corresponds to the maximum sidewall tem-
perature on the cut surface of the workpiece. With such low temperatures,
thermal damage should not be a problem. Thermal damage is more likely
to occur at the end of the cut, as the wheel is about to break through, since
there is virtually no workpiece material remaining to conduct heat down-
ward.
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Thermal Aspects: Creep-Feed Grinding1

7.1 INTRODUCTION

Creep-feed grinding utilizes very slow (creep) workpiece velocities
and extremely large depths of cut. Straight surface grinding under creep
feed conditions allows for much faster removal rates than can be reached
with regular shallow cut grinding without causing thermal damage to the
workpiece, even though creep-feed grinding generally requires much big-
ger specific energies. For creep-feed grinding of steels, the specific energy
may substantially exceed the threshold value for workpiece burn as
obtained for regular grinding in Chapter 6, but with no evidence of any
thermal damage.

It has been suggested that the improved thermal situation in creep-
feed grinding can be attributed to the extremely large depths of cut, such
that much of the heat input to the workpiece is removed together with the
grinding chips before it can be conducted out of the path of the advancing
wheel [2]. This is somewhat analogous to the thermal situation with abra-
sive cut-off as described in the previous chapter. In order to evaluate this
effect for creep feed grinding, the heat transfer analysis (section 6.2) was
modified to take into account the large depth of cut by using an inclined
heat source as illustrated in Figure 7-1 [3]. For this thermal analysis, the cir-
cular arc of the grinding zone was approximated by a chord AB oriented at
an angle � to the direction of workpiece motion. The heat flux was consid-
ered to be uniformly distributed over the source length AB, with the mate-
rial from the workpiece crossing AB being removed during grinding.
Owing to the inclination � and workpiece motion, part of the heat entering
the workpiece at the grinding zone is not conducted down into the workpiece

189

Chapter7

1 Parts of this chapter were adapted from Reference [1].

W
W

W
.C

NCKAV.C
OM



below B, but is convected out across the advancing boundary AB together
with the material (chips) being removed, thereby reducing the maximum
temperature where the newly ground surface is generated at B. However,
for inclination angles typical of creep-feed grinding, which range from 5 to
10 degrees, the calculations using a finite element method showed only a
very moderate reduction in the maximum temperature at the trailing edge
B, as compared with zero inclination, and cannot account for the ability to
creep-feed grind steels without workpiece burn.

The main factor which enhances the thermal situation in creep-feed
grinding is cooling by the fluid at the grinding zone. Creep-feed grinding
requires a copious flow of fluid delivered at high pressure to the grinding
zone in order to remove heat by forced convection. Cooling by the grinding
fluid is effective only up to a critical burnout temperature associated with
film boiling. At this point, considerable vapor is generated, thereby making
it difficult for the fluid to wet and cool the heated surface at the grinding
zone [4-13]. The burnout transition at a critical threshold temperature
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corresponds to a critical burnout heat flux at the grinding zone. The critical
temperature at the burnout threshold is about 130°C with water-based sol-
uble oils and 300°C with straight oils. However, the critical burnout heat
flux with water-based fluids is much higher than with straight oils [9],
owing to the higher thermal conductivity of water-based fluids. It should be
noted that these critical temperatures are usually exceeded for regular shal-
low cut grinding, as considered in the previous chapter, so cooling by the
fluid at the grinding zone was neglected.

When burnout occurs, the grinding zone temperature may jump to
about 1000°C or more. This thermal instability may be accompanied by a
surge phenomenon whereby the grinding power periodically builds up and
drops off, owing to cyclical metal build-up on the wheel followed by self-
sharpening [5, 6]. An example of this cyclical burnout behavior is shown in
Figure 7-2 [12]. In one investigation the workpiece burn threshold for
creep-feed grinding of a bearing steel with a water based fluid over a wide
range of conditions was found to occur at nearly the same heat flux (power
per unit area of grinding zone) of q* � 7–8 W/mm2 [13]. Much bigger
burnout heat fluxes up to 50 W/mm2 have also been reported [6-11]. These
values are typical of those reported for burnout of water in forced convec-
tion [4]. More extensive investigation indicates that the burnout heat flux
depends on the grinding conditions and the location along the grinding path
as shown in Figure 7-3 [12, 13]. For creep-feed grinding of workpieces
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which are long enough for the quasi-steady state temperature to be reached,
burnout is usually observed to occur either in the middle portion of the pass
where the quasi-steady state prevails, or at the end during cut out as the
wheel disengages from the workpiece [14].

Fluid burnout in creep-feed grinding leads to a significant grinding
zone temperature rise and the likelihood of catastrophic thermal damage, so
it should be avoided. Therefore, a main focus in this chapter is on the predic-
tion of fluid burnout for control of thermal damage in creep-feed grinding.

7.2 WORKPIECE TEMPERATURE AND BURNOUT

The thermal analysis for calculating the temperatures and predicting
the burnout limit for creep-feed grinding is similar to that for regular shallow-
cut grinding, but with some notable differences. For creep-feed grinding,
cooling by the fluid at the grinding zone needs to be taken into account,
which can be done through its influence on the energy partition.
Furthermore the slow workpiece velocities may lead to situations whereby
heat conduction along the grinding direction becomes significant

. In this case, Eq. (6-6) would tend to over predict the
maximum temperature. On the other hand, the workpiece may experience
(L K vwlc>4a 6 5)
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an additional temperature rise during the thermal transient at the end of a
grinding pass as the wheel disengages from the workpiece (cut out) due to
the sudden absence of material to conduct away the grinding heat. For this
reason, localized thermal damage often occurs during cut out [14].

By analogy with Eq. (6-6), the maximum temperature rise for a trian-
gular heat source can be written as [12, 14]:

(7-1)

where the parameter � considers the effect of the thermal number L and the
transient behavior during cut out as the wheel disengages. For the quasi-
steady state [12, 14]:

(7-2)

and for the transient during cut out at the end of the grinding pass:

(7-3)

The second term on the right side of Eq. (7-3) in each case is the addition-
al maximum temperature rise above the quasi-steady state due to cut out
[14]. Therefore burnout during cut out should occur at a lower heat flux
because of higher � values than during the quasi-steady state.

Because the fluid burnout is a critical temperature phenomenon, the
heat flux at burnout can be readily obtained from Eq. (7-1) as

(7-4)

where �* is the critical burnout temperature (about 130° C for water-based
fluid and 300° C for oil) and �0 is the initial temperature of the fluid. The
corresponding critical grinding power is:

(7-5)

In order to use Eq. (7-4) to predict the critical burnout heat flux q*
and Eq. (7-5) to predict the corresponding burnout power P*, it is neces-
sary to specify the energy partition to the workpiece �. The energy partition
model developed in Chapter 6 (Eq. 6-9) for regular shallow-cut grinding is

P *
c = q*[lcb] = q*[(ads)

1/2b]

q* =
(u* - u0)(krc)w

1/2

eb
a vw

lc
b1/2

b = e1.02L0.03 + 0.23L- 0.37 0.1 … L …  5

1.06 + 0.23L- 0.37 L 7 5

b = e1.02L0.03 0.1… L …  5

1.06     L 7 5

um =
beq

(krc)1/2 a
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based on the grinding energy model. The fluid influence was not considered
in the model because the grinding zone temperature is generally high
enough to cause fluid burnout under regular grinding conditions. However,
cooling by the fluid at the grinding zone is usually essential under creep-
feed conditions and greatly reduces the energy partition.

7.3 ENERGY PARTITION: SIMPLE MODEL FOR 
CREEP-FEED GRINDING

Grinding energy is dissipated as heat at the grinding zone where the
wheel interacts with the workpiece. For creep-feed grinding, it is convenient
to envision the grinding zone as the interface between the workpiece and the
wheel. The wheel surface is impregnated with fluid in its pores which can
cool the workpiece if the temperature is below the burnout limit. A fraction of
the grinding energy equal to the energy partition is transported to the work-
piece, which moves relative to the grinding zone at the workpiece velocity.
Most of the remaining grinding energy is carried away by the wheel/fluid
composite, which moves relative to the grinding zone at the wheel velocity.
(It will be seen in Chapter 9 that the applied fluid quickly accelerates up to the
peripheral wheel velocity before it enters the grinding zone). Some energy
would also be carried away with the grinding chips, although this is usually a
negligible fraction of the total heat generated in creep-feed grinding [15].

One relatively simple way to estimate the energy partition is to equate
the maximum temperature rise on the workpiece at the grinding zone to the
maximum temperature rise on the wheel/fluid composite surface [16]. The
maximum workpiece temperature rise is given by Eq. (7-1). The maximum
temperature rise at the wheel-fluid composite surface can be written in an
analogous manner by likening the grinding heat input at the wheel-fluid com-
posite to a heat source which moves along its surface at the wheel velocity vs.
In this case, the thermal number Lc for the wheel/fluid composite becomes

(7-7)

where the workpiece velocity is now replaced by the wheel velocity and 
�c is the thermal diffusivity of the wheel/fluid composite. Since 
vs >>vw it is generally found that Lc > 5, so the maximum temperature rise
becomes:

(7-8)(um )s =
1.06(1 - �)qac

1/2a1/4de
1/4

kcvs
1/2

Lc =
vslc
2ac
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where the subscript c refers to the composite and (1 � �)q is the heat flux
to the composite. By equating the composite surface temperature (Eq. (7-
8)) to the workpiece surface temperature (Eq. (7-1), the energy partition for
L >5 and � � 1.06 becomes:

(7-9)

In order to calculate the energy partition from Eq. (7-9), it is neces-
sary to estimate the composite thermal properties. Assuming that the sur-
face porosity is completely filled with grinding fluid and that the thermal
properties of the composite can be approximated by a weighted volumetric
average of the thermal properties of the abrasive grain material and grind-
ing fluid, the composite thermal conductivity and volumetric specific heat
is written as:

(7-10)

where k is the thermal conductivity, �c the volumetric specific heat, and �a
the near surface wheel porosity. The subscripts g and f refer to the grain and
fluid, respectively.

The bulk porosity of a vitrified aluminum oxide wheel for creep-feed
grinding is typically about 50%, but the near surface porosity should be
much bigger. In order to take this effect into account, the grinding wheel
has been modeled as equally spaced spheres and the average near surface
porosity calculated to a radial depth equal to the estimated thermal bound-
ary layer thickness [16]. For creep-feed grinding with water-based fluids,
the average surface porosity �a was estimated to be about 87%. Similar
values were obtained for creep-feed vitrified wheels when considering their
ability to pump fluid through the grinding zone, as will be seen in Chapter 9.
The estimated thermal properties for an aluminum oxide wheel for water-
based fluids with �a � 87% would be kc � 9.7 W/mK and (�c)c � 4.3 �
106 J/m3k. For grinding a plain carbon steels under typical creep-feed
grinding conditions (vs � 30 m/s, vw � 1–20 mm/s), the energy partition
predicted from Eq. (7-9) would be only 1.3%–5.4%, and even lower values
would be obtained for grinding of nickel base alloys. These predictions
agree with measurements reported for down creep-feed grinding of a plain
carbon steel [17].

(rc)c = fa (rc)f + (1 - fa)(rc)g

kc = fakf + (1 - fa)kg

e =
1

1 + a vs
vw
b1/2 c (krc)c

(krc)w

d1/2
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7.4 ENERGY PARTITION: VARIATION ALONG THE
GRINDING ZONE

In the previous section, the energy partition was obtained by equating
the maximum interface temperatures for the workpiece and the wheel/fluid
composite. However, it should be noted that the temperature distribution
along the grinding zone interface on the workpiece side may differ signifi-
cantly from that on the wheel side if a constant energy partition to the work-
piece is assumed. The difference is much greater for up grinding than for
down grinding. The temperatures should match everywhere along the grind-
ing zone at the interface between the workpiece and the composite, which
requires an energy partition which varies along the grinding zone.

In order to analyze how the energy partition varies along the grind-
ing zone, consider the down grinding situation as shown in Figure 7-4. The
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wheel/fluid composite moves relative to the grinding zone at the wheel
velocity, and the workpiece moves relative to the grinding zone at the
workpiece velocity. The grinding energy expended is transported away by
the workpiece passing beneath the grinding zone and by the wheel/fluid
composite passing above the grinding zone. As the wheel/fluid compos-
ite and the workpiece pass through the grinding zone, they should each be
heated up to the same temperature at each point along their common
interface.

For down grinding where the workpiece moves in the same direc-
tion as the wheel/fluid composite at the grinding zone, the leading edge
of the heat source on the workpiece coincides with the leading edge of
the heat source on the wheel/fluid composite as shown in Figure 7-4(b).
In this case, the energy partition to the workpiece should be almost con-
stant along the grinding zone if the heat source moves sufficiently fast
relative to both the workpiece and the composite so that conduction
along the direction of motion can be neglected (L>5 and Lc>5). But for
up grinding where the grinding wheel moves opposite to the workpiece
at the grinding zone, the composite surface of lower temperature comes
into contact with the workpiece surface of higher temperature at point B.
This could even cause local heat flow from the workpiece to the
composite in the region near point B (negative energy partition). At the
other end of the grinding zone near point A, the workpiece of lower tem-
perature comes into contact with the composite of higher temperature,
which could cause heat flow from the composite to the workpiece.
Therefore, the energy partition to the workpiece should deviate more sig-
nificantly from a constant value for up grinding than for down grinding.

Now let us develop a generic model to predict the variation of the
energy partition to the workpiece along the grinding zone both up and down
grinding. For a total heat flux distribution q( ) along the grinding zone as
in Figure 7-4, the heat flux distribution to the workpiece is qw( ) and 
the remaining heat flux to the composite is q( ) � qw( ). The fraction of
the total grinding energy to the workpiece at the grinding zone can then
be denoted by �( ), which is also the ratio of the heat flux to the work-
piece qw( ) to the total heat flux q( ):

(7-11)

The workpiece moves relative to the grinding zone (heat source) at the
workspeed vw and the composite moves at the wheel speed vs. The quasi-
steady state temperature distribution on the workpiece surface �w(x) and
that on the composite surface �c(x) can both be calculated analogous to 
Eq. (6-1) as:

e(j) =
qw(j)

q(j)
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(7-12)

(7-13)

The energy partition to the workpiece �() must satisfy the compati-
bility requirement that the temperature on the workpiece surface �w(x)
equals the temperature on the composite surface �c(x) everywhere along the
grinding zone:

(7-14)

The numerical solution of this problem gives us the energy partition distri-
bution along the grinding zone [14].

Two examples will be presented to illustrate how the energy partition
varies along the grinding zone, one for down grinding and one for up grind-
ing. For down grinding, the calculated energy partitions are shown in Figure
7-5(a) for a triangular heat flux distribution under creep-feed grinding condi-
tions. Also included in this figure is the constant energy partition value
obtained using Eq. (7-9). It can be seen that the energy partition distribution
deviates significantly from the constant energy partition value near the trail-
ing and the leading edges of the grinding zone. The energy partition becomes
negative very close to the leading edge of the grinding zone (x/l � 1).
However, the temperature distribution is nearly the same in both cases as seen
in Figure 7-5(b).

The situation for up grinding is different from down grinding as stat-
ed above. For up grinding, the wheel/fluid composite moves opposite to the
workpiece at the grinding zone, so the leading edge on the workpiece cor-
responds to the trailing edge on the composite and the trailing edge on the
workpiece corresponds to the leading edge on the composite. In this case,
the energy partition to the workpiece deviates much more drastically from
a constant value than for down grinding as can be seen in Figure 7-6(a). The
energy partition exceeds unity at the heat source leading edge (x/l � 1) indi-
cating net heat flow from the composite to the workpiece, and decreases
along the grinding zone becoming negative near the trailing edge (x/l � �1)
indicating net heat flow from the workpiece to the composite. From the cor-
responding temperature distributions in Figure 7-6(b), it can be seen that
the constant partition model predicts a lower temperature near the heat
source leading edge, a higher temperature near the trailing edge, and a
lower maximum temperature.

uw(x) = uc(x)
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K0 c vw

2aw

{(x - j)2 + z2}
1
2 ddj-

vw(x - j)
2aw

uw(x) =
1

pkw L
l

- l

q(j)e(j)e

198 Chapter 7

W
W

W
.C

NCKAV.C
OM



Thermal Aspects: Creep-Feed Grinding 199

–0.06

–0.03

0

0.03

0.06

0.09

–1.0 –0.5 0.0 0.5 1.0

E
ne

rg
y 

pa
rt

iti
on

variable partition

constant partition

vs = 30 m/s
vw = 0.001 m/s
a  = 2 mm
ds = 250 mm

Dimensionless distance,

(a)

x/

0

20

40

60

80

100

120

–1.0 –0.5 0.0 0.5 1.0

Dimensionless distance,

(b)

T
em

pe
ra

tu
re

 r
is

e,
 (

°C
)

variable partition

constant partition

vs = 30 m/s
vw = 0.001 m/s
a  = 2 mm
ds = 250 mm
q = 18 W/mm2

x/

Figure 7-5 Energy partition and temperature distributions for creep-feed down grinding
with triangular total heat flux distribution

W
W

W
.C

NCKAV.C
OM



200 Chapter 7

–1.0

–0.5

0.0

0.5

1.0

–1.0 –0.5 0.0 0.5 1.0

E
ne

rg
y 

pa
rt

iti
on

variable partition

constant partition

vs = 30 m/s
vw = 0.001 m/s
a = 2 mm
ds = 250 mm

Dimensionless distance,

(a)

x/

0

20

40

60

80

100

120

140

–1.0 –0.5 0.0 0.5 1.0

T
em

pe
ra

tu
re

 r
is

e,
 (

°C
)

variable partition

constant partition

vs = 30 m/s
vw = 0.001 m/s
a = 2 mm
ds = 250 mm
q = 18 W/mm2

Dimensionless distance,

(b)

x/

Figure 7-6 Energy partition and temperature distributions for creep-feed up grinding
with triangular total heat flux distribution

W
W

W
.C

NCKAV.C
OM



7.5 ENERGY PARTITION: SINGLE GRAIN MODEL

Another approach to estimating the energy partition analyzes the heat
transfer to the abrasive grains (wheel), fluid, and workpiece by considering
a single grain surrounded by fluid interacting with the workpiece [12, 15]
as shown in Figure 7-7. Each single active grain is modeled as a truncated
cone of radius ro at its tip moving along the workpiece surface at the wheel
velocity vs. All of the grinding energy is considered to be uniformly dissi-
pated as heat at the grain-workpiece interface of area A0 � 	r

0
2. The max-

imum temperature rise at the grain-workpiece interface is

(7-15)

where A is the fraction of wheel surface consisting of truncated grain tips
(wear flats), �dry is the ‘initial’ energy partition to the workpiece, k the ther-
mal conductivity, �c the volumetric specific heat, and the subscript ‘g’
refers to the grain material. The function f(�) is [15]:

(7-16)

where

(7-17)z K a lcg2pag

A0vs
b1/2

f(z) =
2

p1/2

z

1 - exp(z2)erfc(z)

umaxg = 1.13
(1 - edry)q

(krc)g
1/2 a lc

vs
b1/2 1

f(z)A
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� is a geometric grain shape factor defined as

(7-18)

and rg is the grain radius. Part of the initial energy partition �dry is then
immediately transferred from the workpiece to the fluid, thereby leaving
the energy partition � in the workpiece.

Cooling by the fluid in this way is taken into account by consider-
ing the temperature at the fluid-workpiece interface within the grinding
zone. Grinding fluid entering the wheel pores is quickly accelerated and
can be considered to be moving at the wheel velocity within the grind-
ing zone [4]. For a thermal number , the maximum
temperature rise of the fluid at its interface with the workpiece can be
written as [18]:

( 7-19)

where � is the fraction of the total energy not removed by the fluid (energy
partition) and subscript f refers to the fluid. The maximum workpiece tem-
perature rise can be expressed as

(7-20)

If the maximum temperature at the workpiece-fluid interface is the same as
at the workpiece-grain interface (�max � �maxf � �maxg), the overall energy
partition to the workpiece is finally obtained by combining Eqs. (7-15), 
( 7-19) and (7-20):

(7-21)

where � is defined in Eqs. (7-2) and (7-3) and

(7-22)Æ K 0.94
(krc)g

1>2

(krc)w
1>2Af(z) +

(krc)f
1>2

(krc)w
1>2 (1 - A)

e =
1

1 + Æ a vs

vw
b1>2
b

umax = b
e q

(krc)w
1/2 a

lc
vw
b1/2

umaxf = 1.06
q(edry - e)

(krc)f
1/2 a lc

vs
b1/2 1

(1 - A)

L K vwl>2a 7 5

g K
drg

dz
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The burnout heat flux predicted by substituting Eqs. (7-21) and (7-22)
into Eqs. (7-4) or (7-5) agrees quite well with the measured burnout heat
flux under various conditions as shown in Figure 7-3 [12, 13]. In this
figure, the upper line is the model prediction for burnout at the middle of
the grinding (quasi-steady state) and the lower line is the result for burnout
during cut out.

This single grain energy partition model can be used to account for
the differences in energy partition to the workpiece under various grinding
and fluid application conditions. For regular grinding with conventional
aluminum oxide wheels and water-based fluids, the grinding zone temper-
atures are often much higher than the burnout limit of 130° C, so cooling
by the fluid is not effective at the grinding zone. In this case, the term
(k�c)f in Eq. (7-21) is essentially zero, which leads to an energy partition
of about 60–70%. For creep-feed grinding, the temperature at the grinding
zone is below 130° C. The term (k�c)f is approximately 2.72 � 106

J2/m4K2s which leads to an energy partition less than 5%, comparable to
actual measurements [17]. In Chapter 8, this single grain model will also
be used to account for the energy prediction for grinding with CBN abra-
sive wheels.

7.6 TRANSIENT TEMPERATURE

In the previous sections, we have considered the situation where the
workpiece is long enough for the temperature within the grinding zone to
reach a quasi-steady state. Temperatures generated in the workpiece during
straight surface plunge grinding follow a transient behavior as the grinding
wheel engages with and disengages from the workpiece [19]. Transient
conditions also prevail throughout the entire grinding pass for workpieces
which are shorter than needed to reach a quasi-steady state condition [14],
which is often the case for creep-feed grinding. The temperature rises rap-
idly during initial wheel-workpiece engagement (cut in), subsequently
reaches a quasi-steady state value if the workpiece is sufficiently long, and
increases still further during final wheel-workpiece disengagement (cut
out) as workpiece material is suddenly unavailable to dissipate heat. In this
section, models are developed for the transient temperature distribution
under creep-feed conditions. Thermal damage to the workpiece often
occurs near the end of a grinding pass as the wheel disengages from the
workpiece (cut out) [12], which also suggests that the highest temperature
might be reached at this location.

For analyzing transient grinding temperatures, the workpiece can be
categorized as either long or short in terms of both the geometric conditions
and the thermal conditions. A workpiece is geometrically long if its length
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exceeds the wheel-workpiece contact length at the full depth of cut (lw>lc)
as shown in Figure 7-8, and it is geometrically short if its length is less
(lw<lc) as shown in Figure 7-9. A geometrically long workpiece may be fur-
ther classified as thermally long or short according to whether it is
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sufficiently long for the quasi-steady state surface temperature to be
reached. Geometrically short workpieces are also thermally short.

For analyzing the temperatures generated during grinding of a geo-
metrically long workpiece, it is useful to consider three sequential regimes
as illustrated in Figure 7-8: cut in, steady state, and cut out. Heat input to
the workpiece in each regime occurs over the wheel-workpiece arc length
of contact which can be approximated by the chord length. During cut in,
the contact length li increases approximately linearly from zero to its geo-
metrical steady state value lc as the depth of wheel engagement with the
workpiece in the downfeed direction increases from zero to the specified
wheel depth of cut a. The corresponding workpiece temperature at the
grinding zone should rapidly rise during cut in as the metal removal rate
increases from zero to its steady state value. Whether the workpiece is ther-
mally long enough to reach the quasi-steady state temperature depends on
its thermal properties and the grinding conditions. Cut out occurs during
disengagement at the end of the grinding pass as the wheel-workpiece con-
tact length lo decreases from its steady state value lc back to zero. During
cut out the temperature may exceed the quasi-steady value insofar as work-
piece material is suddenly unavailable to conduct heat away.

For grinding a geometrically short workpiece as shown in Figure 7-9,
the wheel depth of engagement in the downfeed direction is smaller than
the specified wheel depth of cut a throughout the grinding pass [20]. The
grinding pass for the short workpiece can also be divided into three
regimes: cut in, cut down, and cut out. The wheel-workpiece arc length of
contact, again approximated here by the chord length as for the geometri-
cally long workpiece, increases nearly linearly from zero to its maximum
value during cut in. Cut down begins after the workpiece has traveled a dis-
tance from initial engagement equal to the workpiece length lw at which
point the workpiece top surface becomes completely covered by the grind-
ing zone. Since lw is generally much longer than the maximum depth of
engagement, the contact length in this regime can be approximated as being
equal to lw. During cut out which begins when the workpiece has traveled
a distance lc, the contact length decreases from its maximum value (work-
piece length) back to zero.

The thermal model for analyzing the transient temperature distribu-
tion during straight surface grinding of a rectangular block (workpiece) of
height lh and length lw is illustrated in Figure 7-10. The heat flux to the
workpiece at the grinding zone is modeled as a continuously distributed
planar band source of intensity �q(x) on the top surface of the workpiece
which moves at the workpiece velocity vw. The length of the heat source
corresponds to the wheel-workpiece contact length which varies during cut
in and cut out as described above. Wheel depths of cut, even for creep-feed
grinding, are usually sufficiently small such that the inclination and curva-
ture of the heat source can be neglected [3]. Crosswise heat transfer is

Thermal Aspects: Creep-Feed Grinding 205

W
W

W
.C

NCKAV.C
OM



neglected, so the problem is two-dimensional. The dimensionless form of
the governing heat transfer equation can be written as

(7-23)

where

(7-24)

The temperature distribution �(x, z, t) within the workpiece can be
obtained by solving Eq. (7-23) with appropriate initial and boundary con-
ditions. Since the temperature rise is our main concern, the initial tempera-
ture can be taken as zero everywhere within the workpiece. The bottom of
the workpiece is assumed to be sufficiently remote from the top surface so
as to remain at its initial temperature throughout the grinding pass. At any
location x on the workpiece top surface as in Figure 7-10, the intensity of
the heat input to the workpiece is time dependent due to the motion of the
workpiece along the grinding direction. At time t the leading edge of the
heat source (grinding zone) has traveled a distance vwt from the left end of
the workpiece. The heat flux increases during cut in as the wheel depth of
engagement with the workpiece in the downfeed direction increases from
zero to the specified wheel depth of cut, and decreases during cut out as the
engagement with the workpiece in the downfeed direction decreases from
the specified wheel depth of cut to zero.
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Grinding fluid is applied to the wedge formed by the wheel and work-
piece top surface, at the leading edge side for down grinding with the wheel
and workpiece velocities in the same direction in the grinding zone, and at
the trailing edge side for up grinding with the velocities in opposite direc-
tions. A fraction of the applied fluid is carried through the grinding zone by
the rotating wheel, while most of the remaining fluid falls back into the
stream of fluid on the workpiece top surface [21, 22]. Most of the fluid pass-
ing through the grinding zone is ejected slightly upward by the high-speed
rotation of the grinding wheel so that only a small amount actually falls on
the workpiece top surface ahead of the grinding zone. Therefore, convective
heat transfer on the top surface should be greatest on that side of the grind-
ing zone where the grinding fluid is directly applied (trailing edge side for
up grinding and leading edge side for down grinding), and much smaller on
the opposite side. For simplicity, two different convective heat transfer coef-
ficients are assumed for the regions ahead of and behind the grinding zone.
Within the grinding zone, fluid being carried through by the porous wheel
rotating at high speed may also provide convective cooling. Cooling by the
fluid within the grinding zone can be considered to reduce the heat source
intensity �q(x) by reducing the energy partition to the workpiece [14, 18].

An example illustrating the transition from a thermally short to a
thermally long workpiece is presented in Figure 7-11 [14]. The maximum
dimensionless workpiece temperature uring the grinding pass is shown
for thermal numbers L � 1 and L � 5 with dimensionless workpiece lengths
ranging from Lw � 0.5 to Lw � 4.5. The results in Figure 7-11(a) are for a
rectangular heat source and in Figure 7-11(b) for a triangular heat source.
In both cases, the maximum temperature rises very rapidly during cut in as
the grinding wheel engages the workpiece. The quasi-steady state value is
subsequently reached at approximately Lw � 1.5 for L � 5 and Lw � 4.5 for
L � 1. Whether a workpiece can be considered to be thermally long
depends on the thermal number. At the end of the pass during cut out, there
is also an abrupt additional temperature rise in each case due to the sudden
unavailability of workpiece material to conduct heat away. Cooling of the
workpiece end face by using an additional nozzle can significantly lower or
eliminate this additional temperature rise [14].

As a practical matter, the maximum temperature during the entire
grinding pass may be of particular concern. For a triangular heat source, the
maximum dimensionless temperature can be approximated as [14]:

(7-25)

for 0.2 < Lw < 5 and 0.4 < L < 5. This result can be used to predict burnout
in creep-feed grinding with thermally short workpieces.

um = 1.06e- 0.06Lw c 0.37

L0.26 + 0.24e- 0.62L d + 0.10L- 0.83Lw
0.66

um
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Figure 7-11 Maximum dimensionless temperature versus dimensionless time for vari-
ous dimensionless workpiece lengths with (a) rectangular heat source and
(b) triangular heat source.
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7.7 THERMAL COMPARISON: REGULAR AND 
CREEP-FEED GRINDING

Thermal damage control may require imposing an upper limit on the
grinding temperature. For creep-feed grinding, it is essential to avoid fluid
burnout to avoid thermal damage to the workpiece. Eqs. (7-4) and (7-5) are
the general forms of the critical power flux and grinding power at fluid
burnout. The energy partition � in these equations depends on the grinding
condition, wheel types, and fluid application conditions.

In order to compare the thermal limit for creep-feed grinding with
that of regular shallow-cut grinding, it is convenient to examine the rela-
tionship between the grinding power and the volumetric removal rate while
maintaining a constant value of the parameter . Since the volu-
metric removal rate is

(7-26)

the workpiece velocity and wheel depth of cut are given by

(7-27)

and

(7-28)

with a faster removal rate for a given value of R being associated with more
creep-feed like conditions, i.e. slower workpiece velocity and bigger wheel
depth of cut. The parameter R is also indicative of the undeformed chip
thickness (Chapter 3). Furthermore, the surface finish in straight surface
grinding without spark-out may also depend on this parameter (Chapter
10), so maintaining a fixed value of R might approximate grinding with a
constant finish.

Returning to Eq. (7-5), the critical burnout power for creep-feed
grinding can now be written in terms of R and Qw as

(7-29)

or for given q*, b, de, and R, the critical power is simply proportional to the
removal rate:

(7-30)Pc
* = cQw

Pc
* = aq*de

1>2
R
b Qw

a = aQw

bR
b2

vw =
bR2

Qw

Qw = vwab

R K vwa
1>2
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where

(7-31)

From Eq. (6-14), the threshold power at the burning limit for conven-
tional grinding of steels is given by

(7-32)

or substituting for vw and a from Eqs. (7-27) and (7-28):

(7-33)

Since u0 and B* are constants, this relationship for given values of de, b,
and R reduces to

(7-34)

where

(7-35)

Together with these two relationships for the onset of thermal dam-
age ((Eqs. (7-30) and (7-34)), an expression can also be derived for the
grinding power consumption in terms of Qw and R in place of the parame-
ters vw and a. Like the specific energy, the grinding power can be consid-
ered to consist of chip-formation, plowing, and sliding components:

(7-36)

as discussed in Chapter 5. The specific energy for chip formation uch can
be considered to be constant, so that

(7-37)

The tangential plowing force is considered to be constant, in which case the
plowing power for a given wheel velocity

(7-38)

is also constant. The sliding power Psl is proportional to the tangential sliding
force component Ft,sl which, in turn, is proportional to the wear-flat area A
and is given by the second term in Eq. (5-11):

Ppl = Ft,plvs

Pch = uchQw

P = Pch + Ppl + Psl

d K B*bde
1>4R1>2

P* = u0Qw + d

P* = u0Qw + B*bde
1/4R 1>2

P* = u0bvwa + B*bde
1>4a1>4vw

1>2

c K
q*de

1>2
R
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(7-39)

Furthermore, assuming a linear relationship between the average contact
pressure and the curvature difference (see Figure 5-7) of the form

(7-40)

where p0 and p1 are constants, and substituting for � from Eq. (3.22), the
sliding power can be written as:

(7-41)

where

(7-42)

and

(7-43)

The total grinding power is the sum of Eqs. (7-37), (7-38), and (7-41),
which finally reduces to

(7-44)

which increases linearly with Qw when the parameters f and g are fixed.
Eqs (7-30), (7-33), and (7-44) for the burnout, burning, and grinding

powers (Pc
*, P*, and P) are shown plotted versus removal rate in Figure 7-12.

As mentioned above, the grinding parameters vw and a are varied so as to
maintain a fixed value of R while the remaining parameters remain con-
stant. Of particular interest are the intersections at Qw,l and Qw,2. The region
Qw< Qw,l corresponds to regular grinding without burning. Here, the grind-
ing power exceeds the critical burnout power (P>Pc

* ) so cooling is ineffec-
tive, but workpiece burn does not occur since the grinding power is less
than the burning power without cooling (P<P*). For Qw>Qw,2, creep-feed
grinding conditions are obtained without workpiece burn, even though P> P*.
In this region, the burnout limit exceeds the burning power (Pc

*>P* ) owing
to cooling, but the grinding power is less than the burnout power (P<Pc

* ).
Furthermore, the difference between Pc

* and P becomes progressively bigger
at larger removal rates, which would suggest lower grinding temperatures.
The removal rate Qw,2 can be considered to define the boundary of the

P = (uch + f)Qw + (Ppl + g)

g K
4mp1bAR

de
1>2

f K
mp0de

1>2Avs
R

Psl = fQw + g

p = p0 + p1¢

p

Psl = Ft,slvs = mpb(dea)1>2Avs
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creep-feed grinding regime. In the intermediate region Qw,1<Qw<Qw,2, ther-
mal damage (workpiece burn) would prevail because the grinding power P
exceeds both thermal damage limits P* and Pc

*.
Some additional characteristics of creep-feed grinding can also be

seen from Figure 7-12. If the slope for P versus Qw exceeds that for Pc
* ver-

sus Qw, it is apparent that creep-feed grinding cannot be performed without
burnout. This condition can be expressed as

(7-45)

Noting that uch << f for creep-feed grinding and substituting for c and f
from Eqs. (7-31) and (7-42) leads to the minimum requirement that

(7-46)

In order to ‘enlarge’ the creep-feed grinding regime and reduce thermal
damage, it is generally desirable that the quantity on the left-hand side of

mp0Avs
q* 6 1

(uch + f) 6 c
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this inequality be as small as possible. This objective is met by keeping the
wheel sharp (small A) and providing more effective cooling (large q*).
Because of the increased tendency for wheel dulling with creep-feed grind-
ing (see Chapter 5), it becomes important to redress often. In many cases,
especially when grinding high-strength aircraft alloys, continuous rotary
dressing is used during grinding to maintain a constant degree of wheel
sharpness [10, 23, 24]. More effective cooling requires delivery of more
and/or cooler grinding fluid to the grinding zone. From Eq. (7-46) it would
appear that low wheel velocities are beneficial, and this is sometimes true,
but it should be noted that higher wheel velocities tend to enhance cooling
and increase the burnout flux q* by ‘pumping’ more fluid through the grind-
ing zone and lowering the energy partition (e.g. Eq. (7-9))

Creep-feed grinding is characterized by very high specific energies,
removal rates, and forces, so that very stiff and powerful machines are
required. A pressurized grinding fluid system and a large tank are also nec-
essary in order to provide the necessary cooling. Conventional grinding
machines are usually not suitable for creep-feed grinding.

REFERENCES

1. Malkin, S. and Guo, C., ‘Thermal Analysis of Grinding’, Annals of the CIRP, 57/2,
2007, p.760.

2. Werner, P. G., Younis, M. A. and Schlingersiepen, R., ‘Creep Feed - an Effective
Method to Reduce Work Surface Temperatures in High Efficiency Grinding
Processes’, Proceedings, Eighth North American Manufacturing Research
Conference, 1980, p. 312.

3. Dawson, P. R. and Malkin, S., ‘Inclined Moving Heat Source Model for Calculating
Metal Cutting Temperatures’, Trans. ASME, J. of Eng. for Ind., 106, 1984, p. 179.

4. Incropera, F. P. and Dewitt, D. P., Introduction to Heat Transfer, 4th edition, John
Wiley and Sons, New York, 2002, p. 559.

5. Shafto, G. R., Howes, T. D. and Andrew, C., ‘Thermal Aspects of Creep Feed
Grinding’, Proceedings of the Sixteenth International Machine Tool Design and
Research Conference, 1975, p. 31.

6. Andrew, C., ‘Coolant Application in Creep Feed Grinding’, Proceedings of the
International Conference on Creep Feed Grinding, Bristol, 1979, p. 67.

7. Powell, J. W. and Howes, T. D., ‘A Study of the Heat Flux at which Burn Occurs in
Creep Feed Grinding’, Proceedings of the Nineteenth International Machine Tool
Design and Research Conference, 1978, p. 629.

8. Pearce, T. R. A. and Howes, T. D., ‘The Effect of Wheel Structure on Coolant
Application in Creep Feed Grinding’, Fourth Polytechnics Symposium on
Manufacturing Engineering, Birmingham, 1984.

9. Salter, N. D., Pearce, T. R. A. and Howes, T. D., ‘A Fundamental Investigation of
Workpiece Burn in Creep Feed Grinding’, Milton C. Shaw Grinding Symposium, PED-
16, ASME, 1985, p. 199.

Thermal Aspects: Creep-Feed Grinding 213

W
W

W
.C

NCKAV.C
OM



10. Andrew, C., Howes, T. D. and Pearce, T. R. A., Creep Feed Grinding, Holt, Rinehart
and Winston, London, 1985, Chapters 4 and 5.

11. Yasui, H., ‘On Limiting Grinding Condition for Fluid Supply Effect’, Proceedings of
the 5th International Conference on Production Engineering, Tokyo, 1984, p. 58.

12. Guo, C. and Malkin, S., ‘Analytical and Experimental Investigation of Burnout in
Creep-Feed Grinding,’ Annals of the CIRP, 43/1, 1994, p. 283.

13. Furukawa, Y., Ohishi, S. and Shiozaki, S., ‘Selection of Creep Feed Grinding
Conditions in View of Workpiece Burning’, Annals of the CIRP, 28/1, 1979, p. 213.

14. Guo, C. and Malkin, S., ‘Analysis of Transient Temperature in Grinding,’ Trans.
ASME, J. of Eng. for Ind., 117, 1993, p. 571.

15. Lavine, A.S., Malkin, S. and Jen, T.C., ‘Thermal Aspects of Grinding with CBN
Abrasives,’ Annals of the CIRP, 38/1, 1989, p. 557.

16. Lavine, A., ‘A Simple Model for Convective Cooling during Grinding Process,’ Trans.
ASME, J. of Eng. for Ind., 110, 1988, p. 1.

17. Kim, N., Guo, C., and Malkin, S., ‘Heat Flux and Energy Partition in Creep-Feed
Grinding,’ Annals of the CIRP, 46/1, 1997, p. 227.

18. Guo, C. and Malkin, S., ‘Analysis of Energy Partition in Grinding,’ Trans. ASME, J.
of Eng. for Ind., 117, 1995, p. 55.

19. Crisp, J. N., Transient Thermal Aspects in Surface Grinding, Ph.D. Thesis, Carnegie
Mellon University, 1968.

20. Chiu, N., Computer Simulation for Form Grinding Process, PhD Thesis, University of
Massachusetts, 1993.

21. Engineer, F., Guo, C. S. and Malkin, S., ‘Experimental Measurement of Fluid Flow
through the Grinding Zone’, Trans. ASME, J. of Eng. for Ind., 114, 1992. p. 61.

22. Guo, C. and Malkin, S., ‘Analysis of Fluid Flow through the Grinding Zone’, Trans.
ASME, J. of Eng. for Ind., 104, 1992, p. 427.

23. Howes, T. D., ‘The Technique of Dressing during Grinding’, Proceedings of
International Conference on Creep Feed Grinding, Bristol, 1979, p.  184.

24. Pearce, T. R. A. and Howes, T. D., ‘Applications of Continuous Dressing in Grinding
Operations’, Proceedings of the Twenty-Third International Machine Tool Design and
Research Conference, 1982, p. 203.

BIBLIOGRAPHY

Andrew, C., Howes, T. D. and Pearce, T. R. A., Creep Feed Grinding, Holt, Rinehart and
Winston, London, 1985.

Marinescu, I. D., Hitchiner, M., Uhlmann, E., Rowe, W. B. and, Inasaki, I., Handbook of
Machining with Grinding Wheels, CRC Press, 2007, Chapter 16.

214 Chapter 7

W
W

W
.C

NCKAV.C
OM



Thermal Aspects: Grinding 
with CBN Abrasives1

8.1 INTRODUCTION

In the previous two chapters, grinding temperatures were analyzed
by considering the grinding zone as a heat source which moves along the
workpiece surface. Temperatures calculated for given operating parameters
were generally found to be proportional to the rate of energy expended and
to the fraction of that energy which is transported as heat to the workpiece
at the grinding zone (energy partition). For regular shallow cut grinding
with conventional abrasive wheels, it was seen in Chapter 6 that heat trans-
fer to the workpiece is especially important, as the energy partition typically
ranges from 60 to 90%. High temperatures are generated which may cause
thermal damage to the workpiece. This is in sharp contrast to the situation
for creep-feed grinding using aluminum oxide wheels as described in
Chapter 7. In the absence of fluid burnout, the energy partition for creep
feed grinding is typically only 3 to 6%. Thermal damage should not occur
if the temperature remains below the burnout limit of the fluid.

The present chapter is concerned with the thermal aspects of grinding
with cubic boron nitride (CBN) superabrasive wheels. As compared with
conventional aluminum oxide wheels, thermal damage with CBN is gener-
ally found to be much less of a problem [2]. For grinding of steels with CBN
wheels, workpiece burn is much less likely to occur, and residual stresses at
the ground surface are usually found to be predominantly compressive.
These observations are indicative of much lower temperatures with CBN
than with aluminum oxide wheels. Lower temperatures with CBN were
originally attributed to the somewhat smaller specific energies which are
typically found in practice. However it was subsequently postulated that the

215

Chapter8

1Parts of this chapter were adapted from Reference [1].

W
W

W
.C

NCKAV.C
OM



main effect is due to the very high thermal conductivity of CBN, so that a
much larger fraction of the grinding heat is transported to the grain rather
than to the workpiece (lower energy partition) [3]. The thermal conductivity
of CBN is approximately 35 times bigger than that of aluminum oxide.
Cooling by the grinding fluid may also be an additional factor with CBN.

This chapter begins with a consideration of vitrified CBN wheels,
and then proceeds to single layer electroplated CBN wheels. These two
types of wheels account for the vast majority of CBN wheels used in indus-
try. At one time, resin bonded CBN wheels were the most common, but
their use has been largely supplanted by vitreous bonded products. In recent
years, electroplated CBN wheels have been growing in popularity, espe-
cially for automotive and aerospace applications. The inherent structural
porosity of vitrified CBN wheels would seem to provide favorable condi-
tions for cooling by the fluid at the grinding zone. By contrast, this type of
cooling would seem less likely to occur with electroplated CBN wheels due
to their limited surface porosity, but it will be seen that this is not necessar-
ily true. The chapter concludes with the thermal aspects of high efficiency
deep grinding (HEDG), which typically uses electroplated wheels operat-
ing at high wheel speeds with very large depths of cut, comparable to or
even bigger than for creep feed grinding, together with much faster work
speeds. Despite the extreme removal rates which can be achieved, the
HEDG process has found only limited application in industry up to now.

8.2 VITRIFIED CBN WHEELS

It was seen in Chapter 7 that very low energy partitions of only a few
percent could be obtained for creep-feed grinding due to cooling by the fluid
at the grinding zone. Two thermal models were developed to account for this
behavior, one which matches the temperatures on the workpiece and the
wheel/fluid composite at the grinding zone, and a second one which consid-
ers the thermal situation for a single active grain surrounded by grinding
fluid. The single grain model was originally developed in order to assess
how the high thermal conductivity of CBN abrasive grains might lower the
energy partition [3], although the application of this model in the previous
chapter was used to explain how cooling by the fluid in creep feed grinding
could drastically lower the energy partition. The first energy partition meas-
urements for grinding with CBN abrasive wheels were reported only some
years later for regular shallow cut grinding [4]. In that investigation, temper-
ature matching methods were used to obtain the energy partition for grind-
ing of various steels using both vitrified and electroplated CBN wheels. The
underlying idea was to ascertain the role of the thermal conductivity of CBN
as implied by the single grain model. When conducting these experiments,
no attempt was made to account for the possible role of the grinding fluid.
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Up grinding experiments were performed on a simple surface grinder
equipped with a typical low pressure flood application device at a low fluid
flow rate (up to 2.4 liters/min). With this application method, the fluid does
not directly reach the crevice between the wheel and the workpiece, but usu-
ally hits the rotating wheel and then falls on the workpiece (see Chapter 9).

One set of results obtained for grinding of a die steel (AISI 01) with
a vitrified CBN wheel  is shown in Figure 8-1, where the maximum tem-
perature rise is plotted versus the depth beneath the ground surface. This
measured temperature was then matched to the theoretical temperature
(Chapter 6), taking into account the dynamic response of the thermocouple,
in order to obtain the energy partition. In this particular example, the effect
of cooling ahead of the grinding zone where the fluid hits the workpiece top
surface was also taken into consideration by specifying a cooling coeffi-
cient h � 10,000 W/m2 K at this location. As compared with the usual
assumption of an insulated surface, the main effect of this change in the
boundary conditions is to increase the cooling rate of the workpiece mate-
rial after it passes through the grinding zone. It has virtually no influence
on the maximum surface temperature and energy partition at the grinding
zone. The measured and theoretical temperatures in Figure 8-1 match quite
well for an energy partition of 20%. For numerous other tests conducted
under the same conditions on this die steel and on hardened AISI 52100
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bearing steel, comparable energy partition values were obtained by apply-
ing temperature matching methods to both the maximum subsurface tem-
peratures and to temperature responses during single grinding passes.

With flood cooling as in these tests, it is highly unlikely that the amount
of fluid actually reaching the grinding zone would have been sufficient to fill
up the pores and cool the workpiece [5, 6]. Furthermore the maximum surface
temperature rise as seen in Figure 8-1 is close to 120°C which, when added to
an ambient temperature of 20 – 25°C, brings the grinding temperature above
the fluid burnout limit of 130°C. Because of the ineffective fluid application
and/or burnout of the fluid, it would seem reasonable to neglect cooling by the
fluid at the grinding zone when applying the single grain energy partition
model, which can be done by setting (k�c)f � 0 in Eqs. (7-21) and (7-22). The
reduced energy partition in this case, relative to that for aluminum oxide
wheels, would then be attributed to the high thermal conductivity of the CBN.
Using the thermal properties for aluminum oxide ((k�c)g � 0.14 � 109 J 2/m4

K2 s) in place of the thermal properties for CBN ((k�c)g � 2.27 � 109 J2/m4

K2 s) in the single grain model with no cooling by the fluid ((k�c)f � 0) would
lead to a much higher energy partition of about 60%, which is more typical of
what is found for shallow cut grinding with aluminum oxide wheels.

Subsequent energy partition experiments were conducted with vitrified
CBN wheels on a bearing steel (AISI 52100) and on a nodular cast iron cast
iron at much higher removal rates on a much bigger machine [7, 8]. In this
case, the fluid flow rate was much higher (38 liters/min) with the fluid stream
emanating from the nozzle carefully directed at the crevice between the wheel
and the workpiece. The maximum surface temperature at various removal
rates tended to increase with wheel depth of cut as seen in Figure 8-2. In most
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cases, the temperature remained below the burnout limit, so fluid burnout
should not have occurred except perhaps in one or two cases. These experi-
ments at higher removal rates were accompanied by lower specific energies of
about 20 to 25 J/mm3, as compared to about 35 J/mm3 for the previous CBN
experiments described above, which is one reason for the lower temperatures.
By applying temperature matching and inverse heat transfer methods, the
energy partition values were found to be extremely small, ranging from about
4% to 8%. These results were found to agree quite well with predictions from
the single grain model (Eq. 7-21) as seen in Figure 8-3. In this case, cooling
by the fluid was taken into account by setting (k�c)f � 2.72 � 106 J 2/m4 K2 s.

On the basis of these results, it can be concluded that low energy par-
tition values with vitrified CBN wheels can be attributed to a number of
factors. These include a low specific grinding energy, high thermal conduc-
tivity of the CBN grain which enhances heat removal from the grinding
zone, and possible cooling by the fluid at the grinding zone.

8.3 ELECTROPLATED CBN WHEELS

The initial investigation of the energy partition with CBN wheels using
flood cooling [4], as mentioned above, also included experiments with 
an electroplated wheel containing a single layer of 100 grit CBN abrasive.
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The results obtained for grinding with this electroplated wheel were very
similar to what was obtained with the vitrified wheel, both in terms of spe-
cific energy and energy partition. The specific energy was about 35 J/mm3

and the energy partition approximately 20%. Therefore it would appear that
the single grain model could also be applied in this case neglecting the
influence of cooling by the fluid.

As with the vitrified wheels, additional experiments were subse-
quently conducted with electroplated CBN wheels on a much bigger grind-
ing machine at much higher removal rates and fluid flow rates up to 113
liters/min [9]. One of the objectives in undertaking these experiments was
to ascertain the prospects for cooling by the grinding fluid. Unlike vitrified
CBN wheels which have a porous structure, electroplated CBN wheels
have only a shallow surface porosity to a radial depth from the outermost
grain tips to the nickel layer holding the single layer of abrasive grains on
to the wheel hub. A further complication arises because the topography of
these wheels progressively changes with continued use tending to increase
the number of active grains and wear flat area while decreasing the depth
of the porous abrasive layer as implied in Figure 8-4. According to the sin-
gle grain energy partition model, dulled wear flat areas on the CBN grain
tips should enhance heat conduction to the abrasive grains and thereby
reduce the energy partition to the workpiece. This may not necessarily
result in a lower grinding temperature, since wheel dulling should also
cause bigger forces and higher power.

As with the vitrified wheels, the energy partition was found for
grinding with an electroplated CBN wheel using temperature matching
methods. Experiments were conducted during the life of the grinding
wheel after various amounts of wheel wear. The inherent wear resistance
of the CBN abrasive necessitated extensive grinding to wear the wheel
down. During most of the wheel life, the wheel was worn down by grind-
ing of hardened AISI 52100 steel, but a B1900 nickel base alloy work-
piece was intermittently used in the later stages to accelerate the wheel
wear.
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Experimental results for the energy partition in Figure 8-5 are
shown plotted versus wheel wear. For these experiments, the applied fluid
flow rate was 38 liters/min. The energy partition at the start of grinding
with the new wheel began at about 8%, progressively decreased down to
about 3.2% at 60 �m wear, but then increased to a maximum value of
10% at 80 �m of wear before suddenly dropping again to about 2.8% at
85 �m wear near the end of the wheel life. At this point numerous grains
became dislodged from the wheel surface. Failure of the wheel subse-
quently occurred by stripping of the electroplated abrasive layer from the
wheel hub. The decrease in the energy partition, at least up to about 
60 �m wear, may be due to the increase in dulled wear flat area on the
wheel surface. This is reflected in the corresponding increase in specific
energy seen in Figure 8-6. Up to this point, the grinding zone temperature
shown in Figure 8-7 remained well below the burnout limit. This was
followed by a steep increase in the temperature above the burnout limit,
which could be responsible for the corresponding rise in the energy
partition. As compared with creep-feed grinding, exceeding the burnout
limit with the plated CBN wheel resulted in a much less catastrophic
change in the grinding behavior.

The single grain thermal model was then applied to analyze the energy
partition results. The analysis was limited to those results below the
burnout limit, thus allowing for cooling by the fluid at the grinding zone.
Matching the thermal model to the experimentally measured energy parti-
tion was found to require a progressive increase in the wear flat area as seen
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in Figure 8-8. Unfortunately it was not possible to measure the actual wear
flat area with the wheel mounted on the grinding machine. However a plot
of the normal and tangential force components versus the estimated wear
flat area, as seen in Figure 8-9, resulted in characteristic linear relationships
similar to what were seen in Chapter 5.

The role of the grinding fluid as a coolant was further explored by
investigating the effect of applied fluid flow rate on the energy partition.
For these experiments, the radial wheel wear ranged from 20 to 35 �m. The
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results summarized in Figure 8-10 show nearly constant energy partition
values of 4%–6% at flow rates above 9 liters/min. The maximum grinding
temperature in this regime remained well below the burnout limit. At lower
flow rates, the energy partition increased sharply and the burnout limit was
exceeded. These results suggest that a critical applied flow rate of about

Thermal Aspects: Grinding with CBN Abrasives 223

Wear, w (µm)

0 20 40 60 80 100

E
st

im
at

ed
 w

ea
r 

fla
t a

re
a,

 A
 (

%
)

0

1

2

3

4

5

Estimated wear flat area 

0

50

100

150

200

250

300

350

400

0 1 2 3 4

Wear flat area, A (%)

G
rin

di
ng

 fo
rc

e,
 F

 (
N

)

Normal force

Tangential force

a = 0.050 mm
vs = 50 m/s
vw = 150 mm/s
Q = 38 liters/min
120 grit CBN wheel
AISI 52100 workpiece

Figure 8-8 Wear flat area estimated from the energy partition for an electroplated CBN
wheel.

Figure 8-9 Force components versus estimated wear flat area for an electroplated CBN
wheel.

W
W

W
.C

NCKAV.C
OM



9 liters/min might be the minimum needed to fill up the wheel surface
porosity. A rough estimate of the corresponding flow rate of fluid actually
passing through the grinding zone can be obtained as the product of
the depth of the porous layer, its average porosity, the wheel velocity, and
the grinding width. In the present case, the maximum porous depth with the
new wheel was approximately 120 �m, its average porosity was estimated
at about 60%, the wheel velocity was 50 m/s, and the grinding width was
25.4 mm. This leads to a flow rate through the grinding zone of about 5.3
liters/min to fill up the porous wheel surface, which is about 60% of the
applied critical flow rate. Therefore it would appear that about 60% of the
applied fluid actually passes through the grinding zone at the critical flow
rate of 9 liters/min [10]. Further details regarding fluid flow through the
grinding zone are presented in Chapter 9.

8.4 HIGH EFFICIENCY DEEP GRINDING (HEDG)

High Efficiency Deep Grinding (HEDG) utilizes mainly electroplated
CBN wheels to achieve large depths of cut, comparable or bigger than for
creep-feed grinding, and also relatively fast workpiece velocities, compa-
rable to what is used in conventional shallow cut grinding. As such, HEDG
processes are considered to provide the highest removal rates per unit width
of any grinding process. Another important feature of HEDG grinding is
the use of high wheel velocities, generally in excess of 100 m/s.
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Numerous studies of the thermal aspects of the HEDG process have
been reported, especially in recent years [11-14]. While much of this work
has highlighted the unique characteristics of the process, much uncertainly
remains about how to estimate the grinding temperatures and predict the
onset of thermal damage. However it has become apparent that a number
of assumptions which were adopted when dealing with the thermal aspects
of other grinding processes may not be valid for HEDG.

As with creep feed grinding, the large depths of cut might suggest the
use of an inclined heat source for the grinding zone with HEDG as illustrated
in Figure 8-11. The inclination angle � of the inclined heat source at AB can
be readily calculated in terms of the wheel diameter ds and depth of cut a as

(8-1)

It was previously noted in Chapter 7 that inclination of the heat source was
found to have only a minimal effect on creep-feed grinding temperatures
(Chapter 7). The inclination angles for HEDG may be bigger than for creep
feed grinding because of bigger wheel depths of cut and also smaller wheel
diameters. However the main difference between the creep-feed situation
and HEDG appears to be related not so much to the difference in inclina-
tion angle, but rather to the much faster workpiece velocities in HEDG.
With faster workpiece velocities and, consequently, larger values of the
thermal parameter L (L � vwlc/4�), more heat remains in the path of the
advancing grinding zone in the material being removed without enough
time for it to be conducted downward into the remaining workpiece. This
is analogous to the situation encountered in cut-off grinding (Chapter 6)
where the infeed rate down into the workpiece proceeds sufficiently fast so
that much of the grinding heat is removed together with the material being

f = cos- 1ads - 2a

ds
b
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machined. This phenomenon can have important implications for the grind-
ing mechanisms, since the material being ground is essentially preheated
and could lower the energy for chip formation. It was shown in Chapter 5
that the chip formation in grinding is directly related to the melting energy
per unit volume, which is the energy to adiabatically take the material from
the initial ambient temperature up to the liquid state at the melting point
(approximately 9.8 J/mm3 for ferrous materials). With preheated material,
the initial temperature would be higher, so the corresponding melting ener-
gy would be reduced accordingly. This could explain the observation that
the specific energy decreases with faster removal rates, since increasing the
removal rate by using a faster workpiece velocity and/or bigger depth of cut
would increase the fraction of the heat remaining in the grinding path.

Another important factor which needs to be taken into account with
HEDG is the heat source distribution. In the previous thermal analyses,
both uniform and triangular heat sources were used, and both gave compa-
rable results for the maximum grinding zone temperature. Because the
localized removal rate is essentially proportional to the distance along the
grinding zone, a triangular heat source is more realistic, and this is consistent
with results obtained by applying inverse heat transfer to measurements of
grinding temperatures. When considering the possibility of thermal damage
with the inclined heat source, it should be of particular interest to consider
the temperature occurring at the finished surface at point B in Figure 8-11.
For a uniform heat source distribution, the maximum temperature along he
grinding zone would tend to be skewed towards the trailing edge of the
grinding zone. However for a triangular heat source, the maximum temper-
ature would be skewed along the grinding zone away from the finished
surface. In this case, the maximum temperature on the finished surface at
B can be considerably lower than the maximum temperature within the
grinding zone.

The moving heat source thermal analysis has been modified in order
to take into account the effect of depth of cut and a triangular rather than
rectangular heat source distribution [11]. On the basis of these results, the
maximum temperature rise at the contact zone can be expressed, analogous
to Eq. 6-2 as:

(8-2)

where lc is the grinding zone chard length (AB in Figure 8-11), q is the total
average heat flux at the grinding zone, � is the energy partition, and C is a
dimensionless parameter ranging from 0 to 1 which takes into account the
effect of both the thermal number L (L � vwlc /4�) and the inclination angle

um = 1.595
C

2krc
a lc

vw
b0.5

e q
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�. Values for C are summarized in Figure 8-12. As expected, a bigger ther-
mal number and steeper inclination angle, as with HEDG, lead to smaller C.
For an inclination angle � � 0 and thermal number L � 5, C � 1, which is
the case of regular shallow grinding as discussed in Chapter 6.

For considering the possibility of thermal damage, the temperature of
interest should be the maximum temperature at the finished surface at point
B in Figure 8-11 rather the maximum temperature along the grinding zone.
For the same inclined heat source analysis [11], the maximum temperature
rise on the finished surface at B, �f max , was also calculated as a fraction �
of the maximum grinding zone temperature �m:

(8-3)

Results for � are summarized in Figure 8-13, which shows how an increase
in the thermal number or inclination angle reduces the maximum tempera-
ture on the finished workpiece surface at B.

In order to calculate the temperature at the grinding zone and maxi-
mum temperature on the finished workpiece surface, it necessary to esti-
mate the energy partition � at the grinding zone. For this purpose, it would
seem to be reasonable to apply the single grain model to take into account
the heat transfer to the grain and to the fluid as discussed in Chapter 7.
However a further reduction in the energy partition due to heat being
removed with the chips should also be considered. While this effect was

ufmax = lum
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neglected up to now when applying the single grain energy partition model,
it could have a significant influence, especially if the specific grinding
energy is low. For HEDG grinding of a low alloy steel, the specific grind-
ing energy was found to decrease down to 10-15 J/mm3 at very high
removal rates [12], and even a smaller specific energy of about 7 J/mm3 has
been reported [14]. For grinding with aluminum oxide wheels, it was pre-
viously found (see Chapter 6) that about 45% of the chip formation energy
(uch � 13.8 J/mm3) is removed with the chips.

To illustrate the implication of these results, consider the case of
HEDG grinding of a steel with a CBN wheel of diameter ds � 150 mm,
wheel velocity vs � 150 m/s, workpiece velocity vw � 250 mm/s, and wheel
depth of cut a � 3 mm corresponding to a specific removal rate of 
750 mm3/mm.s. According to the single grain model, the energy partition for
a CBN grain with an assumed wear flat area of 0.3% would be � � 15.5%
for grinding with a water-based soluble oil ((k�c)f � 2.72 � 106 J2/m4 K2 s)
and � � 26% with a straight oil ((k�c)f � 0.246 � 106 J2/m4 K2 s). These
energy partition values, which take into account both conduction to the
grains and cooling by the fluid, would apply if the grinding zone temper-
ature is maintained below the fluid burnout temperature, which is about
130 °C for water-based fluids and 300 °C for straight oils. For a specific
energy of 12 J/mm3, the maximum grinding zone temperature would
reach about 676 °C for a water based fluid and 1125 °C for a straight oil,
which means that burnout would occur in both cases. The energy partition
would be 36.5% if cooling is not considered ((k�c)f � 0), and the maximum
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grinding zone temperature would reach 1575 °C. The inclination angle is
about 10 degrees and the thermal number L is 92.6 for this case. The corre-
sponding C factor is 0.79 (Figure 8-12) and � is 0.56 (Figure 8-13).
Therefore, the maximum temperature rise at the finished workpiece surface
(Point B in Figure 8-11) would be only 44% of the maximum grinding zone
temperature, or �fmax � 690 °C.

Some results are presented in Figure 8-14 which show the effect of
both wheel depth of cut and workpiece velocity on the maximum tempera-
ture at the finished surface. For these calculations the specific grinding
energy was varied from 27 J/mm3 at the lowest specific removal rate down
to 12 J/mm3 at the highest in accordance with experimental measurements
[11]. It appears that beyond a certain point, the thermal situation with
HEDG can become better with faster removal rates.

REFERENCES

1. Malkin, S. and Guo, C., ‘Thermal Analysis of Grinding’, Annals of the CIRP, 57/2, 2007,
p. 760.

2. Malkin, S., ‘Current Trends in CBN Grinding Technology’, Annals of the CIRP, 43/2,
1985, p. 557.

3. Lavine, A. S., Malkin, S. and Jen, T., ‘Thermal Aspects of Grinding with CBN’, Annals
of the CIRP, 38/1, 1998, p. 557.

Thermal Aspects: Grinding with CBN Abrasives 229

0

100

200

300

400

500

600

700

800

900

0.0 0.5 1.0 1.5 2.0 2.5 3.0

Depth of cut, a (mm)

M
ax

. t
em

pe
ra

tu
re

 a
t f

in
is

he
d 

su
rf

ac
e 

(°
C

)

vw = 150 mm/s

vw = 200 mm/s

vw = 250 mm/s

Figure 8-14 Maximum temperature at the finished surface versus wheel depth of cut
for HEDG grinding example.

W
W

W
.C

NCKAV.C
OM



4. Kohli, S. P., Guo, C., and Malkin, S., ‘Energy Partition for Grinding with Aluminum
Oxide and CBN Abrasive Wheels’, Trans. ASME, J. of Eng. for Ind., 117, 1995, p. 160.

5. Engineer, F., Guo, C. and Malkin, S., ‘Experimental Investigation of Fluid Flow in
Grinding’, Trans. ASME, J. of Eng. for Ind., 114, 1992, p. 61.

6. Guo, C. and Malkin, S., ‘Analysis of Fluid Flow through the Grinding Zone’, Trans.
ASME, J. of Eng. for Ind., 104, 1992, p. 427.

7. Varghese, V., Guo, C., Malkin, S., and Xiao, G., ‘Energy Partition for Grinding of
Nodular Cast Iron with Vitrified CBN Wheels’, Machining Science and Technology, 4,
2000, p. 197.

8. Guo, C. Wu, Y, Varghese, V., Malkin, S., ‘Temperature and Energy Partition for
Grinding with Vitrified CBN Wheels’, Annals of the CIRP, 48/1, 1999, p. 247.

9. Upadhyaya, R. P. and Malkin, S., ‘Thermal Aspects of Grinding with Electroplated
CBN Wheels’, Trans. ASME, J. of Manufact. Sci. and Eng. 126, 2004, p. 107.

10. Krishnan, N., Guo, C., and Malkin, S., ‘Fluid Flow through the Grinding Zone in Creep
Feed Grinding’, Proceedings of the 1st International Machining and Grinding
Conference, SME, 1995, p. 905.

11. Jin, T. and Rowe, W. B., ‘Temperatures in High Efficiency Deep Grinding (HEDG)’,
Annals of the CIRP, 50/1, 2001, p. 205.

12. Stephenson, D. J., Jin, T. and Corbett, J., ‘High Efficiency Deep Grinding of a Low
Alloy Steel with Plated CBN Wheels’, Annals of the CIRP, 51/1, 2002, p. 241.

13. Jin, T., Stephenson, D. J., ‘Analysis of Grinding Chip Temperature and Energy
Partitioning in High-Efficiency Deep Grinding’, J. Engineering Manufacture, 220,
2006, p. 615.

14. Tawakoli, T., High Efficiency Deep Grinding, Mechanical Engineering Publications
Ltd, London, 1993. 

230 Chapter 8

W
W

W
.C

NCKAV.C
OM



Fluid Flow in Grinding

9.1 INTRODUCTION

Most grinding operations are performed with the aid of a grinding
fluid. Grinding fluids are generally considered to have two main roles:
lubrication and cooling. Grinding fluids can also help to keep the wheel sur-
face clean and provide corrosion protection for newly machined surfaces.
Lubrication by grinding fluids reduces the friction and wear associated with
the grinding process, thereby allowing for more efficient operation with less
consumption of the abrasive, as will be seen in Chapter 11. Cooling by the
fluid within the grinding zone is especially critical for creep-feed opera-
tions and also for many grinding operations with CBN wheels, as seen in
Chapters 7 and 8. Bulk cooling of the workpiece by the applied fluid
decreases the inaccuracies associated with thermal expansion and distortion
of the workpiece.

Grinding fluids are usually applied from a nozzle as illustrated in
Figure 9-1. The rotating grinding wheel serves as a pump to transport part
of the applied fluid through the grinding zone. Furthermore, fluid entrained
within the converging wedge formed between the wheel and the workpiece
at the entrance to the grinding zone may generate hydrodynamic forces,
especially when operating at high wheel speeds with non-porous wheels
(e.g. resin and metal bonded superabrasive wheels). Hydrodynamic forces
are generally not a problem with porous (vitrified) wheels, although the
rough wheel surface interacting with the fluid may consume a significant
amount of power especially when operating at high wheel speeds.

This chapter is concerned with the fluid mechanics aspects of grind-
ing. It begins with experimental measurements and analytical modeling of
the fluid flow thorough the grinding zone for flood application and for
creep feed grinding where fluid is usually applied at higher rates and pres-
sures. The chapter concludes with a consideration of hydrodynamic forces
in grinding.
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9.2 FLUID FLOW THROUGH GRINDING ZONE:
FLOOD APPLICATION

Flood application refers to low-pressure application of grinding
fluid from a nozzle. This method is commonly used for shallow cut grind-
ing. For those operations where the grinding area may not be completely
enclosed, the flow rate is often kept small enough so as to limit splashing
of the fluid. For straight surface grinding, some of the applied fluid usual-
ly hits the wheel and then falls on to the workpiece, and some of the
remaining fluid may not even reach the wheel but fall directly on to the
workpiece. This seemingly undesirable situation may not lead to poor
grinding, since the grinding zone temperature, even with higher flow rates
of the fluid carefully directed to the wedge between the wheel and the
workpiece, would probably be well above the burnout limit, thereby lim-
iting the potential for cooling at the grinding zone (see Chapters 7 and 8).
Low flow rates with flood application are normally sufficient to provide
lubrication and bulk cooling of the workpiece.

Because of the apparent complexity, the first attempts to investigate
fluid flow in grinding were experimental rather than analytical [1]. A test
rig was developed to measure the amount of ‘useful’ fluid actually passing
through the grinding zone for shallow cut surface grinding as shown in
Figure 9-2 [1]. Fluid is pumped from a tank though a flow meter (16) to the
nozzle (13), and then to the grinding wheel (2) and the workpiece (5). That
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portion of the fluid which passes through the grinding zone flows into a
cone collector (8). The remaining fluid is prevented from reaching the cone
collector by means of fluid separating scrapers (3) on both sides of the
wheel. A downstream spray scraper (9) and channel (7) contain the fluid
and direct it to the collector. A stop (6) and the channel walls at the ends of
the workpiece lock the workpiece in place. Fluid from the collector is fed
through a tube (10) to a canister for weighing.

Figure 9-3 shows some of the results obtained with six different grind-
ing wheels at applied flow rates of ranging from 10 ml/s (0.6 liter/min) to
70 ml/s (4.2 liter/min) of water based soluble oil grinding fluid. The full
specifications for these wheels, indicated only by grade and structure num-
ber in Figure 9-3, are given in Table 9-1 together with the bulk porosities
reported by the wheel manufacture. Also included are values for the ‘effec-
tive porosity’, which will be considered at a later point in this chapter. All
these wheels contain the same 60 grit white alumina (38A) abrasive.
Wheels with the ‘VCF2’ vitreous bond are high porosity creep-feed wheels,
whereas wheels with the ‘VBE’ bond are less porous conventional wheels.
Experimental results plotted in Figure 9-3 show a proportional relationship
between the flow rate of fluid passing through the grinding zone (useful
flow rate) and the total applied flow rate from the nozzle, thereby indicat-
ing a nearly constant percentage of the applied fluid (percent utilization)
passing through the grinding zone for each wheel. The slopes of these
curves are steeper with more porous wheels, indicative of a higher percent
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utilization of the fluid. When the percent utilization is plotted versus bulk
wheel porosity in Figure 9-4, a linear relationship is obtained with a distinct
separation between the higher porosity creep-feed wheels (percent utiliza-
tion from 14.2% to 16.8%) and the lower porosity conventional wheels
(percent utilization from 4.5% to 8.4%).

In addition to the wheel porosity and applied flow rate, another
important factor is the nozzle position as seen in Figure 9-5. The nozzle
position in this case is characterized by a1 and a2 in Figure 9-6. For the dis-
tant nozzle position in Figure 9-5, a1 � 7 mm and a2 � 5 mm, and for the
closer position, a1 � 2 mm and a2 : 0. A much higher utilization of
approximately 30% is obtained for the closer position, as compared with
only about 4.5% for the distant position.
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Figure 9-3 Effect of wheel porosity on fluid flow through the grinding zone.
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Table 9-1 Wheel porosity and effective porosity

Wheel Bulk Porosity Effective Porosity 
Specification Vp (%) Ve (%) Ve/Vp

38A60K5VBE 40.8 34 0.83

38A60K8VBE 43.2 47 1.1

38A60I8VBE 46.0 58 1.3

38A60I25CF2 51.5 93 1.8

38A60F16CF2 52.8 94 1.8

38A60F25CF2 54.6 96 1.8
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Numerous additional experiments were conducted to determine
the effect of other parameters on the fluid flow through the grinding
zone. With this test method, it was not possible to detect any significant
effects of the wheel depth of cut, workpiece velocity, and dressing
conditions [1].
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At the high wheel velocities used in grinding, an air boundary layer
forms on the wheel surface which can hinder access of the applied fluid from
the nozzle to the grinding zone. One way to mitigate this effect is to provide
a scraper on the wheel surface slightly upstream from where the applied fluid
hits the wheel surface in order to break up this air barrier. Rather than meas-
uring the fluid flow through the grinding zone, which is not feasible in pro-
duction, the effectiveness of the air scraper was demonstrated in terms of the
hydrodynamic pressure developed in the converging wedge at the entrance
to the grinding zone [2]. (Hydrodynamic forces in grinding are considered in
sections 9.5 and 9.6.) For grinding with a non-porous electroplated CBN
wheel, the maximum hydrodynamic pressure was found to decrease to ambi-
ent when the wheel velocity reached a critical value if no air scraper was
used. This lack of pressure was equated with no fluid reaching the grinding
zone. With an air scraper, the critical wheel velocity at which the pressure
decreased to ambient was more than 20% faster. Measurement of the hydro-
dynamic pressure in this way was also used to evaluate the effectiveness of
eight commercial nozzles with rectangular and circular shapes [3].

9.3 FLUID FLOW THROUGH THE GRINDING ZONE:
CREEP-FEED GRINDING

The results described above were for regular shallow cut grinding
with flood application of the fluid. In creep-feed grinding, the fluid is
applied at much higher pressures and flow rates. A subsequent investigation
was conducted on a much bigger creep-feed machine with larger wheels
(wheel diameter ds � 355 mm) to investigate the useful flow rate in creep
feed grinding [4]. A more robust test rig, similar in concept to the one shown
in Figure 9-2, was developed in order to handle the much higher flow rates.
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Figure 9-7 and Figure 9-8 show some results obtained using the
creep-feed wheels listed in Table 9-2. The wheel porosities indicated in
Table 9-2 were measured using Archimedes principle by weighing the
wheels while immersed in water. As with the previous experiments, the use-
ful flow rate in Figure 9-7 is nearly proportional to the total applied flow
rate. Significantly higher flow rates through the grinding zone were
obtained with more porous wheels, as before, and also with a coarser grit
size. Percentage utilization values ranged from about 25%, with the least
porous 100-grit wheel, to 55% with the most porous 60-grit wheel.
Increasing the wheel velocity proportionally raises the useful flow rate as
seen in Figure 9-8, which is analogous to what occurs with a rotary pump.
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Table 9-2 Creep feed wheel porosity

Wheel Specification Porosity, Vp (%)

38A100D25VCF2 50.5

38A100F25VCF2 44.1

38A602D25VCF2* 53.7

38A602F25VCF2* 46.2

32A80F16VCF2 —

* The number 2 after the grain size 60 indicates that these wheels contain an equal mixture of 60 and
80 grit abrasive grains rather than only one size.
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As with flood application, a closer nozzle position was again found
to increase the flow rate through the grinding zone as seen in Figure 9-9.
With reference to Figure 9-10, all three nozzle positions were set with � �
6 degrees and t � 1 mm. The closest was Position 1 with s � 38 mm, fol-
lowed by Position 2 with s � 73 mm, and Position 3 with s � 117 mm.
Coarser wheel dressing also tended to slightly enhance the flow rate
through the grinding zone, which may be due to a rougher and more porous
wheel surface (see Chapter 4). However, as with flood application, wheel
depth of cut and workpiece velocity were found to have no significant
influence on the useful flow rate.

9.4 ANALYSIS OF USEFUL FLOW RATE THROUGH 
THE GRINDING ZONE

In the previous two sections, some experimental results were present-
ed for the useful flow rate through the grinding zone for both shallow cut
grinding with flood application and for creep feed grinding with much
higher flow rates. In both cases, the fluid flow rate though the grinding zone
was found to depend mainly on the wheel velocity, the applied flow rate,
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the wheel porosity, and the nozzle position. The wheel depth of cut, work-
piece velocity, and dressing conditions have little or no influence.

Various attempts have been made to analyze the fluid flow through
the grinding zone. Three types of models have been developed. The first
type assumes that the wheel is a smooth disk and there is a gap between the
workpiece and the grinding wheel [5, 6]. But neglecting the wheel porosi-
ty or roughness does not adequately represent the actual grinding situation.
The second one analyzes the fluid penetrating the grinding wheel using a
shoe-type of nozzle which fits snugly on the grinding wheel periphery [7].
This model is valid only for creep-feed grinding with this particular type of
nozzle. The third and more generic model, to be considered here, takes into
account the porous wheel structure [8].

The analysis begins with the situation illustrated in Figure 9-1 where
grinding fluid is applied from a horizontal nozzle at a velocity uo. The fluid
impinging on the rotating wheel at the fluid application zone AD will tend
to infiltrate into the wheel pores. Whatever fluid flows into the wheel will
be accelerated tangentially toward the peripheral wheel velocity by the per-
meability force exerted by the moving wheel matrix on the fluid. The high
tangential velocity induced at the wheel surface will then cause a centrifu-
gal force on the fluid which tends to force the fluid radially outward. As the
fluid penetrates deeper into the wheel and the tangential velocity increases,
the centrifugal force will also increase and the inward radial component of
the velocity will decrease. The depth of fluid penetration will reach its max-
imum value when the inward radial velocity is reduced to zero, and there-
after will decrease very rapidly after the wheel matrix rotates past the fluid
application zone because there will be no external pressure on the wheel
surface to counteract the centrifugal force. The problem of calculating the
amount of fluid passing through the grinding zone is equivalent to predict-
ing the fluid depth of penetration h and the tangential velocity at plane OE,
and the effective wheel porosity which represents the degree to which the
wheel is impregnated with fluid.

When applied to typical flood application conditions, this analysis
predicts that all the fluid applied from the nozzle at AD (Figure 9-1) should
be ejected from the wheel before it can reach the plane OE. If fluid can
enter the wheel only from the fluid application zone AD, this would imply
that no fluid passes through the grinding zone. However, experimental
measurements using flood application conditions (Figure 9-3 and Figure 9-5)
indicate that some fluid passes through the grinding zone. When conduct-
ing these experiments, it was observed that part of the fluid which is
applied to the wheel surface from the nozzle reaches the wheel and part of
it falls directly on to the workpiece surface, as illustrated in Figure 9-1.
That fluid which reaches and penetrates into the wheel is accelerated up to
the wheel peripheral velocity and ejected from the wheel by the centrifugal
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force before it reaches the grinding zone, as predicted by the analysis. After
exiting the wheel surface, this fluid also collects on the workpiece surface
and, together with the other fluid which directly fell on the workpiece sur-
face from the nozzle, forms a secondary fluid stream flowing toward the
grinding zone. This secondary fluid stream impinges on the grinding wheel
at EF in Figure 9-1, where it can now enter the pores in a manner similar to
that for the original fluid application zone.

The fluid flow analysis as described above was modified to predict
how much fluid from the secondary stream is carried into the grinding zone
(beyond plane OE in Figure 9-1) [8]. Within the secondary fluid application
zone, the fluid flows into a wedge bounded by the porous wheel surface and
the workpiece surface. For simplicity, the flow in the secondary fluid appli-
cation zone was modeled as a layer of fluid on the workpiece surface flow-
ing toward the wedge. The analysis is insensitive to the thickness of this
layer, although it was measured to be 1 to 3 mm. The wheel’s effective
porosity Ve rather than its bulk porosity Vp was used in the analysis since
the fluid may not actually fill up the pores, and the actual porosity at the
outer portion of the wheel to a depth of about one grain dimension is big-
ger than the bulk porosity. Theoretical flow rates obtained from this analy-
sis were fitted to the experimental results in Figure 9-3. The straight lines
shown in this figure were obtained by choosing appropriate Ve values,
which are the implied effective porosities for each of the wheels also
included in Table 9-1 together with the ratio of Ve to the bulk porosity Vp.
All the creep feed wheels were found to have relatively much higher effec-
tive porosities than the conventional wheels, about 1.8 times their bulk
porosities, as compared with 0.83 – 1.3 for the conventional wheels.

The fact that the effective porosity can substantially exceed the bulk
wheel porosity suggests that the depth of fluid penetration at the grinding
zone is much smaller than the grain dimension. From continuity consider-
ations, the useful flow rate Qu can be simply obtained as the product of the
effective porosity Ve,, the fluid penetration depth h, the grinding width b,
and the wheel velocity vs:

(9-1)

For the measured useful flow rates in Figure 9-3 and corresponding values
of Ve, the penetration depths for these flood application experiments calcu-
lated from Eq. (9-1) were found to range from only 4 to 5 �m at the low-
est flow rate and up to 20 to 25 �m at the highest. These penetration depths
are much smaller than the grain dimension (dg � 220 �m) for the 60 grit
wheels used in these tests.

In principle the same fluid flow analysis described above could also
be applied with some modifications to creep-feed grinding. The main

Qu = Vebhvs

Fluid Flow in Grinding 241

W
W

W
.C

NCKAV.C
OM



problem in doing so would be to quantitatively define the fluid application
zone, analogous to what is shown in Figure 9-1, and the corresponding
pressure exerted by the fluid. For creep feed grinding, the fluid would be
more carefully directed to the crevice between the wheel and the work-
piece. The extent of contact between the fluid and the stream would depend
not only on how well it is aimed at the crevice, but also on the thickness
(spreading) of the fluid stream. For this reason, attempts have been made to
develop nozzles for creep feed grinding which maintain parallel coherent
flow with minimum spreading [9]. The problem of providing sufficient
fluid becomes more difficult for creep-feed grinding of components with
profiles across their width. This is especially important when fixtures, part
shape, and other geometrical constraints limit the proximity between the
nozzle and the grinding zone.

From the measurements of useful flow rate for creep feed grinding,
such as presented in Figure 9-7, Eq. (9-1) can also be readily used to esti-
mate the depth of fluid penetration into the grinding wheel. For this pur-
pose, it is assumed that the effective porosity Ve for each creep feed wheel
can be approximated by its bulk porosity Vp. The depths of penetration
obtained in this way range from h � 0.7 mm at the lowest applied flow rate
with the least porous finer grit wheel up to about h � 4 mm at the highest
flow rate with the most porous coarsest grain wheel. These depths of pen-
etration are much bigger than the grit dimensions, so assuming the bulk
porosity to be equal to the effective porosity would be reasonable. It is
important to note that such large fluid penetration depths are also much big-
ger than the thermal boundary layer thickness to be encountered [10], so
there should be more than sufficient fluid to cool the workpiece at the
grinding zone (see Chapter 8). Recognizing the importance of ensuring suf-
ficient fluid penetration into the wheel for creep feed grinding, a special
fluid application device was developed whereby fluid is applied by a pres-
surized shoe which fits snugly against the wheel to reduce fluid leakage and
to force fluid into the pores [7]. The maximum depth of fluid penetration
into the wheel matrix was measured by applying dyed fluid and then sec-
tioning the wheel, but this maximum depth of penetration may not be
indicative of the fluid penetration depth at the grinding zone because part
of the fluid injected under pressure into the wheel surface is ejected before
reaching the grinding zone.

9.5 MEASUREMENT OF HYDRODYNAMIC FORCES

Up to this point, we have considered how the applied fluid is carried
through the grinding zone by the rotating porous grinding wheel. When
grinding with non-porous wheels, such as resin or metal bonded diamond
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and CBN wheels, a hydrodynamic force will be generated as the fluid flows
into the converging inlet to the grinding zone between the rotating wheel
and the workpiece as shown in Figure 9-11. The situation is analogous to
what occurs with hydrodynamic fluid film bearings. The hydrodynamic
force, which acts mainly in the vertical direction normal to the wheel and
workpiece surfaces bounding the grinding fluid, can contribute to system
deflections and adversely affect the dimensional accuracy of the component
being ground.

An investigation of hydrodynamic forces began with a series of
experiments [11]. The initial challenge was how to separate the hydrody-
namic force from the total force. Straight surface grinding tests were per-
formed using a resin bond 120 grit diamond wheel (ASD120-R75B56) of
diameter ds � 305 mm to machine a ceramic workpiece (sintered reaction
bonded silicon nitride) 8.5 mm wide. (Although these tests were conduct-
ed for grinding of a ceramic, it is expected that these results concerning
the hydrodynamic effects should also apply to grinding of metallic mate-
rials.) Grinding fluid consisting of 5% soluble oil in water was supplied
at a flow rate of Q � 2.2 liters/second. For each test, three down grinding
passes were taken. The first grinding pass was in a ‘normal’ grinding
mode with a wheel velocity vs � 48 m/s, depth of cut a � 0.0254 mm, and
workpiece velocity vw � 20 mm/s. The second pass was essentially a
spark out pass using the same wheel and workpiece velocities, but with
virtually no additional material removal due to the very high stiffness of
the grinder. The third pass was then taken also without any additional
downfeed, but with the wheel velocity reduced to a very low value of 
0.5 m/s.

Measured vertical forces for all three passes are shown in Figure 9-12.
The average vertical force obtained during Pass 1 was approximately 70 N.
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This force is assumed to have three components: abrasive-workpiece
interaction for actual grinding; impingement of the applied fluid on the
workpiece, fixture, and force dynamometer; and the hydrodynamic fluid
force between the wheel and the workpiece. For Pass 2 with virtually no
material removal, the abrasive-workpiece interaction force should
become negligible, such that the total force can be attributed to the fluid
impinging effect and the hydrodynamic effect. The force difference
between Pass 1 and Pass 2 should be the force associated with actual
grinding, which is 13 N in this case. For Pass 3, the hydrodynamic force
should be virtually eliminated as the wheel was rotating extremely slow-
ly, leaving only the force due to the fluid impinging effect. It was origi-
nally intended to run this final pass with zero wheel velocity in order to
completely eliminate the hydrodynamic force, but the fluid pump on the
CNC grinder would not operate  with a wheel velocity less than 0.5 m/s.
The force difference between Pass 2 and Pass 3 should provide a meas-
ure of the hydrodynamic force. For this test, the vertical force compo-
nent due to impingement of the applied fluid is approximately 40 N, the
force component for actual grinding is 13 N, and the hydrodynamic force
is 17 N. The hydrodynamic component is bigger than the force for actu-
al grinding.
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Figure 9-12 Vertical forces measured during successive grinding passes (120 grit wheel).
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This same experimental procedure was also applied to a finer 400
grit wheel (DN400N100B1⁄4) for a range of wheel velocities in Passes 
1 and 2 from vs � 8 m/s to vs � 48 m/s. The results are summarized in
Figure 9-13 for both wheels, where it can be seen that the vertical hydro-
dynamic force increases with wheel velocity, as expected. For the coarser
120 grit wheel, there appear to be two regimes. In the first regime up to 
vs � 16 m/s, the force is approximately proportional to wheel velocity. In
the second regime at faster velocities, the force increases linearly with
wheel velocity at a steeper rate. One possible explanation for this behav-
ior is that a full hydrodynamic film is generated above vs � 16 m/s, where-
as only a partial hydrodynamic film is developed at slower velocities. For
the finer 400 grit wheel, the forces are bigger than with the 120 grit wheel
and proportional to the wheel velocity with a slope approximately equal to
that reached with the 120 grit wheel. This would suggest full hydrodynamic
behavior with the finer grit wheel, which may be attributed to its
‘smoother’ surface. The peak-to-valley (total) roughness was about 40 �m
for the coarser 120 grit wheel surface and 20 �m for the finer 400 grit
wheel surface.

Another set of experiments was conducted to observe the influence
of workpiece velocity on the hydrodynamic forces. Since the workpiece
velocity is generally much slower than the wheel velocity, variations in
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workpiece velocity were expected to have little influence on the hydrody-
namic forces. Experiments were conducted with the 400 grit wheel, but
with a reduced flow rate of 0.5 liters per second at workpiece velocities of
2.1, 4.2 and 8.4 mm/s with wheel velocities ranging from 16 m/s to 48 m/s
in the two passes. As expected, the workpiece velocity was found to have
virtually no effect on the hydrodynamic forces.

The hydrodynamic force obtained as the force difference between the
second and third passes, as described above, would apply to zero wheel
depth of cut. For calculating the forces associated with actual grinding
between the first and second passes, it was implicitly assumed that the
hydrodynamic force is developed at the converging inlet to the grinding
zone between the wheel and the workpiece as illustrated in Figure 9-11 for
up grinding. In this case, the hydrodynamic force along the grinding zone
length lc would be negligible and, therefore, the hydrodynamic force would
be independent of the wheel depth of cut a. A similar situation would apply
to down grinding.

In order to check whether the hydrodynamic forces were indeed inde-
pendent of the wheel depth of cut, a new test method (Method II) was
developed which made it possible to observe the effect of different wheel
velocities at a particular wheel depth of cut in a single experiment [11].
With the wheel running at vs � 48 m/s, the specimen was ground in the up-
grinding mode about half way along its length with the specified depth of
cut, and then the workpiece was stopped. With the workpiece in this
stopped position, the wheel velocity was first reduced to the minimum
value of 0.5 m/s for 10 seconds, increased to 8 m/s for 10 seconds, and then
increased in increments of 8 m/s for 10 second intervals up to vs � 48 m/s.
The last half of the cut was then completed with the wheel running at vs �
48 m/s. Differences between forces measured at the various wheel veloci-
ties and at the very slow wheel velocity of 0.5 m/s were taken as the hydro-
dynamic forces for the corresponding wheel velocities. In this way, results
analogous to those from the first method (Method I) but for a given wheel
depth of cut could be obtained from a single experiment. An example of the
vertical forces generated during one pass with this method is shown in
Figure 9-14 with the 400 grit wheel for a depth of cut a � 0.025 mm. The
first and last parts of the graph represent the force for grinding each half of
the workpiece. The portions between these two represent the forces gener-
ated at different wheel velocities with the workpiece stopped without any
material removal.

Experimental results for the hydrodynamic forces obtained from this
test method using the 400 grit wheel with four depths of cut are summa-
rized in Figure 9-15. The hydrodynamic forces increase progressively with
wheel velocity, but a simple proportional relationship was not obtained as
with the previous method (Figure 9-13). Furthermore, it can be seen that the
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vertical hydrodynamic force is insensitive to the depth of cut. This is con-
sistent with the assumption that the hydrodynamic force is developed mainly
at the converging inlet to the grinding zone. Additional experiments con-
ducted at nozzle flow rates from 1 liter/second to 2 liters/second showed no
influence of fluid flow rate.
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Figure 9-14 Vertical forces at various wheel velocities obtained with Method II.
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9.6 ANALYSIS OF HYDRODYNAMIC FORCES

An analysis was developed to quantitatively account for the hydrody-
namic forces in grinding [12]. The hydrodynamic situation for this analysis is
illustrated in Figure 9-16 where fluid from the nozzle enters the converging
gap between the rotating wheel and the workpiece. The workpiece is approx-
imated as being stationary because its velocity is usually negligible relative to
the peripheral wheel velocity. Since the gap thickness is much less than the
grinding width, the situation can be considered to be two-dimensional.

For an incompressible fluid of constant viscosity flowing between two
perfectly smooth rigid surfaces, the differential equation for the pressure
variation developed in a converging wedge (fluid film) can be written as [13]:

(9-2)

where dp�dx is the pressure gradient in the x-direction, � is the dynamic
viscosity of the grinding fluid, vs is the wheel velocity, Q is the volumetric
fluid flow rate passing under the wheel, and h is the separation height
between the wheel and the workpiece which varies from a minimum value
ho at x � 0 to a maximum value at the fluid inlet (x � l). The negative sign
on the right hand side of Eq. (9-2) arises because of the definition of the co-
ordinate system in Figure 9-16. The fluid flow rate Q is given as:

(9-3)Q =
vs
2

3
l

0

dx

h2

3
l

0

dx

h3

+
p(0) - p(l)

12m
3

l

0

dx

h3

dp

dx
= �12ma vs

2h2 -
Q

h3 b
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where p(0) at x � 0 is taken as atmospheric pressure and p(l) is the pressure
developed at the fluid inlet (x � l). To facilitate the analysis, the circular
wheel surface bounding the fluid film can be approximated as a parabola,
in which case the separation height can be expressed as:

(9-4)

where ds is the grinding wheel diameter and ho is the gap thickness corre-
sponding to the minimum separation distance at x � 0.

In order to calculate the hydrodynamic force, it is necessary to obtain
the pressure distribution from Equation (9-2) and integrate it from x � 0 to
x � l. For this purpose, the boundary condition for the pressure at x � l is
approximated as the pressure head developed due to the velocity of the
fluid from the nozzle:

(9-5)

where � is the density of the fluid, Qa is the applied volumetric flow rate,
and A is the cross-sectional area of the nozzle. Integrating Equation (9-2)
from x � 0 and defining Q in terms of p(l) leads to the pressure 
distribution:

(9-6)

An example of the pressure distribution is shown in Figure 9-17 for
a gap thickness ho � 25 �m and dynamic viscosity � � 0.005 N � s/m2. A
sharp pressure peak is generated near the minimum height separation
towards the exit. The area under the pressure distribution curve is the force
per unit width.

A critical parameter for computing the hydrodynamic force is the
fluid gap length l which is the distance from x � 0 directly under the wheel
center to the point where the fluid strikes the wheel. In Figure 9-16, point
A is where the fluid exits the nozzle and point B is where it strikes the
wheel. For the geometrical setup which was used, the fluid gap length l cor-
responding to the horizontal distance from x � 0 to point B was 70 mm. The
orientation of the fluid flow exiting the nozzle and striking the wheel was
12 degrees from the horizontal.

In the experiments presented in the previous section, the hydrodynam-
ic force was obtained as the measured difference between the force at the
wheel velocity vs minus that measured at the slowest velocity vo � 0.5 m/s.

p(x) = p(0) + 6mvsL
x

0

dx

h2 - 12mQL
x

0

dx

h3

p(l) = p(0) +
r

2
aQa
A
b2

h =
x2

ds
+ ho
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Therefore for calculating the forces, the forces computed at the slowest
wheel velocity vo � 0.5 m/s were subtracted from the forces calculated at vs
in each case for comparison with the experimental results. For example with
a wheel velocity vs � 48 m/s, the force generated between the wheel and the
workpiece is calculated by integrating the pressure distribution curve for a
wheel velocity vs � 48 m/s and subtracting the force calculated by integrat-
ing the pressure under the curve for a wheel velocity vo � 0.5 m/s. Following
this approach, the force per unit width at velocity vs is obtained as:

(9-7)

and at velocity vo as:

(9-8)Fv0
= p(0) l + 6mvoL

l

0
aL

x

0

dx

h2 bdx - 12mQoL
l

0
aL

x

0

dx

h3 bdx

Fvs
=p(0)l + 6mvsL

l

0
aL

x

0

dx

h2 bdx - 12mQL
l

0
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x

0

dx

h3 bdx
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Subtracting Eq. (9-8) from Eq. (9-7), and multiplying by the grinding width
b, leads to:

(9-9)

where

(9-10)

and Q is given by Equation (9-3). It can be readily shown using Eq. (9-10)
that f(ho) depends only on ho for given values of vs, vo, � and l. The hydro-
dynamic forces Fv computed for different gap thicknesses using a dynamic
viscosity of � � 0.005 N � s/m2 are summarized in Figure 9-18. (Selection
of the appropriate viscosity � is discussed below.) 

In order to test this analytical model, experiments were conducted to
measure the hydrodynamic forces developed with different set gap thick-
nesses, ho, between the wheel and the workpiece (no actual grinding). For
comparing the measurements with the computed forces, it is convenient to
divide Eq. (9-9) by (vs-vo), which leads to:

(9-11)
Fvs

- Fvo

(vs - vo)
= mf(ho)

f(ho) = b c12aQ - Qo
vs - vo

bL
l

0
aL

x

0

dx

h3 bdx - 6L
l

0
aL

x

0

dx

h2 bdx d

Fv = 1Fvs
- Fv0

2b = m(vs - vo)f(ho)
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If the experimental results fit the hydrodynamic analysis as presented
above, then a plot of Fv �(vs – vo) (with vo � 0.5 m/s) versus f(ho) should
yield a straight line through the origin with a slope equal to �. However,
the experimental results plotted in this way in Figure 9-19 do not fit such a
proportional relationship.

For the hydrodynamic analysis, the grinding wheel surface was
assumed to be smooth, but this is certainly not true. As noted above, meas-
ured peak-to-valley roughnesses were about 20 �m for the 400 grit wheel
surface and 40 �m for the coarser 120 grit wheel which was also used in
previous experiments. From the data, it appears that the difference
between the analytical and experimental results may be rationalized by
adding a correction factor hc to the gap thickness in order to account for
the roughness of the rotating wheel surface, in which case Eq. (9-4)
becomes:

(9-12)

With the peak-to-valley wheel roughness as the correction factor hc, the
results obtained for the 400 grit wheel (hc � 20 �m) in Figure 9-20 now
fall reasonably close to the same straight line. In essence this would
suggest that the hydrodynamic thickness is effectively increased by an

h =
x2

ds
+ ho + hc
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Figure 9-20 Forces obtained with a correction factor of 20 �m plotted according 
to Eq. (9-11).

amount hc equal to the peak-to-valley wheel roughness of 20 �m. The
slope of the straight line in Figure 9-20 obtained from least square fitting
of the data (correlation coefficient r � 0.90)  implies a dynamic viscosity
of � � 0.0048 N � s/m2. This is virtually identical to the dynamic viscosity of
� � 0.005 N � s/m2 for the 5% solution of soluble oil in water, which was
estimated from the viscosities of the oil and the water using a simple law
of mixtures.

For the hydrodynamic force measurements presented in the previous
section, and for actual grinding, the set gap thickness is zero (ho � 0).
However approximating the remaining gap thickness by the peak-to-valley
wheel roughness seems to provide better agreement between the measured
and calculated hydrodynamic forces. The hydrodynamic force measure-
ments from Figure 9-13 and Figure 9-15 are presented again in Figure 9-21
and Figure 9-22, together with the theoretical results calculated according
to the analytical model with ho � 0 and hc � 40 �m for the 120 grit wheel
and hc � 20 �m for the 400 grit wheel. The hydrodynamic forces calculat-
ed in this way now seem to agree quite well with the measured forces, espe-
cially when considering the complexity of the process. This implies that the
hydrodynamic forces can be estimated using this analysis for a given fluid
viscosity, wheel velocity, and peak-to-valley roughness of the wheel sur-
face.
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Figure 9-21 Comparison of experimental and calculated hydrodynamic forces for 
hc � 20 �m with 400 grit wheel.
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Surface Roughness

10.1 INTRODUCTION

Grinding processes are often selected for final finishing of compo-
nents because of their ability to satisfy stringent requirements of surface
roughness and tolerance. Surface roughness and tolerance are closely inter-
related, as it is generally necessary to specify a smoother finish in order to
maintain a finer tolerance in production. For many practical design appli-
cations, it is the tolerance requirement which imposes a limit on the maxi-
mum allowable roughness, although the proper operation of many devices
also necessitates smooth surfaces.

The reliability of mechanical components, especially for high
strength applications, is often critically dependent upon the quality of the
surface produced by machining. Surface quality may be considered to
consist of two aspects: surface integrity and surface topography [1].
Surface integrity is associated with mechanical and metallurgical alter-
ations to the surface layer induced by machining. For grinding, the most
important aspects of surface integrity are associated with thermal damage
caused by excessive grinding temperatures, as we saw in Chapter 6. Surface
topography refers to the geometry of machined surfaces, which is usually
characterized by surface roughness, although there are other parameters
which may also be of interest.

The present chapter is mainly concerned with surface roughness in
grinding. We begin by observing the distinctive morphological features of
ground surfaces. Quantitative characterization of surface topography is
then briefly reviewed, and the possible basis for a direct interrelationship
between roughness and tolerance is assessed. Various models are then con-
sidered for describing the generation of the ‘ideal’ ground surface topogra-
phy to theoretically predict the workpiece roughness in terms of the wheel
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topography and the operating parameters. This provides a certain degree of
insight into how various factors might affect the ground surface topogra-
phy. But theoretical surface roughness relationships are found to be of lim-
ited practical use, and it is generally necessary to use empirical relations to
assess the relative influence of the operating parameters.

10.2 GROUND SURFACE MORPHOLOGY

The fine-scale morphology of the surfaces generated by grinding
consists mostly of overlapping scratches produced by the interaction of
abrasive cutting points with the workpiece. An example of a typical ground
surface is shown in the scanning electron microscope (SEM) photograph in
Figure 10-1. For this example of straight plunge grinding, as with other
types of grinding, the grit motion relative to the workpiece is readily iden-
tified from the directionality of the scratches and grooves. Sideways
displacement of material from some scratches by plowing is also evident.

Scratches on the finished surfaces correspond to only the bottom por-
tions of the cutting paths of the outermost cutting points on the wheel sur-
face (Chapter 3). Here the undeformed chip thickness is considerably
smaller than the maximum grit penetration at the top of the cutting path and
is more likely to be less than the critical minimum depth for chip formation,
so plowing is more likely to occur (Chapter 5). The degree of sideflow
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Figure 10-1 SEM micrograph of a medium carbon steel workpiece surface after
straight surface grinding with a vitrified aluminum oxide wheel
(32A60I8VBE) and soluble oil.
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plowing depends upon the particular workpiece material being ground.
Metals which are more adhesive, such as titanium, nickel-base alloys, and
austenitic stainless steels, tend to exhibit more sideways flow. Conversely,
grinding fluids which are more effective in lessening grit-workpiece adhe-
sion by lubrication reduce plowing [2]. 
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Figure 10-2 SEM micrographs of a titanium alloy (Ti-6Al-4V) surface after straight
surface grinding with a vitrified aluminum oxide wheel (32A60I8VBE) 
and soluble oil.
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The ground surface morphology is further complicated by numerous
other phenomena. Back transfer of workpiece metal often occurs, especial-
ly with adhesive metals, whereby metal particles adhering to the abrasive
grits are redeposited on the workpiece [2,3]. An example of this behavior is
seen in Figure 10-2(a) for grinding of a titanium alloy. Interruption of the
cutting action by fracture of the abrasive grit may leave a crater on the
workpiece, as in Figure 10-2(b), possibly with an abrasive fragment
embedded in the surface. When grinding steels, craters are more frequent-
ly observed at the start of grinding after wheel dressing when the rate of
wheel wear by grit fracture is more rapid, and also with coarser dressing
conditions [3]. Some difficult-to-grind metals, including titanium and
austenitic stainless steels, seem to exhibit more extensive cratering and grit
embedding. This type of surface damage provides a source of localized
stress concentrations, which can be expected to have an adverse effect on
in-service strength and fatigue properties.

The topography of surfaces produced by grinding can be recorded by
surface profiles taken along and across the grinding direction (lay), as
shown in Figure 10-3 for straight surface grinding of a mild steel [4].
Adjacent peaks and valleys within the profile along the grinding direction
are much more widely spaced apart than across the grinding direction.
Spectral (autocorrelation) analysis of these profiles revealed a predominant
wavelength (correlation length) of 0.25 mm along the lay as compared with
only 0.034 mm across the lay.

10.3 SURFACE TEXTURE AND TOLERANCE

The characteristic patterns of peaks and valleys on the finished work-
piece are known as surface texture. As a basis for quantitatively describing
the texture of ground surfaces, and in order to avoid confusion, the charac-
terization of surface texture will be briefly reviewed. For this purpose, we
will refer to the American standard for characterization of surface texture
[5], which is also in substantial agreement with British (BS), German
(DIN), and international (ISO) standards.

The concept of surface texture is illustrated in Figure 10-4 [5]. Most
machined surfaces exhibit a predominant lay coinciding with the direction
of cutting-tool motion relative to the surface, as seen in the previous sec-
tion. The surface profile for the cross-section in Figure 10-4 is considered
to have components of roughness and waviness. Roughness is associated
with closely spaced perturbations which are superposed on waviness com-
ponents more widely spaced apart. Surface flaws, such as cracks, adhered
metal, and craters, also contribute to the surface texture.

Surface texture is commonly measured by a stylus instrument which
traces the profile of the surface (e.g. Figure 10-3). For quantitative assessment
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of surface roughness, a sampling length along the profile (Figure 10-4) is
selected, long enough to include a representative number of roughness per-
turbations but shorter than the waviness spacing. Therefore, the sampling
length is the basis for discriminating between roughness and waviness. The
sampling length is also referred to as the cut-off length, as some stylus
instruments electronically filter (cut off) longer wavelengths for analyzing
surface roughness. A typical sampling length for roughness measurements
on ground surfaces is 0.8 mm. Each roughness measurement with a typical
stylus instrument is taken over a number (usually five) of successive sam-
pling lengths representing the total traversing (assessment) length.

A number of roughness parameters are defined from the surface pro-
file, but for our purposes we will start with only two: arithmetic average
roughness and peak-to-valley roughness. The arithmetic average roughness
Ra is the mean value of the average deviation of the surface profile from the
centerline (mean line) in each sampling length. The peak-to-valley rough-
ness Rt, also referred to as the total roughness, is defined as the difference
in elevation between the highest peak and lowest valley in the traversing
length.

It is apparent that Rt should be substantially bigger than Ra. For a per-
fect sinusoidal profile, it can be readily shown that Rt � 	Ra. For grinding,
differences between Rt and Ra are considerably bigger, which is a conse-
quence of the broad distribution of peak heights and valley depths within
the surface profile. The profile height distribution of ground surfaces
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Figure 10-3 Profiles of a medium carbon steel surface after grinding with a 60-grit
vitrified aluminum oxide wheel: (a) along the lay, and (b) across the 
lay [4].
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appears to be nearly Gaussian [6], and the peak and valley height distribu-
tions might also be approximately Gaussian. For ground surfaces, the Rt
roughness is typically 7-14 times Ra [7]. However somewhat smaller ratios
of 4-7 are obtained if the extreme values for the highest peak and lowest
valley defining the peak-to-valley roughness are smoothed out either by
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Figure 10-4 Illustration of surface texture according to ANSI Standard [5].

W
W

W
.C

NCKAV.C
OM



ignoring unusually high peaks and low valleys in the profile [8,9] or by tak-
ing the elevation differential between the average of the five highest peaks
and five lowest valleys in the traversing length (10-point roughness) [7].

The heights associated with the waviness component of the profile
can be obtained for perturbations identified as having characteristic spac-
ings longer than the cut-off length. Waviness is caused mainly by grinding
vibrations. There are generally two types of vibrations: forced and self-
excited [10-14]. Forced vibrations arise from external vibration sources,
such as an unbalanced wheel or other rotating elements, and the frequency
coincides with that of the vibration source or some harmonic thereof. The
generation of waviness by forced vibration of an unbalanced wheel is illus-
trated in Figure 10-5 for straight surface grinding. This is likely to cause a
visible pattern of successive straight lines or bands across the workpiece
width spaced apart along the grinding direction by the wavelength:

(10-1)l =
vw

f
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Figure 10-5 llustration of waviness generation in straight surface grinding due 
to forced vibration. Adapted from Reference [3].
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where vw is the workpiece velocity and f is vibration frequency which in
this case corresponds to the wheel rotational frequency. Such waviness may
be difficult to measure by profilometry.

Self-excited vibrations are caused by a regenerative effect whereby a
fundamental instability of the machine is dynamically excited during suc-
cessive workpiece revolutions (see Chapter 12). Regenerative chatter builds
up progressively by the growth of waves (lobes) around the wheel and work-
piece peripheries. The vibration frequency is usually much higher than with
forced vibrations, so the characteristic wavelength on the workpiece, which
is also given by Eq. (10-1), is proportionally shorter. In many practical cases,
lobing of the workpiece is significantly attenuated by a mechanical filtering
effect because the wavelength is less than the arc length of contact at the
grinding zone. Inhomogeneities in the wheel structure increase the tendency
for self-excited vibrations and a mottled workpiece appearance [15].

Forced and self-excited vibrations may also occur during dressing,
producing irregularities in the wheel shape and workpiece waviness
[12,16,17]. With single-point dressing, forced vibrations due to wheel unbal-
ance are especially problematic when the wheel unbalance during dressing
is different from that during grinding [16]. Self-excited vibrations may
occur during rotary diamond dressing resulting in wheel lobing, and this
was one of the main difficulties encountered with its initial introduction as
an alternative to fixed-point dressing. During subsequent grinding, vibra-
tions at the wheel lobing frequency cause workpiece waviness.

Surface topography is often the main factor limiting the tolerance
which can be obtained in production. In general, the tolerance represents
the acceptable deviation from the nominal intended dimension or geomet-
rical form. Dimensions on machined components are measured from one
surface to another or, in the case of diametrical measurements, between two
opposite locations on the same cylindrical surface. The roughness of the
finished surface can be thought of as a measure of the uncertainty in exact-
ly specifying the location of the surface, as illustrated in Figure 10-6 for a
cylindrical component, which means that the dimensional uncertainty
depends upon the combined surface roughnesses at the measuring points.
Therefore, it is generally necessary to have smoother surfaces in order to
maintain tighter tolerance control. The surface roughness requirement is
often a consequence of the dimensional tolerance requirement, and both
factors are similarly affected by the grinding conditions. There are also a
host of other factors which contribute to poor tolerance, including machine
deflection (Chapter 12), thermal expansion and distortion of the machine
and workpiece [18-25], and wheel wear (Chapter 11). In centerless grind-
ing, unstable geometric and kinematic conditions cause workpiece lobing,
and the situation is further aggravated by machine-tool vibrations [26-31].

Typical arithmetic average surface roughnesses for production grind-
ing operations range from about 0.15 �m to 1.5 �m, although finishes
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outside this range are not uncommon. Corresponding dimensional tolerances
specified in production are normally 10 to 50 times the arithmetic average
roughness. This ratio will depend upon such factors as the machine-tool con-
dition, allowable rejection rate, assembly requirements, and component size.
One way to effectively maintain tolerances at the lower end (� 10Ra) is by
selective grouping of nominally identical machined parts according to size,
so that the tolerance within each group is much smaller than that of the
entire lot. Selective grouping is commonly applied to rolling element bearing
components.

Many of the same factors which affect dimensional tolerances simi-
larly affect form tolerances, since form is also specified in terms of linear
as well as angular dimensions. However, the most significant form errors in
grinding are usually caused by wheel wear, especially for profile (form)
grinding of cross-sectional shapes having sharp radii or deep grooves.
Better form control usually requires a slower wearing wheel, but this can
be expected to cause bigger forces (Chapter 11). Form errors are also asso-
ciated with elastic deflections during grinding (Chapter 12).

10.4 IDEAL SURFACE ROUGHNESS

As with other machining processes, it is possible to theoretically pre-
dict an ‘ideal’ surface roughness for grinding by modeling how the abrasive
cutting points on the rotating wheel kinematically interact with the workpiece.
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Figure 10-6 Illustration of the interrelationship between roughness and tolerance.
Adapted from Reference [5].
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For this purpose, the surface topography is assumed to be generated by
clean cutting, whereby the cutting edges remove all material that they
encounter in their paths, leaving behind the resulting cutting grooves.
For machining processes with well defined cutting tool geometry,
including turning and milling, the analysis is straightforward. The ‘ideal’
roughness is usually found to be less than the actual roughness due to
such factors as material sideflow, built-up-edge phenomena, and vibra-
tions. For grinding, the ‘ideal’ roughness is much more difficult to model
owing to the random undefined topography of the wheel surface and cut-
ting points (Chapter 3), so it is necessary to introduce some simplifying
assumptions.

As a first step, let us consider what happens with an idealized wheel
having cutting points equally spaced a distance L apart around the wheel
periphery and radially protruding to the same height. This same uniform
wheel topography was considered for the initial estimation of undeformed
chip thickness in Chapter 3. The ‘ideal’ longitudinal surface profile gen-
erated by straight surface grinding with such a wheel, as illustrated in
Figure 10-7, consists of successive identical scallops each with a radius of
curvature corresponding to that of the cutting path. For practical grinding
situations with the workpiece velocity vw much less than the wheel veloci-
ty vs, it was seen in Chapter 3 that the radius of the trochoidal path for
straight surface grinding can be approximated by the wheel radius (ds�2).
Analogous to plain horizontal milling which would give the same profile
geometry, the spacing between successive scallops along the workpiece is
the feed per cutting point sc which is given by:

(10-2)sc =
vwL

vs
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For the profile in Figure 10-7, the peak-to-valley roughness is

(10-3)

which combined with Eq. (10-2) leads to:

(10-4)

The arithmetic average roughness for this profile is

(10-5)

which corresponds to Rt � 3.9Ra.
According to Eqs. (10-4) and (10-5), the roughnesses parameters Rt

and Ra depend mainly on the velocity ratio vw � vs and the cutting-point spac-
ing L, and to a lesser degree on the wheel diameter ds. It is interesting to note
that the wheel depth of cut a has no effect provided that a � Rt, which is also
apparent from the cutting-path trajectories in Figure 10-7. For typical grind-
ing conditions, Eqs. (10-4) and (10-5) give unrealistically low roughness val-
ues. Taking, for example, vw �vs � 0.01, ds � 200 mm, and L � 1 mm, the
roughnesses are Rt � 1.25 � 10�4 �m and Ra � 3.25 � 10�5 �m. The small-
est roughnesses obtained in production grinding are about 1000 times bigger!

One factor contributing to the large discrepancy between the ‘ideal’
and actual roughnesses is the radial cutting-point distribution on the wheel
surface, as was discussed in Chapter 3 [9, 32]. From the longitudinal ‘ideal’
surface profile illustrated in Figure 10-8 for cutting points protruding to
differing heights, it is apparent that the peak-to-valley roughness is

Ra =
1

923
a vwL

vsds
1>2 b

2

Rt =
1

4
a vwL

vsds
1>2 b

2

Rt =
sc

2

4ds
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increased over the uniform wheel surface at least by the maximum height
differential between those cutting points whose trajectories generate the
‘ideal’ profile. Therefore, the peak-to-valley roughness would seem to
include a kinematic component depending on the grinding parameters plus
an additional wheel-roughness component, although these two contribu-
tions should not be completely independent of each other. Other expres-
sions for ‘ideal’ roughness will be seen to also include kinematic and
wheel-roughness terms.

Only the outermost of the active cutting points on the wheel surface
actually generate the ground profile, insofar as their cutting paths remove
surfaces produced by preceding cutting points which protrude less accord-
ing to the kinematic condition expressed by Eq. (3-81). With smaller vw�vs
velocity ratios, particularly in creep-feed grinding, a further reduction in the
number of cutting points contributing to the ‘ideal’ workpiece profile also
occurs owing to overlapping of scratches produced by the most protruding
cutting points with successive wheel revolutions [3,33,34]. In this case, the
ground surface appears to consist of more nearly continuous grooves rather
than discrete scratches.

An ‘ideal’ longitudinal workpiece surface profile, like that in Fig-
ure 10-8, can be generated by computer simulation of the relative wheel
and workpiece motion for a measured circumferential wheel profile. As
with the simplified case of uniformly protruding cutting points equally
spaced apart, a bigger velocity ratio should increase the workpiece rough-
ness, while the wheel depth of cut should have no effect provided that a > Rt.
In one case [35], the influence of wheel topography and workpiece velocity
on the simulated ‘ideal’ roughness was reported to be similar to that actu-
ally found, but the simulated ‘ideal’ roughness was still much smaller than
the actual roughness by one or two orders of magnitude. This discrepancy
may be associated with plowing effects and the lack of clean cutting action.
It has been suggested that an additional contribution to the longitudinal
roughness from this effect can be estimated by assuming that the material
in the cutting paths to be removed at a depth of cut below the critical value
(see Chapter 5) remains in place on the workpiece surface [36]. However
the actual situation is much more complex, involving sideflow plowing into
ridges which also adds to the workpiece roughness [37, 38]. On the other
hand, elastic deflection of the grits and rubbing of wear flats over the work-
piece may improve the surface finish.

Up to this point we have considered the longitudinal workpiece pro-
file along the grinding direction, but it is the transverse roughness across the
grinding direction which is usually measured. The surface roughness across
the lay is usually somewhat bigger, owing to the relative magnitudes of the
sampling (cut-off) length and characteristic wavelength in each direction.
The typical sampling length of 0.8 mm may be comparable to, or only a few
times longer than, the characteristic wavelength of the longitudinal roughness
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component. For the particular example in Figure 10-3, the characteristic
wavelength was found to be 7-8 times bigger along the grinding direction
than across it, and the roughness was Ra � 0.26 �m along the lay and Ra �
0.30 �m across the lay.

It is conceptually more difficult to physically model or simulate the
‘ideal’ surface profile across the lay than along it. One simple model
assumes a transverse profile like that of the longitudinal one in Figure 10-7,
but with the radius of curvature of the scallops corresponding to the tip
radius of the abrasive grits equally spaced across the wheel and each pro-
truding to the same height [9]. A subsequent analysis also takes into
account the radial distribution of the active grain tips, which are assumed
to correspond to the active cutting points, leading to an expression for the
peak-to-valley roughness [9]:

(10-6)

where a1 and b1 are parameters defined from the measured radial distribu-
tion of active cutting points (grain tips) and � is the grain-tip radius which
is assumed to correspond to half the abrasive grain dimension (spherical
grits). Smaller values of a1 and b1 correspond to a greater accumulation of
cutting points per unit area with radial depth into the wheel, which in turn
leads to a smoother ideal roughness. As in Eqs. (10-4) and (10-5), the kine-
matic contribution to the ‘ideal’ roughness in Eq. (10-6) depends on the
combination of grinding parameters vw �vsds

1/2 and is independent of depth
of cut. The best possible peak-to-valley roughness would be equal to b1. In
view of the results in Chapter 3, the assumption of spherical cutting points
and grits is highly questionable, although the predicted roughness is of the
right order of magnitude.

In a number of other studies [32,36,39-49], the ‘ideal’ transverse sur-
face profile has been generated by computer simulation for measured trans-
verse wheel profiles or statistical models thereof. In the former case, an
actual workpiece surface profile is generated, while in the latter a statisti-
cal model of the profile is obtained. Each subsequent transverse wheel pro-
file passing a particular location on the workpiece is considered to remove
material in its path left behind by previous profiles, as illustrated in Fig-
ure 10-9, thereby making the surface progressively smoother. For computa-
tional simplicity, the outer points on successive wheel profiles are assumed to
protrude to the same height. In one particular computer simulation, the
smoothing effect followed an approximate relationship of the form:

(10-7)Ra =
Ro
i

+ Rq

Rt = a1a vw

vs(rds)
1>2 b

1>2
+ b1
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where i is the number of wheel profiles, and Ro and R� are empirical con-
stants. For a given wheel topography, the number of profiles contributing
to the workpiece profile would depend on the grinding parameters.
Assuming that there is an effective circumferential length of wheel surface
Le contributing to the transverse workpiece profile at any location, the num-
ber of profiles can be expressed as

(10-8)

where L is the spacing between successive active cutting points or profiles.
It was suggested that Le might correspond to the wheel workpiece arc
length of contact for a depth of cut a [36,41,42], but it is apparent from
kinematic considerations (e.g. Figures 10-7 and 10-8) that the depth of cut
should not affect the ‘ideal’ roughness. The arc length of contact for a wheel
depth of cut equal to Rt would appear to be a more reasonable choice [39],
in which case

(10-9)i =
vs
vw

(Rtds)
1/ 2

L

i =
vs
vw

Le
L

270 Chapter 10

Wheel

Lowest Valley Level of i-1 Profiles' Envelope

Highest Peak Level - Common to All Profiles

ith Individual Profile

Envelope of i-1 Individual Profiles

Envelope of i Individual Profiles

Material Removal by ith Profile

Rt

Lowest Valley Level of i Profiles' Envelope

Lowest Valley Level of ith Individual Profile

Figure 10-9 Ideal workpiece envelope profile across the grinding direction generated 
by successive transverse wheel profiles. Adapted from Reference [44].

W
W

W
.C

NCKAV.C
OM



Assuming a fixed ratio between Rt and Ra (i.e. Rt � mRa), the arithmetic
average surface roughness obtained by combining Eqs. (10-7) and (10-9)
within a practical range of roughness values can be approximated by

(10-10)

Neglecting any influence of the grinding parameters on L, the kinematic con-
tribution to the roughness in Eq. (10-10) again depends on vw�vsds

1/2, with
greater sensitivity than in Eq. (10-6) and less than in Eqs. (10-4) and (10-5).

In the limiting case, as the number of profiles becomes very large 
(i → �), the roughness given by Eq. (10-7) or (10-10) approaches R�. This
situation would correspond to complete spark-out at the end of the grinding
cycle (see Chapter 12) where the rotating wheel repeatedly passes over the
workpiece without any additional downfeed increment. The actual rough-
ness measured after spark-out was found to be reasonably close to the
‘ideal’ value R� for the particular case which was simulated [44]. In this
sense, the improvement in surface finish by spark-out is attributable to
more wheel profiles passing the same location on the workpiece. The
parameter R� is the best possible finish which can be obtained with this
wheel topography. In order to obtain a smoother finish, it is necessary to
have a smoother wheel surface, which would require finer dressing.

Predictions of ‘ideal’ surface roughness (Eqs. (10-4)–(10-6), and (10-
10)) were derived for straight surface grinding without crossfeed. It can be
readily shown that these relationships would be more generally applicable to
also include external and cylindrical plunge grinding if the wheel diameter
ds is replaced by the equivalent diameter de (Eq. (3-8)). Transverse rough-
ness analyses can also be readily extended to include traverse grinding with
crossfeed for the ideal case of a non-wearing wheel having the same topog-
raphy across its width. With crossfeed, additional smoothing of the work-
piece can be considered to occur by successive passes of adjacent wheel sec-
tions over the workpiece, as seen in Figure 3-7. As compared with plunge
grinding, the number of profiles i in Eq. (10-9) would be multiplied by a fac-
tor called the ‘overlap ratio’, which is equal to the ratio of the wheel width
bs to crossfeed st in Figure 3-7. Introducing this effect into Eq. (10-10), the
ideal surface roughness for grinding with crossfeed would be

(10-11)

Aside from the combination of grinding parameters vw �vsde
1/2, and

also the overlap ratio for grinding with crossfeed, additional parameters
needed for calculating the ‘ideal’ roughness are related to wheel topography.

Ra = a Ro
m1>2 b a

vwL

vsde
1>2
st
bs
b0.8

+ Rq

Ra L a Ro
m1>2 b a

vwL

vsds
1>2b

0.8

+ Rq
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However, this information is not readily available. In order to overcome this
problem, attempts have been made to describe the grinding wheel topogra-
phy in terms of the dressing parameters, and subsequently predict the ‘ideal’
surface roughness in terms of both the grinding and the dressing parameters
[41,42,50-52]. For this purpose, a single-point dressing tool is assumed to cut
a clean thread with a pitch equal to the dressing lead into a solid (non-porous)
wheel, even though the wheel is certainly not solid and, as seen in Chapter 4,
material is removed during dressing by fracturing the abrasive grits and dis-
lodging them from the binder in a way that cannot produce a wheel topogra-
phy conforming to a pure threaded shape. However, many points on the wheel
surface should coincide with the locus of the dressing diamond path, and this
can account for a component in the transverse workpiece profile having a
characteristic wavelength equal to the dressing lead [45,53].

For plunge grinding without crossfeed, the ‘ideal’ peak-to-valley
roughness along the grinding direction for a wheel with a single dressed
helix is predicted as [50,51]:

(10-12)

which is independent of the dressing conditions. With the possible excep-
tion of some internal and creep-feed situations, this result would not apply
because the predicted workpiece roughness exceeds the wheel roughness,
which is the maximum limiting workpiece roughness. A statistical model of
the transverse wheel surface profile takes into account the influence of sub-
sequent spark-out dressing passes each having the same lead but randomly
phased relative to each other [41,42]. A complex relationship obtained for
the transverse workpiece profile and roughness predicts that smoothing of
the wheel surface by increasing the number of spark-out dressing passes
across the wheel should have a more significant influence on reducing the
surface roughness than an increase in the number of successive wheel pro-
files (see Figure 10-9). For grinding with crossfeed, an ideal workpiece pro-
file has also been generated by superposing subsequent passes by adjacent
sections of the wheel each having the same single helix (saw-tooth) profile
[52]. Complex expressions for the ‘ideal’ roughness indicate smoother sur-
faces with finer dressing, a slower workpiece velocity, and a bigger over-
lap ratio.

10.5 EMPIRICAL ROUGHNESS BEHAVIOR

Theoretical analyses of ‘ideal’ surface roughness provide physical
insight into how ground surfaces are generated and what may be the control-
ling factors. However, the relationships presented in the previous section are

Rt =
p2

4

ds
de
a vw

vs
b2
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found to be of limited practical use for predicting how the grinding and
dressing parameters affect the actual surface roughness, and for this pur-
pose it is generally necessary to rely upon empirical relationships.

One starting point for empirically relating surface roughness to the
grinding parameters has been to assume a direct correlation with the unde-
formed chip thickness [54,55]. In Chapter 3 it was seen that the undeformed
chip thickness for a given wheel topography and equivalent diameter
depends on both the velocity ratio vw �vs and the wheel depth of cut a com-
bined together as (vw �vs)a

1/2. From kinematic considerations of surface
generation in the previous section, there is no apparent reason why wheel
depth of cut should have any effect on surface roughness, although it could
influence wheel wear thereby altering the wheel topography and the corre-
sponding workpiece surface roughness. For straight surface grinding with-
out spark-out, the measured surface roughness is generally found to
increase with vw �vs, but a larger depth of cut is usually also found to have
an influence but to a somewhat lesser degree [8,34,56,57]. For the purpose
of comparing conventional and creep-feed grinding in Chapter 7 (Figure 7-
12), we assumed that the surface roughness depends upon (vw �vs)a

1/2,
which is equivalent to assuming dependence upon the undeformed chip
thickness. In any case, the relatively greater sensitivity of surface roughness
to workpiece velocity rather than to wheel depth of cut is an especially
important factor in creep-feed grinding, because it enables smooth finishes
to be maintained at higher removal rates.

For cylindrical plunge grinding, experimental surface roughness data
tend to follow a relationship of the form [58,59]:

(10-13)

where Qw
 is the volumetric removal rate per unit width (Qw
 � vwa), and R1
and x are experimentally determined constants. The exponent x is typically
in the range 0.15 � x � 0.6. The quantity within the parentheses in Eq.
(10-13) is the equivalent chip thickness heq which was introduced in
Chapter 5.

Unlike straight surface grinding, the velocity ratio and wheel depth
of cut in Eq. (10-13) have the same relative influence on surface roughness.
However, it should be noted that the surface roughness for cylindrical
grinding is actually obtained after some degree of spark-out, so that the
final depth of cut to which the workpiece is subjected is very much less
than that input to the machine. With external cylindrical grinding, for exam-
ple, it is necessary to retract the wheel instantaneously to avoid any spark-
out, in which case the workpiece, instead of being round, would show a
spiral surface feature with a radial step height equal to the wheel depth of
cut (Figure 3-1(b)). After stopping the infeed control prior to retracting the

Ra = R1aQ¿w
vs
bx = R1a vwa

vs
bx
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wheel, spark-out occurs while material continues to be removed at a dimin-
ishing rate as the elastic deflection of the grinding system is recovered. An
analysis of this phenomenon and the effect on out-of-roundness is present-
ed in Chapter 12. During spark-out, the helical feature tends to disappear
and the workpiece becomes more nearly round as the wheel depth of cut
decreases, and this is accompanied by an improvement in surface finish.
Complete spark-out, which is considered to have been reached prior to
wheel retraction if the removal rate diminishes to zero and the grinding
sparks cease, reduces the surface roughness in cylindrical grinding by about
half [58,59]. Comparable improvements by spark-out might be expected
for straight surface grinding.

Up to this point, we have considered only the grinding parameters.
Perhaps of even greater significance are the dressing parameters. Finer
dressing generally produces a more even and smoother wheel surface, so
the ground workpiece roughness is also smoother. For rotary diamond
dressing, it was pointed out in Chapter 4 that the dressing severity depends
on the angle � at which the diamonds on the rotary dresser surface initially
cut into the wheel, which is readily expressed in terms of the dresser infeed
and velocity (Eq. (4-9)). A larger value of � causes more grit fracture, less
plastic deformation of the abrasive, and a rougher wheel surface. The sur-
face roughness has been found to be proportional to �1/3 [60], as seen in
Figure 10-10. Combining this effect with Eq. (10-13) suggests a surface
roughness dependence

(10-14)

where R2 is a new empirical constant. An additional complication is intro-
duced by spark-out during rotary diamond dressing, analogous to grinding
spark-out, whereby the dressing action continues after the rotary dresser
infeed is stopped. During dressing spark-out the wheel becomes smoother,
and a corresponding reduction in workpiece surface roughness is obtained
for longer dressing spark-out times [60].

A similar situation also prevails with single-point diamond dressing.
A finer dressing lead and/or smaller dressing depth produce a smoother
wheel surface (Chapter 4), and consequently a smoother workpiece. The
influence of dressing lead sd and dressing depth ad on surface roughness
[61], combined with the surface roughness relationship of Eq. (10-13), sug-
gests that

(10-15)Ra = R3sd
1>2ad1>4 aQ¿w

vs
bx

Ra = R2d
1>3 aQ¿w

vs
bx
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where R3 is an empirical constant. The dressing lead has a much bigger
influence than the dressing depth. Measured roughness values for internal
grinding of bearing cups over a wide range of removal rates and dressing
conditions, which were correlated with a semi-empirical relationship for
undeformed chip thickness [62], can also be shown to follow a relationship
like that of Eq. (10-15) but with somewhat smaller exponents for the dress-
ing parameters. Other results for conventional and creepfeed surface grind-
ing suggest slightly less sensitivity of surface roughness to dressing lead
than in Eq. (10-15) [34,57], whereas other results for external cylindrical
grinding suggest slightly greater sensitivity [63]. While the influence of
dressing parameters on surface roughness in Eq. (10-15) was obtained for
single-point diamond dressers, it is also found to work reasonably well for
multipoint diamond dressing tools. As with rotary dressing, additional
spark-out passes by a fixed dressing tool at the end of the dressing opera-
tion smooths the wheel and reduces workpiece roughness.

While a better surface finish can be produced by resorting to finer
dressing conditions, this will cause the wheel to be duller, thereby raising
the grinding power and specific energy and increasing the risk of thermal
damage (Chapter 6). This behavior is illustrated in Figure 10-11 which
shows a trade-off between specific energy and surface roughness as the
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dressing severity is varied for otherwise identical grinding conditions [61].
In this case, changing only the dressing severity caused as much as a five-
fold variation in surface roughness and specific energy. It is of interest to
note that the results for both single-point and rotary dressing fall on the
same trade-off curve.

The effect of grinding and dressing parameters on workpiece surface
roughness as described in the foregoing would normally apply to short
grinding cycles with frequent wheel redressing. In such cases, the wheel
may be dressed only once per part. With longer grinding cycles and less fre-
quent dressing, wear of the grinding wheel alters its topography and so the
surface roughness also changes with time. Such behavior can be seen in
Figure 10-12, which shows the peak-to-valley wheel surface roughness
(measured on an imprint of the wheel surface) versus the accumulated vol-
ume of metal removed per unit grinding width for various dressing leads
[64]. Finer dressing provides an initially smoother wheel surface as expect-
ed. But with continued use after dressing, coarser dressed wheels become
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Figure 10-12 Wheel surface roughness versus accumulated metal removal for various
dressing leads: cylindrical plunge grinding, vitrified alumina wheel, vs �
29 m/s, vw � 19 m/min, a � 3 �m [64].

smoother and finer-dressed wheels become rougher, tending in each case
towards the same ‘steady state’ condition as the effect of dressing progres-
sively disappears. The ‘steady state’ wheel roughness is found to be bigger
at faster removal rates.

With continued use, the workpiece surface roughness follows a sim-
ilar trend to that of the wheel roughness [65]. The transition of the surface
roughness Ra from its initial value Ra,o after dressing towards the ‘steady
state’ value Ra,� can be described by an exponential relationship of the form
[65-68].

(10-16)

where Vw
 is the accumulated volumetric removal per unit width and Vo
 is a
constant which characterizes how fast the roughness changes. This behav-
ior is illustrated in Figure 10-13 for internal cylindrical grinding of a hard-
ened bearing steel [65]. For a given wheel-workpiece combination, Vo

appears to be relatively insensitive to the removal rate and dressing condi-
tions whereas Ra,� has a power function dependence as seen in Eqs. (10-13) –
(10-15). The data in Figure 10-12 would correspond to Vo
 � 300 mm2,
whereas surface roughness data for cylindrical grinding of a hardened tool
steel [63] and the roughness data in Figure 10-13 have a smaller value of
Vo
 � 200 mm2. In general, the wheel needs to be dressed fine enough so as
to satisfy the required surface roughness which is usually much smaller

Ra - Ra, q

Ra,o - Ra, q
= expaV¿w

V¿o
b
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than the steady state roughness. The amount of material which can be
removed per wheel dressing, or the number of parts per dress, depends on
the initial roughness and the rate of roughness degradation.

One factor which is usually assumed to significantly affect the sur-
face roughness is the abrasive grit size. But for conventional abrasive
wheels dressed prior to use, the grit size is usually found to have only a
minor influence on the initial workpiece roughness after dressing. In one
particular investigation, a refinement in abrasive size from 36 to 120 grit,
representing a dimensional grit size reduction of more than five to one,
lowered the roughness by less than 10% [56]. Insensitivity to grit size is not
surprising when it is realized that active cutting points are generated on
abrasive grits by localized deformation and fracture during dressing, and
that the undeformed chip thickness is typically much smaller than the grit
dimension. While there are fewer grains per unit area on coarser-grit wheels
(Figure 4-8), each active grain has, on the average, more cutting points.
Thus we saw in Figure 4-16 that the radial distribution of active cutting
points is not very sensitive to grit size, and so the surface roughness is also
relatively unaffected. However, with continued grinding after the initial
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effects of dressing are removed, smoother workpiece surfaces are obtained
with finer-grit wheels. An analysis of surface roughness data for external
cylindrical grinding of a plain carbon steel [63] implies a dependence of
steady roughness on average grit dimension dg (see Figure 2-2) as

(10-17)

where 0.3 � y � 0.7 for 36- to 100-grit wheels (450 to 107 �m average
dimension). Larger values of the exponent and hence a greater sensitivity
to grit size apply to smoother finishes obtained at slower removal rates.

The above results apply to plunge grinding without crossfeed. For
traverse grinding with crossfeed, the workpiece becomes progressively
smoother by successive passes of adjacent wheel sections over the work-
piece. The radial depth of cut taken by each subsequent section depends
upon the rate of wheel wear (see Figure 3-7). Available data in the litera-
ture suggest that the combined effects of crossfeed st and wheel width bs on
surface roughness can be expressed in terms of the overlap ratio (bs �st) as
[59,69,70]

(10-18)

where 0.5 � z � 1. Either a wider wheel or a finer crossfeed should
improve the finish in crossfeed grinding.

Grinding with crossfeed might be expected to provide better finishes
than plunge grinding owing to the repeated grinding action by adjacent sec-
tions. However, non-uniform wear across the wheel width may lead to
uncertainties in the final dimensions obtained, and the situation may be fur-
ther aggravated by traversing back and forth across the workpiece, which
tends to ‘crown’ the wheel. For production grinding operations, it may be
preferable to use a wider wheel and plunge grind, where possible, and this
will also reduce the grinding time.

The foregoing discussion applies to conventional abrasive wheels
which are periodically redressed. With CBN wheels, the situation is similar
in some ways and much different in others. After initial wheel preparation
(truing and dressing), the initial surface roughness may be as good as that
obtained with a finely dressed conventional wheel [71-73]. However, the
wheel surface, although smooth, is likely to be very dull, thereby causing
extremely large forces (Figure 5-13). With continued grinding, the wheel
tends to self-sharpen and the forces become smaller, but the workpiece
becomes rougher [71,72] as seen in Figures 5-13 and 5-16. A comparable
wheel condition and grinding performance may be obtained directly, while
avoiding the high initial forces, by ‘sharpening’ the wheel prior to grinding

Ra r abs
st
b -z

Ra, q r dgy
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using methods described in Chapter 4. For a completely sharpened wheel
having almost no flattened areas remaining on the grain tips (Figure 4-11),
the workpiece surface roughness reaches a limiting value which is insensi-
tive to the grinding parameters and cannot be improved to any significant
degree by spark-out. In this condition, the wheel roughness is the overrid-
ing factor controlling the workpiece finish, and the kinematic contribution
becomes insignificant by comparison.

With CBN wheels, a better finish may be obtained by resorting to a
finer grit size, insofar as this will reduce the roughness of the wheel in its
sharpened condition. Finer grit sizes are generally required with CBN
wheels than with conventional abrasive wheels in order to obtain compara-
ble roughnesses.
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Wheel Wear and Lubrication

11.1 INTRODUCTION

Grinding of materials is accompanied to a greater or lesser degree by
wear of the grinding wheel. Historically, wheel performance has been
judged mainly in terms of its wear resistance, but wheel wear is only one
of many factors which should be taken into account.

The practical significance of wheel wear depends upon the particular
type of grinding. For precision grinding using conventional abrasives, the
termination of the grinding wheel ‘tool life’ and the need for redressing is
likely to be determined either by excessive forces and wheel dulling due to
attritious wear at the grain tips, or by loss of finish, form, or size due to
‘bulk’ wheel wear. More of the wheel may be consumed by periodic dress-
ing than by wear, but the wheel itself is usually not a significant cost factor.
By contrast, wheel consumption has more significant economic conse-
quences for grinding with superabrasive wheels and for heavy-duty grinding
with conventional wheels, owing to high abrasive costs with the former and
high rates of wheel wear with the latter.

Grinding wheel wear is a complex process. The overall wheel wear
is the culmination of numerous individual wear events from encounters of
abrasive grains with the workpiece. Research studies have identified and
quantified the prevailing wear mechanisms and the influence of various
factors. Lubrication by the grinding fluid is one of the most significant fac-
tors affecting wheel wear, mainly through its influence on the chemical
reactions which occur at the grinding zone. Wheel-wear behavior can be
empirically correlated to some extent with the operating parameters which,
together with an understanding of the mechanisms of wheel wear, provides
a rational basis for deciding what steps might be taken to alleviate limita-
tions on the grinding process imposed by wheel wear.
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11.2 QUANTIFYING WHEEL WEAR

The wear of a grinding wheel is usually expressed as a volumetric
loss of material. For plunge grinding, the volume of radial wheel wear is
simply

(11-1)

where �rs is the measured decrease in wheel radius, ds is the mean of the
wheel diameters before and after wear has occurred, and b is the grinding
width. In most practical cases, �rs is only a very small fraction of the wheel
diameter.

An illustration of typical wheel-wear behavior is shown in Figure 11-1
as a plot of volumetric wheel wear versus accumulated metal removed Vw
[1]. Since the removal rate is essentially constant, the accumulated metal

Vs = pds¢rsb
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Figure 11-1 Volumetric wheel wear versus accumulated metal removed for an external
cylindrical plunge grinding operation.

W
W

W
.C

NCKAV.C
OM



removed on the horizontal axis is proportional to time. The wear behavior
seen here is similar to that observed with other wear processes. High initial
wear is followed by a steady-state regime with a nearly constant wear rate.
A third regime of accelerating wear, as seen in Figure 11-1, usually indi-
cates a ‘catastrophic’ situation and the need to redress the wheel.
Accelerating wear, if and when it occurs, may be associated with workpiece
burn or chatter.

A performance index commonly used to characterize wheel-wear
resistance is the ‘grinding ratio’, also referred to as the G-ratio or G, which
is the volume of material removed per unit volume of wheel wear. This may
be computed for the entire test as

(11-2)

which corresponds to G � 50 in Figure 11-1, or only for the steady-state
wear regime as

(11-3)

which corresponds to G � 100.
G-ratios cover an extremely wide range of values. On vanadium-rich

high-speed steels, G-ratios less than unity may be obtained [2], in which
case the work appears to be abrading the wheel rather than vice versa. At
the other extreme, G-ratios of above 60,000 have been reported for internal
grinding of bearing races using CBN wheels with a straight oil as the grind-
ing fluid [3].

An important consequence of wheel wear, as indicated by the grind-
ing ratio, is that on feed-controlled grinders, the actual stock removal rate
is less than the infeed rate on the machine since part of the infeed motion
corresponds to following the retreating wheel surface as it wears. With
cylindrical plunge grinding, for example, it can be readily shown from vol-
umetric continuity requirements (neglecting machine deflections) that the
actual radial size reduction rate w of the workpiece is given by

(11-4)

where vf is the radial infeed velocity set on the machine (Figures 3-1(b) and
3-1(c)), and dw and ds are the workpiece and wheel diameters, respectively.

rªw =
vf

1 +
dw

dsG

r
#

G =
¢Vw

¢Vs

G =
Vw

Vs
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The discrepancy between w and vf becomes significant with small G-ratios
and relatively small wheels (e.g. internal grinding).

For grinding to a required shape, it is usually not the overall wear
across the face of the wheel, but localized wear at corners and sharp protru-
sions in the profile which is likely to necessitate wheel redressing. Corner
wear is especially problematic with straight plunge grinding of the type
illustrated in Figure 11-2, such as for grinding of crankshafts [4-7]. In addi-
tion to uniform radial wear �rb across the wheel face, initially sharp cor-
ners become progressively rounded [4-8]. A worn corner may be approxi-
mated as being nearly round with radius �rk, but a more accurate indication
of material loss at a corner is the associated reduction in profile area �Ak
(see Figure 11-2). The uniform wear area �Ab plus the sum of the localized
wear area �Ak at each corner give the total cross-sectional wear area �As.
The corresponding volumetric wear is

(11-5)

where –ds is the mean wheel diameter measured to the centroid of the wear
area �As. It is generally more practical to describe corner wear in terms of
the radius �rk rather than �Ak, since it is easier to measure and more direct-
ly related to the need for redressing and loss of form. To regenerate a nom-
inally sharp corner by redressing, the minimum wheel depth to be removed
is equal to �rk.

A situation similar to that for corner wear also applies to other
cross-sectional shapes. An example of a V-shaped profile is illustrated in
Figure 11-3. A more generalized approach has been proposed for quantify-
ing wheel wear with any arbitrary wheel shape [8].

¢Vs = pds¢As

r
#
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Figure 11-2 Illustration of uniform wear and localized corner wear in cylindrical
plunge grinding of a workpiece wider than the wheel.
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Non-uniform wear across the wheel face also occurs in any operation
with traverse motion. The simplest example is straight traverse grinding
with crossfeed, as was seen in Figure 3-7. At the start of grinding, when the
wheel face is flat, virtually all material removal occurs across the leading
width st corresponding to the crossfeed per workpiece revolution. But as the
first section wears down, both across its width and by rounding at the lead-
ing corner, part of the material to be removed to a depth a is left behind for
removal by the next section of width st, and its wear leaves behind materi-
al to be removed by the subsequent section, etc. In this way, a series of steps
is generated across the wheel, equal in number to the overlap ratio and hav-
ing a cumulative height not exceeding the wheel depth of cut [9]. This may
give the appearance of an inclined worn profile across part of the wheel
width over which most of the actual material removal occurs [10,11]. 

11.3 WHEEL-WEAR MECHANISMS

It is generally recognized that there are three main mechanisms of
wheel wear as illustrated in Figure 11-4 [12-14]: attritious wear, grain frac-
ture, and bond fracture. Attritious wear involves dulling of abrasive grains
and the growth of wear flats by rubbing against the workpiece. Grain frac-
ture refers to removal of abrasive fragments by fracture within the grain,
and bond fracture to dislodging of the abrasive grain from the binder. Both
of these types of fracture wear may lead to self-sharpening, which reduces
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the dulled wear flat area caused by attritious wear. Another type of wear is
binder erosion, which is likely to reduce the bond strength and promote
grain dislodgement, especially with resin- and metal-bonded wheels.

Volumetric wear measurements tell us little, if anything, about the
mechanisms of wheel wear. In some research investigations, wheel wear
has been characterized instead in terms of the weight of the wear particles
removed from the wheel and their size distribution [12,13,15-17]. For this
purpose, it is necessary to collect all the grinding debris and then separate
the wheel-wear particles from the metallic swarf. The size distribution of
the wear particles is related to the prevailing wheel-wear mechanisms.

Some wear results obtained in this way are shown in Figure 11-5 for
grinding a low carbon steel with a series of five vitrified aluminum oxide
wheels varying only in grade [15]. Here again as in Figure 11-1 we see a
high initial rate of wear followed by a steady-state regime of nearly con-
stant wear rate. The greatest amount of wear occurred with the softest 
G-grade wheel, but the least wear in this case was not with the hardest 
K-grade wheel but with the intermediate I-grade wheel.

Size distributions of the wear particles recovered in the steady-state
regime are shown in Figure 11-6 for each of the five wheels. Also included
for comparison is the size distribution of the original abrasive grain used in
making these wheels. These results are presented on a cumulative weight
basis from larger to smaller particles (smaller to larger sieve numbers), so
a higher elevation of the curve corresponds to less fragmentation. It is
apparent that abrasives in softer wheels undergo less fragmentation during
the wear process, which is similar to that previously observed for particles
removed by dressing (Figure 4-6).
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The relative contribution of each of the three wear mechanisms —
attritious wear, grain fracture, and bond fracture — can be estimated from
the wear particle size distribution together with measurements of wear-flat
area and volumetric wear. We begin with attritious wear. As seen in
Chapter 5, attritious wear leads to the growth of flat areas on the grain tips.
An upper limit on the weight of abrasive worn away by attrition can be
approximated by the product of the volumetric wear, the wear-flat-area
fraction, and the density of the alumina abrasive [15]. Results from this cal-
culation show that attritious wear amounts at most to only a few per cent of
the total weight loss.

The amount of bond fracture is estimated from a statistical analysis
of the wear particle-size distribution. For this purpose, we use the same
method as in Chapter 4 for analyzing the dressing particles. The main
assumptions of this analysis are that particles removed by bond fracture are
the biggest ones, and that there is only one bond fracture per grain. The
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bond fracture components calculated from the wear particle-size distribu-
tions in Figure 11-6 are shown in Figure 11-7, together with additional
results using these same wheels and finer dressing conditions. With increas-
ing binder content there is a corresponding reduction of bond fracture, from
about 90% with the G-grade down to about 50% with the K-grade wheel.

Since attritious wear is negligible, this would suggest that most of the
wear not generated by bond fracture is due to grain fracture. This neglects
any wear contribution from the binder, which should be relatively insignif-
icant at least with typical porous vitrified wheels containing much more
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grain than binder (see Chapter 2). With increasing wheel hardness, there is
relatively more grain fracture and less bond fracture, because of the greater
bond strength allied to the greater probability of the abrasive grain under-
going fracture prior to being finally dislodged. Nevertheless, although the
amount of observed attritious wear is negligible, it is often the most impor-
tant form of wear since it controls the grinding forces and hence also the
rate of bond fracture, as will be seen in the following section.

Aside from wheel grade, the relative amounts of grain and bond frac-
ture should also depend on the friability and size of the abrasive grains and
the particular bond material. Although these factors have not been system-
atically investigated, it seems appropriate at this point to say something
about grain friability. More friable grains are more susceptible to grain frac-
ture prior to their being finally dislodged from the bond, which is an impor-
tant factor in restricting the size of the wear-flat areas initially dressed on to
the grains and their subsequent growth by attrition. In the absence of self-
sharpening in this way, the abrasive grains would become extremely dull,
thereby causing large grinding forces and thermal damage to the workpiece.
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This is why tough abrasives are generally not suitable for precision grinding
operations [18]. On the other hand, heavy-duty grinding operations with
powerful machines usually operate more efficiently using tougher abrasives,
owing to reduced grain breakdown and lower abrasive consumption.

11.4 ANALYSIS OF WHEEL WEAR

A grinding wheel consists of an agglomeration of hard abrasive
grains held together by a weaker bond material. In practice, the overall
wear of a grinding wheel can proceed only as fast as bond fractures occur.
Prior to bond fracture, pieces of the abrasive are lost by grain fracture and
also to a much lesser extent by attritious wear, but the overall wear rate is
governed by the frequency of bond fracture [15].

We now proceed to develop a quantitative description of grinding wheel
wear in terms of the factors which might affect the frequency of bond fracture
[15]. Each time an active abrasive grit encounters the workpiece, there is a cer-
tain probability pb that it will be dislodged by bond fracture. The total weight
of abrasive worn away W is equal to the product of the probability of bond
fracture, the average weight of a single whole abrasive grain w, and the total
number of encounters N between active grains and the workpiece

(11-6)

Again, this relationship accounts for the total wear and not only that lost by
bond fracture.

With vitrified wheels, the binder is a glassy brittle material, so the
likelihood of bond fracture should depend on the magnitude of the tensile
stress induced at the bond bridges by the grinding force. A schematic illus-
tration in Figure 11-8 shows an isolated active grain subject to a tangential
force component ft and a normal component fn. Although the stress causing
bond fracture, say across the plane AB, cannot be readily calculated, it
seems likely that the tangential force component induces a predominantly
tensile stress and the normal force a compressive stress. Assuming that the
stresses are proportional to the force components, the tensile stress in the
bond bridge might be simply written as

(11-7)

where c1 and c2 are constants which would depend on the geometry of the
grain and the bond.

With harder wheels containing more binder, the bond bridges
between adjacent grains are bigger, which means that the stress should be

st = c1ft - c2fn

W = pbwN
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lower. Assuming a proportional relationship between the cross-sectional
bond area at AB and the weight fraction Vb of binder, the tensile stress in
Eq. (11-7) can be rewritten as

(11-8)

where K and � are new constants. The quantity within the parentheses is
called the ‘bond stress factor’.

From the foregoing discussion we should expect the probability of
bond fracture to depend upon the bond stress factor. A direct correlation has
indeed been found as seen in Figure 11-9 where a semi-logarithmic plot of
pb versus the bond stress factor (with � � 0.2) gives a reasonable straight-
line fit for the wheel-wear results in Figure 11-5 together with others
referred to previously on the same mild steel workpiece material and on a
bearing steel with finer dressing using the same wheels. The values of ft and
fn used in calculating the bond stress factor in Figure 11-9 were obtained by
dividing the measured force components Ft and Fn by the number of active
grains instantaneously in contact with the workpiece (measured number of
active grains per unit area times the geometric wheel-workpiece contact
area). The probability pb was calculated in each case, using Eq. (11-6), by
dividing the wear increment W by the product of the average weight of a

st = Kaft - bfn
Vb

b
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whole abrasive grain w and the number of encounters N (number of instan-
taneous active grains times the number of wheel revolutions). A correction
can be introduced to take into account the weight of binder in addition to
the weight of abrasive in the wear debris, but this would be significant only
with much harder vitrified wheels higher in bond content. For each active
grain encounter with the workpiece, the probability of bond fracture in
Figure 11-9 ranges from only about 4 � 10�6 with the smallest bond stress
factor to 3 � 10�5 with the biggest. In this sense, bond fracture is an
extremely rare event.

This wheel-wear analysis might be further developed in a more gen-
eralized form for quantitatively predicting the influence of grinding forces
on wheel wear with different wheel-workpiece combinations. However, it
seems unlikely that a comprehensive model of this type could take into
account all the important factors. Despite its limitations, the present analy-
sis does present a physical explanation of the wheel-wear process. It can be
appreciated that attritious wear, although negligible, is probably the most
important type of wear, insofar as it controls the grinding forces and thus
governs the probability of bond fracture and the overall rate of wheel wear.
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(Additional aspects of attritious wear are considered in the following sec-
tions.) Here we also see the significance of wheel grade. Harder wheels
provide stronger bonds and less of a tendency for bond fracture. Furthermore,
with less bond fracture during wheel dressing and subsequent wear, there
are more active grits per unit area, as was seen in Chapter 4. This is why
harder wheels have more total wear-flat area [19], thereby also resulting in
bigger grinding forces and a greater tendency for thermal damage.

While the results presented above apply mainly to vitrified aluminum
oxide wheels, there is considerable evidence that wear of CBN wheels also
occurs in a similar manner by attrition, by grain fracture, and by grain pull-
out analogous to bond fracture [20-24]. It is difficult to quantify the contri-
butions of these various types of wear in vitrified CBN wheels since the
wear rates are usually so low. However some success has been achieved
with electroplated CBN wheels by periodic microscopic observations and
measurements of the wheel surface during grinding [20,21]. As with most
grinding operations, the wear of electroplated CBN wheels is characterized
by a high wear rate regime at the start of grinding with a new wheel fol-
lowed by a long steady state wear regime at a much lower rate. A third cat-
astrophic wear regime occurs and the wheel reaches the end of its useful
life when the metal binder begins to strip off the wheel hub. The high ini-
tial wheel wear in the first regime was found to be mainly due to pullout of
the most protruding weakly held grains, and tended to increase with coars-
er grained wheels. Grain pullout accounted for 60 – 80% of the total tran-
sient wear in this regime, with the remaining wear mostly caused by grain
fracture. Wheel wear in the steady state regime was dominated by grain
fracture. Attritious wear accounted for a negligible portion of the overall
wear but, as with aluminum oxide wheels, the dulled wear flat area associ-
ated with this type of wear is directly related to increased forces and power.

Many attempts to analyze wheel wear have followed an empirically
oriented approach of exploring possible correlations between overall wheel
wear and grinding severity, without any explicit consideration of the detailed
wear mechanisms. For example, it was postulated that the radial wheel wear
per unit distance of sliding on the workpiece might depend on the average
radial infeed velocity at which the workpiece can be considered to be
infeeding normal to the wheel surface as illustrated in Figure 11-10 [25].
The sliding distance is equal to the arc length of contact lc times the total
number of wheel revolutions N during the grinding interval. The average
radial infeed velocity , which can be approximated by the radial compo-
nent of the workpiece velocity vw at the mid-point of the grinding zone in
Figure 11-10 is readily obtained as

(11-9)vr = vwa ads b
1/2

vr

vr

Wheel Wear and Lubrication 297

W
W

W
.C

NCKAV.C
OM



or in terms of the removal rate per unit width (Qw′ � vwa) as

(11-10)

A direct relationship was previously shown between the radial infeed
velocity and workpiece infeed angle (Chapter 3) and it is also apparent
from Eq. (11-9) that the radial infeed velocity for a given wheel velocity is
directly related to the magnitude of the undeformed chip thickness. Instead
of the radial infeed velocity, the maximum value at the top of the arc length
of contact, which is times bigger, has also been used for characterizing
grinding severity [26].

In Figure 11-11, experimental results for external cylindrical plunge
grinding covering a wide range of conditions show a direct relationship
between the radial wheel wear per unit sliding distance (�rs �lcNs) and 
[25]. Such good correlation is very encouraging, but significant departures
from the curve in Figure 11-11 were also found whose cause was traced to
inadvertent changes in the dressing condition by progressive wear of the
dressing tool. One way the dressing process is likely to affect wheel wear
is by its influence on the grinding forces. Another way is by its influence
on how much wear occurs during the initial wear regime (Figure 11-1),
which may be considered to result from the removal of abrasive material
weakened by dressing-induced damage [27].

Another parameter used for empirically correlating grinding behav-
ior is the equivalent chip thickness heq (Eq. (5-39)). In Chapters 5 and 10,
we mentioned power function correlations of grinding forces and surface
roughness with this parameter. The G-ratio has also been found to have a

vr

22

vr =
Q ¿w

(ads)
1>2 = aQ ¿w vw

ds
b1/2
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similar dependence of the form [28]

(11-11)

where G1 and g are constants. Typical values of the exponent for precision
grinding are g � 0.1�0.5 [28]. The wheel-wear results in Figure 11-11 can
also be shown to be reasonably consistent with Eq. (11-11). However, the
usefulness of this relationship is somewhat limited for predicting wheel
wear since the constants G1 and g need to be experimentally evaluated for
each particular wheel-workpiece combination, dressing condition, grinding
fluid, etc.

A similar relationship also applies to heavy-duty grinding (snagging
and cut-off) at constant peripheral wheel velocity between the G-ratio and
stock removal rate Qw [29-32]:

(11-12)G = G2Qw
-g

G = G1heq
-g = G1aQ¿w

vs
b -g
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where G2 is a constant. Usually the G-ratio decreases with faster removal
rates (g � 0) or is relatively insensitive to removal rate (g � 0). But in some
cases, especially at lower rates of stock removal, the G-ratio has been found
to increase with faster removal rates (g � 0).

The analyses for wheel wear up to this point apply to grinding
without profiles. The situation is more complex with profile grinding
owing to the non-uniform working conditions across the active wheel
surface, and localized wear leading to profile errors is likely to be more
important than the overall wear. However, there appears to be a direct
relationship between overall wear and localized wear [5,6], so better pro-
file holding can be expected with lower rates of wheel wear (higher 
G-ratios). With this in mind, it is of interest to compare regular grinding
with creep-feed grinding. (For such comparisons, regular straight grind-
ing is sometimes referred to as pendulum grinding, apparently because
of the need to take many more passes by going back and forth.) From 
Eq. (11-10), it is apparent that, for a given removal rate, the average radi-
al infeed velocity becomes smaller with more creep-feed-like conditions
(larger a and smaller vw), which should tend to reduce the radial wheel
wear. Longer wheel-workpiece contact lengths with creep-feed grinding
should also result in lower forces per grain, which implies a lower over-
all rate of wheel wear. This explains why it is almost invariably found
that creep-feed grinding results in less profile wear and better form hold-
ing [33,34].

But the longer contact length with creep-feed grinding, while reduc-
ing the grinding severity by distributing the grinding action over a larger
area, has a disadvantage of imposing a condition of more sliding. For
straight plunge grinding, the sliding length per unit volume of metal
removal, Ls′, can be readily obtained as

(11-13)

so that increasing the depth of cut while maintaining the same removal rate
(more creep-feed-like conditions) and wheel velocity results in relatively
more sliding. This should lead to more attritious wear which, together with
a reduction in the tendency for self-sharpening by fracture wear, means
larger wear-flat areas and much bigger forces. One method to overcome
this problem has been to provide continuous dressing of the wheel during
grinding, which controls the wheel sharpness and also maintains the profile
[35,36]. A particularly successful application of continuous rotary diamond
dressing is creep-feed profile grinding of jet engine turbine blades and
vanes.

L¿s =
a1>2vs
p Qwds

1>2
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11.5 ATTRITIOUS WEAR AND GRINDING CHEMISTRY

The suitability of abrasive grain materials for grinding particular
workpiece metals depends to a very large degree on their attritious wear
resistance. Where possible, the abrasive should be considerably harder than
the material being ground, but hardness by itself is often not the prevailing
factor. If it were, diamond would be the most wear-resistant abrasive for
grinding any metal, and silicon carbide would rank higher than aluminum
oxide. In practice, neither diamond nor silicon carbide is the best choice for
grinding most ferrous alloys.

Attritious wear and the dulling of abrasive grits are both chemical
and mechanical [37-43]. Chemical effects are likely to be more significant
when the abrasive is somewhat harder than the workpiece and any of its
included phases. As an abrasive grain interacts with the workpiece at the
elevated temperatures reached in the grinding zone, numerous chemical
reactions may occur involving the abrasive, workpiece metal, binder,
atmosphere, and grinding fluid in various combinations [37]. Here we will
consider only a few of the known reactions which seem to be particularly
relevant. Some additional aspects of grinding chemistry will be considered
in the following section on lubrication and grinding fluids.

As mentioned above, diamond, despite its extreme hardness, is not
suitable for grinding most ferrous alloys. This anomalous behavior can be
attributed to excessive attritious wear mainly by the reversion of diamond
to graphite [44]. Degradation of diamond appears to be more rapid in the
presence of iron and other ferrous metals unsaturated in carbon, owing to
their affinity for carbon. This could explain why diamond is successfully
used for grinding some cast irons high in carbon. Cubic boron nitride
(CBN), although somewhat softer than diamond, is more chemically stable
to higher temperatures and wears much less on most ferrous metals.

For grinding ferrous metals with aluminum oxide wheels, the impor-
tant chemical reactions usually involve the oxidation of iron and the reac-
tion of the oxide with the abrasive to form the spinel FeAl2O4 [37]:

2Fe � O2 � 2Al2O3 : 2FeAl2O4

This spinel is an intermediate compound between the oxidized workpiece
metal and aluminum oxide, and its formation has been linked to stronger
bonding between iron and aluminum oxide [45]. A higher attritious wear
rate of aluminum oxide on steel in humid air than in dry air has been attrib-
uted to the catalytic effect of water on the oxidation of iron [37]. The affin-
ity of alumina for metal oxides may also be a factor in grinding other met-
als, although the particular metal oxide of interest is not necessarily that of
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the main constituent of the metal alloy being ground. In grinding a cobalt-
base superalloy, chrome oxide has been identified on the metal surface,
which should strongly adhere to aluminum oxide owing to the mutual solid
solubility of these two oxides [42]. It has been suggested that chrome oxide
on stainless steels might have a similar effect.

Despite the apparent role of oxygen and water vapor in promoting
adhesion and attrition, their elimination by grinding in a vacuum or inert
atmosphere has a drastic effect on the process [46-48]. Although chemical
bonding between the abrasive and metal may be reduced, nascent metal
workpiece particles with freshly formed uncontaminated surfaces tend to
physically adhere to each other and to the wheel surface, thereby loading
and clogging the wheel. Surface oxidation and corrosion in a normal grind-
ing atmosphere reduce the adhesion of metal particles to each other and their
re-adhesion to the workpiece. This same phenomenon also seems to account
for some of the difficulties encountered when grinding high-temperature
oxidation-resistant metals, including some stainless steels, nickel-base alloys,
and titanium [49].

Silicon carbide abrasives are harder than friable aluminum oxide (see
Figure 2-4), but they are usually inferior for grinding most ferrous materi-
als. This has been explained by the tendency for silicon carbide to react
with and adhere to iron at elevated temperatures [39]. The main chemical
reaction appears to be the dissociation of silicon carbide [43,50,51], and
this reaction could also promote attritious wear when grinding titanium and
other non-ferrous metals. Dissociation of silicon carbide at elevated grind-
ing temperatures could be driven by the affinity of silicon or carbon for the
workpiece. Therefore, silicon carbide tends to work better than aluminum
oxide on some ferrous metals with excess carbon, but not on carbon-hungry
ferrous metals unsaturated in carbon [51], which is analogous to the situation
mentioned above for diamond. It has also been suggested that the superiori-
ty of silicon carbide on some cast irons is due to the presence of small
amounts of SiC as a normal constituent in the iron, which would have a
much more drastic effect on the wear of the softer aluminum oxide [37].

Aside from chemical activity, purely mechanical factors contribute
significantly to attritious wear. In grinding some carbon and alloy steels, the
G-ratio is usually found to be reduced somewhat when grinding the mate-
rial in its fully hardened condition as compared with its annealed state
[52,53], which would suggest a mechanical effect. But hardness, by itself,
is not necessarily indicative of grindability and attritious wear for grinding
of materials, including those whose hardest phases are softer than the alu-
minum oxide abrasive.

A rather different situation arises when grinding high-speed tool
steels. Dispersed carbide phases in these materials are hard enough
mechanically to cut or shatter the aluminum oxide and cause very low 
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G-ratios, which accounts for the particular success of the much harder
CBN, compared with aluminum oxide, in grinding high-speed steels. The
hardest carbides in high-speed steels are of tungsten, molybdenum, and
vanadium. Carbides of tungsten and molybdenum are comparable in hard-
ness to friable aluminum oxide grains, and vanadium carbide is even some-
what harder. The volume fraction, C*, of these carbides in tool steels rela-
tive to that of tungsten carbide by itself can be approximated in terms of the
weight percentages of tungsten (W), molybdenum (Mo), and vanadium (V)
as [52]:

(11-14)

The effect of this parameter on the G-ratio is summarized in Figure 11-12
with data taken from numerous sources, where G* is the G-ratio for differ-
ent tool steels expressed as a percentage relative to that of an M-2 steel
[52]. Although the results fall within a rather wide band, it is clear that a
higher carbide content makes grinding much more difficult. A similar cor-
relation has also been established between the G-ratio and the vanadium
content for grinding of high-speed steels with aluminum oxide wheels [2].

Aside from the particular carbide content, grinding wheel wear is
also affected by the carbide morphology resulting from how the high-speed

C* = W + 1.9Mo + 6.3V

Wheel Wear and Lubrication 303

25

200

150

100

50

0

%

30 35 40 45

Equivalent carbide content, C* (%)

Workpiece: high speed steels (hardened)
G* = G/G(M2)
C* = W + 1.9Mo + 6.3 V

R
el

at
iv

e 
gr

in
di

ng
 r

at
io

, G
* 

(%
)

Figure 11-12 Effect of equivalent carbide content on the relative grinding ratio for
hardened high-speed steels [52].

W
W

W
.C

NCKAV.C
OM



steel was processed. Of particular practical interest in this regard are high-
speed steels produced by powder metallurgy techniques, which results in
very fine uniformly dispersed carbides. Small, hard particles tend to be less
abrasive than larger ones, which can account for lower wheel-wear rates
and higher G-ratios obtained with high-vanadium tool steels produced by
powder metallurgy methods [54,55].

11.6 GRINDING FLUIDS AND LUBRICATION

Many grinding operations are performed with the aid of a grinding
fluid. The grinding fluid is generally considered to have two main roles:
cooling and lubrication. Grinding fluids are commonly referred to as
coolants, but their role as lubricants is often more important.

Most grinding fluids can be categorized either as straight (or neat)
oils or as soluble oils. Straight oils for grinding are mineral-oil-based flu-
ids with additions of fatty materials for lubrication and wettability, and usu-
ally sulfur and/or chlorine for added wear reduction. Soluble oils are water-
based fluids containing oil emulsions and numerous other ingredients
which may include fatty materials, soaps, sulfur, and chloride for lubrica-
tion, surfactants for wetting and detergency and to prevent foaming, rust
inhibitors, water conditioners, and germicides.

Straight oils are generally found to be better lubricants than soluble
oils, as evidenced by higher G-ratios, lower grinding forces, and better sur-
face quality [3,51,56-61]. Of course, the relative performance of the grind-
ing fluid depends upon its particular formulation and application. The pres-
ence of water can have an adverse effect on the strength of the abrasive
grain and the binder [58,62,63], thereby promoting fracture wear with
water-based fluids, but the superior performance of straight oils appears to
be related mainly to their ability to reduce attritious wear [56]. This is seen,
for example, in Figure 11-13, which shows the influence of the grinding
fluid (air (dry), a soluble oil at two concentrations in water, and a straight
oil) on the wear-flat area in grinding a hardened bearing steel with a vitri-
fied aluminum oxide wheel. Compared with dry grinding in air, the grind-
ing fluids reduced attritious wear of the abrasive grains. The least wear-flat
area by far was obtained with the straight oil, and this led to much lower
sliding forces as well. Lubrication by the straight oil was also most effec-
tive in reducing the chip-formation and plowing energy components, but
this effect was much less significant than wear-flat-area reduction in low-
ering the grinding forces.

In view of the importance of chemical reactions on attritious wear, it
seems likely that the influence of the grinding fluid as a lubricant may be
related to how it affects the grinding chemistry. The formation of lubricating

304 Chapter 11

W
W

W
.C

NCKAV.C
OM



films, either by chemical or by physical action, can reduce workpiece-metal
adhesion and also inhibit those chemical reactions which promote attritious
wear [37]. For grinding of steels with aluminum oxide abrasives, lubricat-
ing films obtained with an active straight oil may provide a barrier to inhib-
it spinel formation, which is consistent with SEM observations of the wheel
surface showing much less adhered metal and smaller wear flats with a
straight oil than with a soluble oil [64]. For grinding of steels with silicon
carbide, the straight oil may reduce attritious wear in a similar way by
inhibiting the dissociation of silicon carbide and the diffusion of carbon to
the workpiece [51]. On the other hand, the superior lubrication effective-
ness of straight oils over soluble oils with resin-bonded CBN wheels has
been attributed to reduced binder erosion [3], although the tendency for
CBN to react with water may also be a factor favoring straight oils.
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Commercial grinding fluids typically contain sulfur and/or chlorine
as lubrication additives. Analogous to what has been postulated regarding
the role of these elements in boundary lubrication of metals, it is generally
believed that sulfur and chlorine react with the metal to form sulfide and
chloride lubricating films, although the actual reactions seem to be much
more complex. Beneficial lubricating effects of sulfur are also realized
when it is incorporated as an addition to the workpiece (e.g. sulfurized free-
machining steels) or by a sulfur treatment of the wheel. Sulfur additions to
stainless and high-speed steels can increase the G-ratio by an order of mag-
nitude [65].

In Chapters 6-8, we considered the role of grinding fluids as coolants,
and here we have seen the importance of grinding fluids as lubricants.
Cooling is most efficient with water-based fluids and lubrication with
straight oils. With the notable exception of creep-feed grinding, cooling by
grinding fluids appears to be generally ineffective in lowering the peak
temperature within the grinding zone (Chapter 7). With improved lubrica-
tion and reduced wheel dulling, the grinding forces are reduced, thereby
lowering the grinding zone temperature and the tendency for thermal dam-
age. These considerations would seem to weigh heavily in favor of straight
oils as opposed to soluble oils.

In actual practice, straight oils are used somewhat less than water-
based fluids, which appears to be contrary to how well they perform. One
advantage of water-based fluids as coolants is their superior ability to con-
trol the bulk temperature of the workpiece, which can reduce part-to-part
size variations associated with thermal deformation of the workpiece, but
this seems to be a secondary factor favoring the use of soluble oils. Unless
lubrication is critical for form and finish, straight oils tend to be avoided
mainly because of pollution and safety considerations. Oil-based fluids create
mist and fumes in the atmosphere, and they may also present a fire hazard.
Special environmental and safety precautions and equipment are necessary.

An alternative to straight oils are synthetic fluids, which are water-
based chemical solutions with additions, containing little or no mineral
oil, for lubrication, cleaning and corrosion control, and bacteria control.
Synthetic fluids appear to be generally inferior to straight oils as lubricants.
However, one particular area where synthetic fluids may be better lubri-
cants than soluble oils and straight oils is for grinding titanium alloys
[57,59,66,67]. For this purpose, alkaline phosphate solutions, which can
be buffered to nearly neutral pH to avoid skin irritation and chemical
attack on the paint of the machine [68], are found to be particularly effec-
tive in reducing wheel wear. Their lubrication effectiveness has been
attributed to strong physical adsorption of phosphate ions on titanium. In
grinding titanium with silicon carbide wheels, a sharp drop in wheel wear
when using a grinding fluid containing sodium phosphate was linked to a
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much lower silicon content at the finished workpiece surface, as measured
by X-ray diffraction [69]. The adsorbed phosphate ions would seem to
inhibit diffusion of silicon, and possibly also carbon, to the titanium
workpiece, thereby retarding the dissociation of the abrasive. Phosphate
solutions have not been adopted, at least to any significant extent, for
grinding titanium.

For a grinding fluid to be effective as a lubricant and coolant, it must
be delivered in sufficient quantity to the grinding zone as seen in Chapter 9.
There are two main methods of grinding fluid delivery: low pressure
(flood) and high pressure (jet) by means of nozzles. Most conventional
grinders are equipped with simpler low-pressure systems, whereas creep-
feed and high-speed grinders are more likely to have high-pressure sys-
tems. For creep-feed grinding at high rates of stock removal, large quanti-
ties of heat must be removed by pumping large volumes of fluid through
the grinding zone (Chapter 7). With high-speed grinding, the fluid veloci-
ty with a low-pressure system may be insufficient to penetrate the bound-
ary layer of air surrounding the wheel, thereby preventing the fluid from
reaching the grinding zone [60,61,70,71]. Aside from using high pressures,
one simple solution to this problem is to break up the air film by position-
ing a scraper plate close to the wheel surface at a location just ahead of
where the fluid hits the wheel. With high-pressure systems, multiple noz-
zles are often used to enhance fluid flow to the grinding zone, and this may
have the added benefit of reducing the sensitivity of the system to nozzle
location and orientation. Another approach is to use a ‘shoe’, rather than
nozzles, which is closely fitted to the wheel so as to force the fluid into the
wheel surface [61,72].

In addition to their roles as coolants and lubricants, grinding fluids
applied at high pressure also mechanically clean the wheel by removing
adhered metal [73-76]. Jet infusion of fluids is particularly effective when
grinding high-strength oxidation resistant alloys which tend to load the
wheel, and for creep-feed grinding where there is a greater need to keep the
wheel sharp as well as providing high flow rates for cooling. Separate noz-
zles for wheel cleaning may be directed towards areas on the wheel surface
away from the grinding zone. F1uid supply pressures typically range from
about 5 to 20 atmospheres, and much higher pressures of 50 atmospheres
or more work much better [75,76]. Aside from the additional pumping
capacity, a practical limitation on jet pressure is nozzle wear by contami-
nant particles suspended in the fluid. Pressures of 50 atmospheres are fea-
sible only with fluid filtration to remove particles bigger than 5 �m [76].

During grinding, most of the applied grinding fluid is recovered,
pumped back to a tank, filtered to remove debris, and then reused. In most
cases, the fluid is frequently replenished or treated to make up for losses or
degradation, or completely replaced in which case the old fluid is either
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recycled or disposed. For soluble oils, costly disposal treatment usually
consists of several steps [77]: breaking the emulsion, separation of oils
and fats, and secondary treatment of the water and oil phases (precipitated
oil and saturated sludge). Recycling of straight oils is simpler than for sol-
uble oils because no detoxification and water conditioning are needed. 
The recycling consists mainly of filtering and replacing additives. Instead
of recycling, the used oil may be used as a combustible fuel in energy
production [77].

Grinding fluids present environmental and safety hazards, so there is
considerable interest in replacing them with more benign fluids, reducing
their use, or eliminating them altogether. One novel approach has been to
combine the beneficial effects of lubrication by oil and the cooling proper-
ties of water in a high concentration solution of non-hazardous vegetable
oil in water [78]. For CBN grinding, the best grinding behavior with 45%
concentration of vegetable oil was comparable to what was obtained with
straight oil. Cryogenic liquefied gases have also been considered as possible
alternative fluids. Liquid nitrogen, the least expensive of these fluids, was
reported to successfully lower grinding forces and reduce thermal damage
[79,80], although a subsequent study indicates much poorer lubrication than
with soluble oils [81]. Another approach has been to apply Minimum Quantity
Lubrication (MQL), whereby a miniscule amount of a non-hazardous ester oil
is applied at a controlled rate using a precision dispenser. MQL has been
found to provide comparable or better lubricating performance than soluble
oil [82,83]. However one notable drawback with MQL is insufficient bulk
cooling of the workpiece which may lead to dimensional errors especially
with long grinding cycles. Going one step further, attempts have also been
made to completely eliminate the use of fluids altogether by treating the
grinding wheel with molybdenum disulfide [84] or graphite [85] solid
lubricants.

11.7 EVALUATING WHEEL PERFORMANCE

An important practical problem is how to evaluate the performance
of grinding wheels. Historically, the most widely used parameter to judge
whether one wheel is better than another has been the G-ratio. As pointed
out at the beginning of this chapter, high G-ratios are generally desirable,
but a more wear-resistant wheel may give higher forces and energy, there-
by increasing the likelihood of thermal damage to the workpiece.

A more meaningful test for evaluating wheel performance, which is
used by some wheel manufacturers, is to measure both the G-ratio and the
grinding power under fixed grinding conditions [86,87]. The general
approach is to test a series of wheels covering a range of grades rather than
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a single wheel, as this makes it possible to distinguish between inherent
wheel quality and wheel hardness effects. An underlying theoretical basis
for this approach can be seen by deriving a relationship between the specif-
ic grinding energy and G-ratio as follows.

For the grinding model in Chapter 5, it was seen that the total specif-
ic energy includes chip-formation, plowing, and sliding components:

(11-15)

At a fixed removal rate, both the chip-formation and the plowing compo-
nents remain constant. However, the specific sliding energy can be
expressed in terms of the volumetric wheel-wear rate Qs and attritious wear
parameter qs of the abrasive as

(11-16)

where Po and Qw, n are structural wheel characteristics which are assumed
to be independent of grade. For a volumetric removal rate Qw, the G-ratio
can be simply written as

(11-17)

Combining Eqs. (11-15), (11-16) and (11-15) leads to the final result

(11-18)

Therefore a plot of specific energy versus G-ratio with different wheel
grades should yield a straight line whose slope is proportional to qs.

An illustration of the application of this testing method is shown in
Figure 11-14 for evaluating two series of wheels having identical grain con-
tent but different vitrified bonds referred to as VX and VY. In general, harder-
grade wheels result in higher specific energies, but the corresponding 
G-ratios only tend to follow the expected linear behavior with the softer
wheels. At about K-grade, in each case there is a reversal in the curve,
which is caused by workpiece burn and accelerating wear (Figure 11-1)
during a portion of the grinding interval. Of the two bond materials, clear-
ly the VY is superior, as its curve lies to the right of the VX, which means
higher G-ratios at the same grinding energy level and removal rate.
Furthermore, the use of the J-grade wheel might be the best choice in order

u = (uch + upl) + aPoQw

Qw, n

bqsG

G =
Qw

Qs

usl =
Po
Qw, n

a qs
Qs
b

u = uch + upl + usl
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to obtain the least wear while avoiding burning with the particular grinding
conditions used in this test. According to Eq. (11-18), the straight-line
extensions of both curves in Figure 11-14 to zero G-ratio should lead to the
specific energy for a perfectly sharp wheel (uch � upl).

This same test method also shows the effect of other wheel parame-
ters, including grain material and grit size, on grinding wheel performance
[86,87]. The results are usually summarized with grinding power rather
than specific energy plotted against G-ratio, but this has no effect on the
final result for testing at a fixed removal rate. Of course, the conclusions to
be drawn from comparative testing apply only to the particular type of
grinding and test material.

Another use for this type of testing is for quality control in wheel
manufacture. For example, the H-grade wheel with the VX bond in
Figure 11-14 seems to fall out of line, as its energy requirement is close to
that of the harder K-grade wheel. Its G-ratio also seems to be inconsistent
with the other results, although this effect could not be reliably confirmed
since G-ratio data are subject to more scatter. Wheel-grade shifts were also
found with sonic testing (Figure 2-8). With vitrified wheels, shifts of two
grades or more were not uncommon several years ago, but the situation has
greatly improved owing to better production control. Wheel-to-wheel con-
sistency and uniformity within the wheel may be more important than the
inherent performance of the grain-bond system.
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Grinding Deflections: Grinding Cycles,
Inaccuracies, and Vibrations

12.1 INTRODUCTION

Forces generated during grinding cause elastic deformation and
deflection of the machine, the grinding wheel, and the workpiece. Grinding
deflections lead to geometrical inaccuracies in the components being
ground and should be carefully considered in the design of grinding cycles.
The deflection between the wheel and the workpiece may greatly exceed
the depth of cut taken by the wheel. Although this is usually recovered to a
greater or lesser degree by spark-out at the end of the grinding cycle, non-
symmetric machine defections cause shape inaccuracies and taper, and
periodic deflections associated with machine-tool vibrations cause chatter,
which reduces surface and geometrical quality and limits the production
rate.

The present chapter is concerned with the role of deflections in grind-
ing. To provide a basis for characterizing and controlling the grinding cycle,
simplified linear analyses are presented which account for the difference
between the machine infeed and actual stock removal in both continuous
and discrete infeed operations. Some examples are presented which illus-
trate how deflections can lead to geometric inaccuracies. The chapter con-
cludes with a brief description of forced and self-excited vibrations and their
causes, and of methods for vibration suppression to enhance part quality and
productivity. 

12.2 CONTINUOUS INFEED ANALYSIS

Elastic deflection of the grinding system causes the actual stock
removal to be less than the controlled infeed input to the machine. For ana-
lyzing this phenomenon, we begin with an idealized model as illustrated in
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Figure 12-1 for cylindrical plunge grinding. The machine structure supports
the wheel with a linear spring of stiffness ks and the workpiece with a lin-
ear spring of stiffness kw. Together these two springs in series comprise the
machine stiffness km in the infeed direction:

(12-1)

Additional flexibility due to wheel and workpiece elasticity is considered
to provide flexible contact of stiffness ka at the grinding zone. Combining
the contact stiffness with that of the machine, we obtain an overall effective
stiffness ke:

(12-2)

During grinding with controlled infeed, a time-dependent radial
infeed velocity u(t) is input to the machine (Figure 12-1), but the actual
infeed velocity v(t) corresponding to the radial size reduction rate of the
workpiece is less1. Neglecting wheel wear for now, continuity requires that
the difference between the controlled u(t) and the actual v(t) infeed veloci-
ties be equal to the time rate of change of the radial elastic deflection of
the grinding system:

(12-3)

For the system in Figure 12-1, the deflection is given by

(12-4)� =
Fn
ke

u(t) - v(t) = e#

�
#

ke
-1 = km-1 + ka-1 = ks-1 + kw

-1 + ka-1

km
-1 = ks-1 + kw

-1
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Figure 12-1 Idealized model of cylindrical plunge grinding. 

1 While the radial infeed velocity is referred to as vf elsewhere in this book, here we use u and v to
distinguish between the controlled and actual values, respectively.
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where Fn is the normal force component and ke is the effective stiffness
(Eq. (12-2)).

To facilitate the analysis, we assume that the normal force component
is proportional to the volumetric stock removal rate:

(12-5)

or

(12-6)

For a given workpiece velocity vw and grinding width b, the force is pro-
portional to the wheel depth of cut a:

(12-7)

where kc is the cutting stiffness given by

(12-8)

For cylindrical grinding, it may be more convenient to relate the normal
force to the actual radial infeed velocity v (Figure 12-2). Writing the
removal rate as

(12-9)

the normal force from Eq. (12-5) becomes

(12-10)Fn = (p bdwF0)v

Qw = p bdwv

kc = F0bvw

Fn = kca

Fn = F0bvwa

Fn = F0Qw
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or

(12-11)

where Fv corresponds to the quantity within the parentheses in Eq. 12-10.
Combining Eqs. (12-3), (12-4), and (12-11) leads to the differential

equation

(12-12)

where � is a characteristic time constant:

(12-13)

The rate of workpiece radius reduction is equal to the actual infeed velocity

(12-14)

where r is the accumulated reduction of the workpiece radius. For a con-
trolled infeed velocity u(t) input to the machine, the size-reduction process
is described by Eqs. (12-12) and (12-14) together with the initial conditions

(12-15)

and

(12-16)

The same analysis can readily be modified to include the effect of wheel
wear. For this purpose the radial wheel wear is assumed to be characterized by
a grinding ratio G, which is defined as the ratio of volumetric stock removal
to wheel consumption (see Chapter 11). For cylindrical plunge grinding

(12-17)

where w(t) is the radial wear rate of the wheel, and dw and ds are the work-
piece and wheel diameters, respectively. Taking wheel wear into account,
the continuity condition analogous to Eq. (12-3) is

(12-18)u(t) - v(t) - w(t) = �
#

G =
pdwbv(t)

pdsbw(t)
=
dwv(t)

dsw(t)

r(0) = r0

v(0) = v0

.
r = v(t)

t K
Fv

ke

.
v =

1
t

 [u(t) - v(t)]

Fn = Fvv
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Combining Eqs. (12-17) and (12-18) with Eqs. (12-3) and (12-4) yields

(12-19)

where

(12-20)

and

(12-21)

Eq. (12-19) is the same as Eq. (12-12) but with � replaced by � ′ and u(t) by
u′(t). The effect of wheel wear is insignificant when G �� dw �ds.

12.3 GRINDING CYCLE BEHAVIOR

We will now use this analysis to predict the size-reduction behavior
during infeed-controlled grinding cycles. We begin with the simple cycle
illustrated in Figure 12-3, consisting of an initial roughing stage with a

u¿(t) K
u(t)

1 +
dw

dsG

t¿ K
t

1 +
dw

dsG

.
v =

1

t¿
 [u¿(t) - v(t)]
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Figure 12-3 Simple grinding cycle consisting of roughing and spark-out stages.
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constant controlled infeed velocity u1 followed by spark-out with zero con-
trolled infeed velocity (u2� 0). Solving Eqs. (12-12) and (12-14) for the
first stage with v(0) � 0 and r(0) � 0 gives

(12-22)

and

(12-23)

This behavior is shown in Figure 12-3. After an initial transient, the actual
infeed velocity corresponding to the slope of the r(t) curve in the first stage
approaches the controlled infeed velocity, and the lag (deflection) of the
actual infeed behind the accumulated controlled infeed approaches a
steady-state value. How fast the transient occurs depends on the time con-
stant �. For t �� � in the steady state

(12-24)

and

(12-25)

The quantity u1� in Eq. (12-25) is the steady-state lag (deflection).
In theory, the time constant � which characterizes the transient

behavior may be estimated from Eq. (12-13) as the ratio of the force param-
eter Fv to the effective stiffness ke, but accurate values for Fv and ke are usu-
ally not available. One way to experimentally estimate the time constant is
to measure the steady-state lag in the roughing stage by in-process gaging
of the part diameter and dividing by u1 [1]. Typical time constants might be
� �0.5�1 s for external grinding and � �1-10 s for internal grinding,
although these values vary widely. Longer time constants are usually
obtained for internal grinding, owing mainly to a much lower wheel sup-
port stiffness ks, since the wheel is mounted on the free end of a long and
flexible spindle.

The initial roughing stage is followed by spark-out (Figure 12-3)
with u(t) � 0, during which material removal continues at a decreasing rate
until wheel retraction at t � tf. Solving Eqs. (12-12) and (12-14) for spark-
out (t1 � t � tf) with the initial conditions corresponding to the end of
roughing (e.g. Eqs. (12-24) and (12-25) with t � t1 for t1 �� �) leads to

(12-26)v(t) = u1 exp a- t - t1
t
b

r(t) = u1t - u1t

v(t) = u1

r(t) = (t + te-t>t - t)u1

v(t) = (1 - e-t>t)u1
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and

(12-27)

The first term in Eq. (12-27) is the total controlled infeed �r during the
roughing stage, while the second term is the elastic deflection � which
exponentially decreases towards zero (Figure 12-3).

The same type of analysis can also be applied to more complex grind-
ing cycles having one or more additional stages. Grinding cycles often have
an intermediate finishing stage between roughing and spark-out, as illustrat-
ed in Figure 12-4. In each stage, the actual infeed velocity tends toward the
controlled infeed velocity at a rate characterized by the time constant �, and
the steady-state lag (deflection) tends towards the product of the controlled
infeed velocity and time constant. In practice, the time at which to switch
from one stage to the next may be determined by the remaining stock to be
removed, as monitored by a diametral size gage, or by other criteria. 

12.4 DISCRETE INFEED ANALYSIS

A situation similar to that of cylindrical grinding applies to straight
surface grinding with reciprocating table motion where the downfeed
(depth of cut) is incremented in discrete steps between passes rather than
continuously. Discrete infeed behavior can be analyzed by considering
what happens during successive passes over the workpiece. For the first

r(t) = u1t1 - u1t exp a- t - t1
t
b
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pass, the depth of cut is set at d, but the true depth removed a1 is less owing
to normal deflection of the grinding system. Neglecting wheel wear as
before, continuity requires that

(12-28)

where a1 is the true depth of cut and �1 the deflection for the first pass.
Assuming a proportional relationship between the normal force and true depth
of cut (Eq. (12-7)) and a spring-like elastic system (Eq. (12-4)) we obtain

(12-29)

Prior to the second pass, the downfeed is incremented again by d, but there
is also a residual thickness (d�a1) to be cut following the first pass.
Analogous to Eq. (12-28), continuity requires that

(12-30)

where a2 is the true depth removed and �2 is the elastic deflection for the
second pass. Combining Eqs. (12-30), (12-29), (12-7) and (12-4) gives

(12-31)

Continuing the same procedure, the true depth of cut for the mth pass is
obtained as

(12-32)

This can be written in a more convenient form as

(12-33)am = d≥1 - P
1

1 +
ke
kc
Q
m

¥

am =
md - a

m- 1

n= 1

an

1 +
kc
ke

a2 =
2d - a1

1 +
kc
ke

d + (d - a1) - a2 = �2

a1 =
d

1 +
kc
ke

d - a1 = �1
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This result is plotted in Figure 12-5 for different values of kc�ke. A steady-
state condition is asymptotically approached where a � d and the steady-
state deflection is

(12-34)

As with continuous infeed, elastic deflection can be recovered by
taking additional spark-out passes over the workpiece without increment-
ing the downfeed. Assuming that the steady state was reached in prior
rough grinding, the actual depth of cut a1 for the first spark-out pass is less
than � � owing to the elastic deflection �1 of the system:

(12-35)

(Note that a1 and �1 now refer to spark-out passes.) Substituting 
for � � from Eq. (12-33) and combining with Eqs. (12-4) and (12-7) leads
to

(12-36)a1 =
d

1 +
ke
kc

a1 = �q - �1

�q =
kcd

ke
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for the first spark-out pass. The allowance remaining for the second spark-
out pass is reduced by the amount a1 removed in the first spark-out pass, so
the true depth of cut is

(12-37)

where �2 is now the elastic deflection. By analogy with the first spark-out pass:

(12-38)

Proceeding in this way, the true depth of cut for the pth spark-out pass is
obtained as

(12-39)

which is equivalent to

(12-40)

What happens with discrete infeed grinding can also be analyzed in a
different way using the continuous infeed results of the previous section. Since
each discrete pass is analogous to one workpiece revolution in cylindrical
grinding, the controlled downfeed for discrete grinding can be written as

(12-41)

and the true depth of cut as

(12-42)

where u1 is the controlled infeed velocity and nw is the rotational workspeed
(see Figure 12-2). Combining with Eqs. (12-22) for v(t) and noting that

(12-43)t = mnw
-1

a(t) =
v(t)
nw

d =
u1

nw

ap =
kcd

ke P
1

1 +
ke
kc
Q
p

ap =
d -

ke
kc
a
p- 1

n= 1

an

1 +
ke
kc

a2 =
d -

a1ke
kc

1 +
ke
kc

a2 = (�q - a) - �2
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leads to

(12-44)

where m is the pass number as before and 

(12-45)

Likewise for spark-out

(12-46)

which combined with Eq. (12-26) yields

(12-47)

where p is spark-out pass number and

(12-48)

These formulae for am and ap (Eqs. (12-44) and (12-47)) can be
shown to be very close to those obtained using the discrete infeed analysis
(Eqs. (12-32) and (12-39)) provided that

(12-49)

instead of Eqs. (12-45) and (12-48). This difference between the discrete
and continuous infeed analyses arises because Eq. (12-42), relating the true
depth of cut to true infeed velocity, is strictly valid only when v(t) is con-
stant. More precisely, the true depth of cut with continuous infeed is equal
to the difference in accumulated infeed between successive workpiece rev-
olutions, or

(12-50)

For the continuous infeed analysis, the normal force was considered to
be proportional to the true infeed velocity, which facilitates the analy-
sis, but not to the true depth of cut or removal rate as in the discrete
analysis. However, both analyses lead to the same type of transient
behavior.

a(t) = r(t) - r(t - nw
-1)

p0 = m0 L
kc
ke

+ 0.5

p0 K
kc
ke

ap = de-p>p0

t - t1 = pnw
-1

m0 K
kc
ke

am = (1 - e-m>m0)d
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12.5 INACCURACIES AND ELASTIC DEFLECTIONS

The objective in cylindrical grinding operations is to produce
axisymmetrical parts of revolution. Ideally a cross-section normal to the
part axis should be round, but cylindrical grinding with radial infeed gen-
erates a spiral rather than a round shape, as seen in Figure 12-2. From sim-
ple geometrical considerations, it is apparent that the roundness and dia-
metrical tolerances which can be held are inherently limited by the true
depth of cut at the end of the grinding cycle. A more nearly round part and
better size control should be possible with a smaller true infeed velocity at
the end of the grinding cycle, and a faster rotational workspeed should also
be beneficial for this purpose.

For a simple grinding cycle (Figure 12-3), one important role of
spark-out is to reduce the true depth of cut as the elastic deflection is recov-
ered in order to improve part geometry. While the degree of spark-out is
related to the time constant �, the true depth of cut after a given time under
spark-out also depends upon the depth of cut in the prior roughing stage
(Eqs. (12-26) and (12-42)).

Many practical grinding cycles have an intermediate finishing stage
between roughing and spark-out (Figure 12-4) with a controlled infeed
velocity which is about 20% of the value for roughing. Since the true depth
of cut obtained is also correspondingly smaller, the roundness prior to final
spark-out is also improved. With an intermediate finishing stage, accept-
able roundness may be achieved in many cases with a very short spark-out,
even less than �. It should be realized, however, that reduction of the true
depth of cut for roughing to a final required value may be accomplished
more quickly by simple spark-out without any finishing stage. The neces-
sity for a finishing stage may be for size control or to remove a thin layer
of material thermally damaged during roughing.

There are numerous instances where elastic deflections of the grind-
ing system cause part inaccuracies. Deflections in the infeed direction tend
to cause oversized parts, although much of this error may be recovered dur-
ing spark-out. Some of the more obvious inaccuracies associated with grind-
ing deflections are illustrated in Figure 12-6. In internal grinding, bending of
the wheel spindle under normal load causes taper (Figure 12-6(a)). A taper or
profile error can also occur when grinding nonsymmetrical profiles or
against the side of the wheel, which bends the wheel and possibly also the
part being ground (Figure 12-6(b)) [2]. Another problem which arises par-
ticularly in creep-feed grinding with large depths of cut and long grinding
zone contact lengths is illustrated in Figure 12-6(c) [3]. As the wheel pass-
es off the end of the workpiece, the normal force Fn decreases which in turn
reduces the deflection and increases the true depth of cut. A similar type of
overcutting occurs in cylindrical grinding with traverse, where the force
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also decreases as the wheel passes off the end of the workpiece. These geo-
metrical inaccuracies are in addition to those caused by other factors such
as wheel wear and thermal distortion.

12.6 ACCELERATED SPARK-IN AND SPARK-OUT

Elastic deflection of the grinding system lengthens the total cycle
time. With the simple cycle in Figure 12-3, for example, time is lost both
during the spark-in transient at the start of the cycle as the wheel initially
engages the workpiece, and during the final spark-out transient at the end
of the cycle. The steady-state lag of u1� in the roughing stage (section 12.3)
indicates a time loss during spark-in equal to the time constant �. For spark-
out, the time required depends on the degree of spark-out, as mentioned
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above. For example, recovering 90% of the elastic deflection by spark-out
would theoretically add about 2.3� to the cycle time.

One method to accelerate the initial spark-in transient is by the use of
controlled force grinding (section 5.7), especially for internal grinding
operations which have relatively long time constants. With a controlled
normal force input to the system, the true infeed velocity adjusts itself to
the preset normal force according to the characteristic grinding behavior
(e.g. Eq. (12-24), Figures 5-20 and 5-21), whereas with infeed-controlled
grinding the normal force gradually builds up during spark-in as the true
infeed velocity increases toward its ‘steady state’ value. However the
response of controlled-force grinding machines may be slowed down
somewhat by damping which is necessary for removing the initial out-of-
roundness of the workpiece. Some infeed-controlled grinders are also
equipped for accelerated spark-in with either pre-set controlled force or
spindle power during the initial portion of the grinding cycle.

Another method to accelerate spark-in at the start of grinding is to
add an initial short stage with a high controlled infeed rate at the start of
grinding. This is illustrated in Figure 12-7 which shows a three-stage cycle
which has been modified by the addition of a fourth stage at the start of
grinding to quickly accelerate the actual infeed velocity up to the desired
value for roughing. The time to initially accelerate the actual infeed up to
the desired value can be estimated from the continuous infeed analysis (Eq.
(12-22)) as:

(12-51)t = t ln a1 -
v
u1
b

328 Chapter 12

0 Time, t

Retract

Accelerated spark-in

Actual infeed 

Control infeed 

In
fe

ed

Figure 12-7 Grinding cycle with accelerated spark-in. 

W
W

W
.C

NCKAV.C
OM



For example, this analysis predicts that it will take only about 30% of the
time constant (t � 0.3�) to reach the desired infeed velocity if the control
infeed velocity during accelerated spark-in is four times the desired value
(u1�v � 4)

One concept for accelerating the spark-out is illustrated in Figure 12-8
[1, 4] for cylindrical grinding. The idea is to overshoot the controlled infeed
and then back off at a controlled rate to the final dimension and complete
spark-out such that the true infeed velocity is reduced to zero. A dwell of
duration nw

�1 corresponding to one workpiece revolution may also be added
prior to retraction at the end of the cycle in order to ensure complete spark-
out around the entire workpiece periphery especially with slowly rotating
(e.g. large diameter) parts.

Now let us proceed to analyze what happens during accelerated
spark-out using the continuous infeed results (sections 12.2 and 12.3). At
the end of the initial roughing stage (t � t1), the true infeed velocity and
accumulated removal are (Eqs. (12-22) and (12-23))

(12-52)

and

(12-53)r(t1) = (t1 + te-t1>t - t)u1

v(t1) = (1 - et1>t)u1
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Taking this as the initial condition, the behavior during accelerated spark-
out obtained by solving Eqs. (12-12) and (12-14) is:

(12-54)

and

(12-55)

where um is the controlled infeed velocity (negative for backing off ) and the
time t′ is measured from t1 (i.e. t′ � t – t1). Assuming that a steady-state con-
dition was reached at the end of roughing, these relationships simplify to

(12-56)

and

(12-57)

The final condition after backing off is

(12-58)

and

(12-59)

The total time required for each stage is obtained from Eqs. (12-56)–
(12-59) as

(12-60)

for roughing and

(12-61)

for accelerated spark-out. Adding the contribution from each stage, the total
cycle time (neglecting any final dwell) can be written as

(12-62)

The first term would be the time to remove the total allowance �r with an
infinitely stiff system, and the second term the additional time for the tran-
sients.

tf =
¢r
u1

+ t c a1 -
um
u1
b/n au1 - um

-um
b d

t2 = tf - t1 = t /n au1 - um
- um

b

t1 =
¢r
u1

-
t

u1
aum /n

u1 - um
-um

b

r(t2) = r(tf - t1) = ¢r - r(t1)

v(t2) = v(tf - t1) = 0

r(t¿) = r(t1) + t(1 - e-t¿>t)u1 + (t¿ + te-t¿>t - t)um

v(t¿) = u1e
-t1>t + (1 - e-t¿>t)um

r(t¿) = r(t1) + t(1 - e-t¿>t)(1 - e-t1>t) + (t¿ + te-t¿>t - t)um

v(t¿) = e-t¿>t(1 - e-t1>t) + (1 - e-t¿>t)um
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In order to implement the accelerated spark-out strategy, we need to
specify the time t1 at which to switch from the roughing infeed to the back-off.
As a practical matter, the time t1 cannot be directly measured with sufficient
accuracy owing to initial part-to-part size variation. It has been proposed to
switch when the remaining allowance �r2, measured with an in-process diam-
eter gage, reaches a specified value. Combining Eqs. (12-25) and (12-60):

(12-63)

In general, the system performance may be limited by how accurately �r2
can be measured in-process, insofar as a smaller value of �r2 reduces the
total cycle time. Once the value of �r2 is specified, the required back-off
velocity um may be obtained by solving Eq. (12-63). This calculation is
very tedious, but it can be shown for 0.2 � �r2�u1� � 0.8 to a very good
approximation that [1]

(12-64)

The time constant � which is needed to calculate um may be estimated in-
process by measuring the steady-state lag in the roughing stage and divid-
ing by u1 as previously mentioned.

For this analysis, we have assumed linear behavior, but non-linearities
particularly in the force versus infeed behavior would cause the system to
behave more sluggishly than theoretically expected. Therefore, accelerated
spark-out can be expected to result in slightly oversize parts, which may
necessitate an additional size correction at the end of the cycle.

The potential benefits of accelerated spark-in and spark-out strate-
gies are greatest for systems having long time constants, especially internal
grinding. Accelerated spark-in using a high initial control velocity as in
Figure 12-7 has been successfully applied in industry. Accelerated spark-
out as described above has apparently not been applied in production,
although some advanced grinding systems successfully use a simpler
approach of infeed overshoot followed by rapid back-off to quickly recov-
er the system deflection. The accelerated spark-out strategy as described
here should achieve this more efficiently.

12.7 GRINDING VIBRATIONS

Up to this point we have considered how deflections of the grinding
system affect the grinding cycle and workpiece accuracy. Other important
aspects of machine flexibility are related to grinding vibrations. Periodic

um = -u1 exp a1.65 - 5.15
¢r2
u1t
b

¢r2 = ¢rt - r(t1) = u1t + umt /nau1 - um
-um

b
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deflections associated with vibrations can adversely affect the part quality
and limit the production rate. Such vibrations are commonly referred to as
chatter. In this section, we present a brief introduction to grinding chatter
vibrations and their suppression. A comprehensive review of this topic can
be found in a CIRP keynote paper [5].

As with other machine tools, grinding machine vibrations are usual-
ly classified into two types: forced vibrations and self-excited vibrations.
Forced vibrations are caused by periodic disturbances external to the cut-
ting process such as from an unbalanced wheel or spindle, electric motors,
bearings, hydraulic systems, or even other nearby machines [6-14]. The
resulting associated chatter frequency corresponds to that of the vibration
source or some harmonic thereof, and the amplitude depends on the
strength of the vibration source and the compliance of the machine tool at
the particular chatter frequency. The compliance of the machine, which is
the inverse of its stiffness, is frequency dependent. In the foregoing discus-
sion, the machine stiffness was defined as km (Eq. (12-1)), but henceforth
we will refer to this as the ‘static’ stiffness (zero excitation frequency). The
dynamic stiffness may be significantly less than km particularly at excita-
tion frequencies close to natural frequencies of the machine structure. Aside
from static stiffness, other important factors are the prevailing vibration
modes and the degree of structural damping.

The causes of self-excited vibrations are much more complicated
than forced vibrations, and a great deal of research has been devoted to
understanding them [5-8, 15-27]. Self-excited vibrations are generally asso-
ciated with natural vibration modes of the machine-tool structure. The grind-
ing instability is attributed to regenerative feedback effects on the workpiece
and the wheel. Any irregularities in the cutting process cause variations in the
cutting force which can dynamically excite the machine tool structure. This
leads to variations in the local depth of cut during successive passes of the
wheel, thereby regenerating undulations or lobes on the workpiece. Wheel
regeneration can occur in a similar manner with periodic wear rate varia-
tions and lobes developing around the wheel periphery.

With other types of machining, such as turning and milling, self-
excited vibrations usually occur near the natural frequencies of the machine
structure. In grinding, the local deformation between the wheel and the
workpiece must also be taken into account. Flexible contact between the
wheel and the workpiece (see Figure 12-1) has the effect of raising the chat-
ter frequencies above the resonant frequencies of the machine structure 
[7, 26-28]. In most cases, one particular chatter frequency predominates.
The shift to a higher resonant frequency can make it difficult to relate the
chatter to a particular vibration mode.

Self-excited vibrations are stable if the amplitude of regenerative
waves becomes progressively smaller, and unstable if the wave amplitude

332 Chapter 12

W
W

W
.C

NCKAV.C
OM



grows. The threshold condition between stable and unstable behavior can
be derived by applying classical feedback techniques to a mathematical
model of the grinding system. For plunge grinding, a structural model like
the one in Figure 12-1 has been used [8,15]. Also included in the model are
a proportional relationship between the normal force and actual depth of cut
analogous to Eq. (12-7), and a continuity condition analogous to Eq. (12-18).
The dynamic response of the machine structure is introduced in terms of its
directional frequency response in the complex plane, Gm( j�)/km, which can
be considered as the dynamic deflection due to a frequency-dependent unit
excitation force between the wheel and the workpiece. The limiting stabili-
ty condition which is obtained can be written as

(12-65)

where Rem is the negative real part of Gm(j�), km is the static machine stiff-
ness (Eq. (12-1)), G is the grinding ratio (Chapter 11), and vw and vs are the
workpiece and wheel velocities, respectively. The left side of Eq. (12-65)
may be considered to represent the dynamic compliance of the machine in
the direction of the normal force. On the right-hand side, the first term
equals half the combined cutting and wheel-wear compliances, and the sec-
ond is the contact compliance. In many practical cases, the wheel-wear
compliance is much less than the cutting compliance (vw/vsG �� 1) in
which case the stability condition simplifies to

(12-66)

In order to apply the stability condition, we need appropriate values for
the parameters in Eq. (12-66). The range of parameters normally encountered
for external cylindrical grinding of hardened steels is as follows [15]:

static machine stiffness, km � 10-100 kN/mm
cutting stiffness per unit width, kc �b � 2-10 kN/mm2

contact stiffness per unit width, ka �b � 1-10 kN/mm2

dynamic machine characteristic, �Rem� � 1-10

The cutting and contact stiffnesses are proportional to the grinding width,
so the values quoted are per unit width b. The cutting stiffness is approxi-
mately proportional to the ratio of workspeed to wheelspeed, and Eq. (12-
8) also indicates that increasing the workspeed can be expected to raise the
cutting stiffness proportionally. The lower limit of �Rem� � 1 would be for a
highly damped machine whereas the upper limit of �Rem� � 10 would apply
to a machine with very little damping.

ƒRem ƒ
Km

6
1

2kc
+

1

ka

ƒ Rem ƒ
km

6
1

2kc
a1 +

vw

vsG
b +

1
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Grinding Deflections: Grinding Cycles, Inaccuracies, and Vibrations 333

W
W

W
.C

NCKAV.C
OM



Now substituting some typical values into Eq. (12-66), i.e. km � 30
kN/mm, kc�b � 5 kN/mm2, kc �b � 5 kN/mm2, and �Rem� � 2.5, the stability
condition becomes b � 3.6 mm. In this case, stability requires a grinding
width less than 3.6 mm. A wider cut would make kc and ka proportionally
bigger and the process would be unstable. In many practical cases, the
grinding width is likely to be bigger than the critical value and the process
is prone to regenerative chatter. Whether or not the regenerative chatter
actually becomes a problem depends on how quickly the chatter amplitude
grows to an unacceptable level.

Compared with external cylindrical grinding, the stability condition
(Eq. (12-66)) would seem to suggest a worse situation for internal and
straight surface plunge grinding. The machine stiffness km with internal
grinding is usually much smaller than with external grinding, as previous-
ly mentioned, and both the cutting and the contact stiffnesses tend to be
bigger owing to the higher degree of wheel-workpiece conformity.
Furthermore, the necessity for a small wheel will result in a more rapid rate
of wheel regeneration. With straight surface grinding, static machine stiff-
nesses are only about half as big as for external cylindrical grinders, but this
may be offset by lower cutting stiffnesses due to the use of slower work-
speeds. An additional factor which lessens the growth of regenerative chat-
ter with straight surface grinding is the lack of a fixed phase relationship
between the wheel and workpiece. With cylindrical grinding, the wheel and
workpiece rotate continually with a fixed speed ratio and phase, but re-
engagement of the wheel with the workpiece for each pass with straight
surface grinding causes a random phase shift between the vibration motion
and regenerative wave generation which interrupts regenerative feedback.

Regenerative chatter waves can develop both on the wheel and on the
workpiece. However, the vibration frequency causing regeneration on
either body is limited by wheel-workpiece contact. Vibration frequencies
with half wavelengths shorter than the contact length should be strongly
attenuated by a mechanical filtering effect as illustrated in Figure 12-9 for
workpiece wave filtering, and a similar effect applies to the wheel [8, 15].
The break frequencies above which filtering should occur in this way are
readily obtained as

(12-67)

for the workpiece and

(12-68)

for the wheel, where lc is the contact length (e.g. Eq. (3-8)). For typical
external grinding conditions, fw might be about 200 Hz and fs about 50-100

fs =
vs
2lc

fw =
vw

2lc
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times higher, which corresponds to typical ratios of vs to vw. The break fre-
quencies for internal grinding tend to be somewhat lower owing to longer
contact lengths. Many practical cases arise where the first (lowest) natural
frequency of the grinding system is higher than fw, thereby attenuating
workpiece regeneration and favoring stability. Grinding chatter at frequen-
cies between fw and fs can only occur by wheel regeneration, which may
grow quite slowly owing to the inherent wheel-wear resistance. During
each wheel revolution, the wheel wear is usually much less than the stock
removal, and the variable part of the wear responsible for wheel regenera-
tion comprises only a very small fraction of the total. Despite the instabili-
ty, it is often possible to remove a significant amount of material without
objectionable chatter.

12.8 VIBRATION SUPPRESSION

The obvious way to suppress forced vibration is to eliminate or isolate
the vibration source. Other possibilities for reducing the amplitude of forced
vibrations include increasing the static and dynamic stiffnesses of weak struc-
tural elements, adding damping, and shifting the excitation frequency.

Some effects of various factors on self-excited vibrations can be
inferred from the stability criterion of Eq. (12-65) or (12-66). Increasing the
right-hand side of the equation or decreasing the left will tend to favor sta-
bility and lessen regenerative chatter. Parameters which may be varied are
related to the machine structure, the wheel-workpiece combination, and the
operating conditions.

For stability considerations, the machine structure is characterized by
km and |Rem|. The static stiffness km depends upon the configuration of the
machine and the materials from which it is built. On internal grinders, the
wheel spindle is usually the weakest element which limits the stiffness, as
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mentioned previously. The flexibility of the component being ground may
also be an important factor, in which case supporting the workpiece more
rigidly lengthens the chatter-free grinding time while also reducing wheel
consumption and spark-out time [28]. The dynamic stiffness can also be
increased by reducing �Rem� which generally requires more damping.
Structural damping depends on the materials from which the machine is
built and also localized damping at interfaces between machine elements.
Cast iron provides better damping than structural steel, although machine-
tool builders often find it more convenient to work with welded-steel struc-
tures. Composite materials provide much better damping and have become
quite popular [29]. However, one disadvantage with composites is the need
to cast metallic interface elements into the structure, which limits possibil-
ities for subsequent modifications. Dynamic weaknesses associated with
particular vibration modes may also be corrected with auxiliary dampers.

The particular wheel-workpiece combination mainly affects the cut-
ting stiffness kc and contact stiffness ka. More difficult-to-grind materials
generally require larger forces, which means a larger cutting stiffness and
more chatter problems. Decreasing the wheel hardness lowers the contact
stiffness which makes the system more stable, and this has the additional
benefit of reducing the cutting stiffness. Of course, a softer wheel will usu-
ally reduce the G-ratio, although this is likely to have only a secondary
influence on regenerative chatter. Improved chatter performance with
superabrasive wheels has been obtained by adding a flexible coupling
between the abrasive rim and the hub and by the use of a more flexible hub
material [30]. This not only decreases the contact stiffness, but also
improves the dynamic behavior by adding more damping to the system.

Insofar as the frequency of self-excited vibrations is nearly constant,
the number of waves regenerated on a grinding wheel rotating at a constant
speed remains the same. Changing to a different wheelspeed should cause
the number of waves to vary such that the previous wave configuration
becomes obliterated. It has been demonstrated that regenerative chatter can
be effectively suppressed by continuously varying the rotational wheel-
speed so as to cause a more random regeneration process [31-33]. Similar
benefits are also obtained with workspeed variations [24, 34]. Although this
method of vibration suppression should be rather easy to implement, it has
not been widely adopted in production.
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Simulation, Optimization, 
and Intelligent Control

13.1 INTRODUCTION

In the previous chapters, a critical evaluation has been presented of
what we know about the grinding process. Quantitative models have been
shown to provide a relatively clear understanding of the many diverse
aspects of the process. But utilization of these models to predict or control
what happens during a grinding process presents a daunting challenge
because most of the models are interrelated and the process changes as
grinding proceeds. This can be appreciated in a somewhat oversimplified
way by considering the sequence of events in a typical grinding operation.
For example, using the grinding models to understand what happens during
a cylindrical grinding process might begin with selection of the grinding
wheel, and then proceed to dressing of the wheel, implementing the cycle
by infeeding the wheel into the workpiece, calculating the actual removal
rate and machine deflection during the cycle, finding the corresponding
forces and energy, considering wheel wear and dulling, calculating the tem-
peratures and predicting possible thermal damage, estimating the roughness
and roundness, proceeding to the next part with the used wheel, etc. Any
attempt to apply grinding theory may seem like a hopeless task. 

In order to address this challenge, simulation software has been
developed which integrates the various models to predict what happens
during a grinding operation. While some ‘simulations’ may deal with only
a particular aspect of the grinding process [1], the present simulation con-
sidered here is intended to work as a virtual grinder to quantitatively repli-
cate the many diverse and interrelated aspects of what occurs throughout a
grinding cycle, and also from cycle to cycle. This simulation software can
also utilize actual grinding data, if available, to calibrate the models and
thereby improve the accuracy of the simulation. The updated knowledge
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base provided by the calibrated simulation can then be used to identify opti-
mal grinding conditions and for computer control of the process. 

Simulation software packages have been developed for cylindrical
grinding, creep-feed form grinding, double disk grinding, and helical
groove grinding [2, 9]. In this chapter, we will focus mainly on cylindrical
and creep-feed form grinding simulations. It should be noted that these
Windows©-based software packages are not just academic curiosities, but
are actually used in industry. The cylindrical grinding simulation
(GrindSim©) has been acquired by bearing, automotive, and machine tool
companies. The creep-feed form grinding simulation software has been
applied, up to now, mainly in the aerospace industry for continuous-dress
creep-feed (CDCF) grinding of turbine blades and vanes. 

Simulation software is normally applied off-line for prediction and
optimization of grinding processes. This chapter concludes with a consid-
eration of direct on-line computerized control of grinding. As with off-line
simulation, the ultimate objective is to utilize our knowledge of the grind-
ing process (grinding models) to optimize the grinding process. A model
based intelligent system for optimal computer control of grinding is
described which has been implemented in industry. With the advent of PC-
based open-architecture machine tool control, a more advanced on-line sys-
tem has also been developed which utilizes the simulation software as the
knowledge base for intelligent optimal control of cylindrical grinding.

13.2 ORIGINAL SIMULATION SOFTWARE 
FOR CYLINDRICAL GRINDING

Simulation software was originally developed for cylindrical grind-
ing (Figure 13-1) [1]. The concept for this model-based simulation is
shown in Figure 13-2. The simulation is analogous to that of an actual
grinding operation. It begins with Input information related to the job
requirements, grinding system, and operating parameters. The workpiece is
then ‘ground’ by execution of the Grinding Model to predict what hap-
pens. The Grinding Model includes a collection of interrelated models in
the form of mathematical equations which describe the various aspects of
the process. Finally the predicted grinding behavior is presented in the
Output, which includes the actual infeed, forces, power, deflection, and
temperatures versus time during the cycle, and the final roughness and out-
of-roundness.

The input parameters for the simulation software are sequentially
introduced according to the flow chart shown in Figure 13-3 [1].
Specification of the type of cylindrical grinding - external or internal - is
first requested. The fixed parameters are then provided: wheel diameter,
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initial and final workpiece diameters, grinding width, wheel velocity, work-
piece velocity, and system stiffness. This is followed by information about
the workpiece and grinding wheel.

The next input concerns the lubricating and cooling characteristics of
the grinding fluid. The role of the fluid as a lubricant is mainly to keep the
wheel sharp (Chapter 11). This is reflected in the simulation by a relative
ranking of lubricant effectiveness from 0 to 10: dry grinding is 0, a water
based soluble oil is about 5, and a heavy duty straight oil 9 or 10. The main
role of the fluid as a coolant is to reduce thermal expansion by lowering the
bulk temperature of the workpiece.
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Figure 13-1 Illustration of cylindrical plunge grinding.
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The user is asked whether to consider thermal expansion of the work-
piece in the simulation. Thermal expansion is usually of concern with long
grinding cycles, when using Minimum Quantity Lubrication (MQL)
(Chapter 11), or for dry grinding. If thermal expansion is to be considered,
then the heat transfer coefficient for cooling by the grinding fluid is
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requested. Water-based fluids have much higher convection coefficients
and are more effective coolants than straight oils due to their much higher
thermal conductivities. The user then decides whether to consider wheel
wear. The effect of wheel wear on grinding performance is especially
significant for internal grinding.

Next comes the controlled infeed cycle, which is usually divided into
a number of discrete stages (Chapter 12), although the prospects for contin-
uous variation of infeed control has also been investigated [10,11]. Input
for each stage of the grinding cycle includes the controlled infeed rate and
the point at which to switch to the next stage. Switching points can utilize
either infeed control or size control criteria. For infeed control, switching
from one stage to the next is activated upon reaching a specified infeed
(cross-slide) position, which is equivalent to specifying the time duration of
each stage. With size control, the switching point at the end of each stage
is specified by the remaining radial stock allowance, which is analogous to
using an in-process size gage. Final wheel retraction to terminate the cycle
is set either by fixing the final spark-out duration or by reaching the
required size tolerance. 

Before grinding, the initial workpiece will generally have signifi-
cant out-of-roundness. This will cause the actual infeed to fluctuate, espe-
cially during initial grinding. If this effect is to be considered by the
simulation, the user can quantitatively specify the initial non-round work-
piece shape as either wavy with lobes, eccentric due to inaccurate mounting,
a superposition of lobes and eccentricity, or by the radius variation around
the workpiece.

The last step in the Input is to dress the wheel. The user selects the
type of dressing (single point or rotary diamond) and enters the associated
dressing parameters. The computer then estimates the effective dullness
(wear flat area) of the dressed wheel. Finer dressing, a harder wheel grade,
and finer grit size generally result in a duller wheel (Chapter 4). Dressing
conditions also affect the surface roughness (Chapter 10).

With the wheel now dressed, the software proceeds to the Grinding
Model illustrated by the flow chart in Figure 13-4 [2]. The computer pro-
gram generates discrete grinding data at N points equally spaced around the
workpiece periphery. The number N is specified by the user. If initial out-
of-roundness is considered, the workpiece radii at the N points around the
workpiece are obtained from the input, and grinding is assumed to begin at
the maximum radius.

The Grinding Model in Figure 13-4 includes four interrelated
aspects: forces, material removal, wheel wear, and thermal. As the wheel
interacts with the workpiece, grinding forces are generated and power is
dissipated. The normal force causes a deflection, so that the actual radial
infeed of the wheel into the workpiece lags behind the controlled infeed to
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Figure 13-4 Grinding Model flow chart for the original simulation.
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the machine (Chapter 12). Bulk wheel wear adds to the lag as part of the
infeed is taken up by the receding wheel surface. Localized attritious wear
leads to dulling, thereby increasing the forces and power, which may be off-
set to some degree by self-sharpening. Virtually all the energy input is con-
verted to heat, which causes elevated temperatures at the grinding zone and
possible thermal damage to the workpiece (Chapter 6). The bulk tempera-
ture rise of the workpiece causes thermal expansion, which also affects the
actual material removal and the final size. 

Calculating the forces, material removal, wheel wear, and tempera-
tures begins with the continuity condition (Chapter 12). Neglecting thermal
expansion of the workpiece, the continuity condition for cylindrical grind-
ing (Eq. (12-18)) is given by:

(13-1)

where u(t) is the controlled infeed rate, v(t) is the actual infeed rate, w(t) is
the radial wear rate, and � is the system deflection. The actual infeed rate
v(t) can be expressed as the product of the wheel depth of cut a and the
work rotational speed nw:

(13-2)

and the deflection is equal to the normal force Fn divided by the system
stiffness ke (Eq. (12-4):

(13-3)

Satisfying the continuity condition to obtain the actual infeed rate or depth
of cut also requires solving for the normal force and wheel wear, which are
in turn dependent on the actual infeed rate or depth of cut. This is a further
indication of how the various aspects of the process are interrelated.
Iterative procedures are incorporated into the simulation software in order
to quickly obtain the solution to this problem for each workpiece rotation
at all N points around the periphery during the grinding cycle, and these
results are then used to calculate grinding temperatures. 

13.3 GRINDSIM©: SIMULATION, CALIBRATION,
AND OPTIMIZATION OF CYLINDRICAL GRINDING

The simulation software described above was developed before the
widespread availability of personal computers (PCs) with significant com-
puting power. An interactive updated Windows©-based PC version of the

� =
Fn
ke

v(t) = anw

u(t) - v(t) - w(t) = e–
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software (GrindSim©) was subsequently developed as illustrated in Figure
13-5 [7-9]. The capability of the original software was greatly enhanced
mainly by the addition of Calibration and Optimization modules, and also
by being able to consider successive grinding of multiple parts between
dressings. Simulation predicts the grinding behavior based upon physical
and empirical models which describe various aspects of the process.
Calibration enhances predictions by improving the accuracy of the mod-
els using actual grinding data. As such, the software ‘learns’ from the cali-
bration. Optimization can then be applied to identify the best grinding
conditions for maximum productivity. Further details and examples are
presented to illustrate each of these modules. 

Simulation
The Simulation module for GrindSim© works very much like the

original simulation software described in the previous section. The soft-
ware takes input data related to the wheel, workpiece, grinding process, and
dressing. Grinding models are then executed to predict forces, power, deflec-
tion, temperature, specific energy, surface roughness, out-of-roundness, etc.
These results are stored in a number of data files, thereby allowing the user
to obtain various plots in the output module.

To illustrate the simulation, consider a 3-stage internal plunge grinding
cycle consisting of roughing, finishing, and spark-out stages (Chapter 12).
The input parameters for this example are summarized in Table 13-1.
Figure 13-6 shows simulated results for the controlled and actual infeed,
power (P), normal and tangential force components (Fn and Ft), deflection,
and temperature versus grinding time during a single cycle. Also included
is an estimation of the power to cause workpiece burn (Pb) (Chapter 6).
Initially during the roughing stage, the grinding power, forces, deflection
and temperatures increase rapidly as the infeed rate increases towards a
nearly constant value. After this initial transient, the power and force com-
ponents continue to increase but at a much slower rate due to dulling of
the wheel. This causes a corresponding increase in the deflection and the
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temperature. Workpiece burn is most likely to occur during the roughing
stage, but should not happen in the present case since the grinding power P
is less than the corresponding burning power Pb throughout the entire cycle.
The power, forces, deflection and temperature decrease during the finishing
stage and the final spark-out. For this operation, the simulation predicts a
surface roughness of Ra � 0.71 �m, out of roundness of 2.2 �m, radial
wheel wear of 0.01 mm, and a system time constant (Chapter 12) of � �1.8 s.

This simulation example is for grinding only one part after dressing
the wheel. In production, multiple parts are often ground after each dress,
so the wheel condition after grinding the first part becomes the initial con-
dition for the second part, etc. The grinding behavior and part quality can
vary significantly from part to part between wheel dressings due to changes
in the wheel topography. The simulation can also take this situation into
account as seen in Figure 13-7 for grinding of 21 parts using the same
grinding conditions as in Table 13-1 but with intermittent dressing every 7
parts. The maximum grinding power, temperature, roughness, out-of
roundness, and wheel wear all increase from part to part until the grinding
behavior is restored by dressing. Note that the indicated wheel wear results
also include wheel consumption by dressing. 

Calibration
Simulation predicts the grinding behavior based upon physical and

empirical models which describe the various aspects of the process.
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Table 13-1 Grinding conditions for simulation 

Rough Finish Spark-out

Infeed velocity 0.012 mm/s 0.004 mm/s 0

Time 17.4 s 10.2 s 4.3 s

Wheel:

32A80M6, ds � 50 mm 

Workpiece:

AISI52100 (HRC55), dw � 70 mm, bw � 9.0 mm 

Single Point Dressing:

5 passes, lead sd � 0.137 mm, depth ad � 0.02 mm. 

Grinding parameters:

vs � 30 m/s, vw � 150 mm/s, radial stock allowance 0.24 mm, system 
stiffness ke � 6500 N/mm.
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However variations in grinding behavior arise due to uncontrolled varia-
tions related to the wheel properties, the dressing tools, changes in the
chemistry of the grinding fluid, etc. In order to deal with this situation, pre-
dictions from the simulation can be enhanced if the models are calibrated
against actual grinding data. As such, the software can ‘learn’ from the cal-
ibration, while also providing a data base which can be saved for future use.

For cylindrical grinding operations, the most useful parameter for
calibration is the grinding power. Power is relatively easy to measure even
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in a production environment. During the initial transient at the start of the
grinding cycle, the rate at which the power increases depends mainly on the
system stiffness and also the grinding characteristics. Good agreement
between predicted and measured power during the transient period of the
roughing stage indicates that the system stiffness specified in the simula-
tion is close to reality. For calibration, the system first compares the meas-
ured and predicted power during the initial transient period of the roughing
stage to estimate the system stiffness. The average power during the steady
period of the roughing stage is then used to calibrate the initial wear flat
area model. Other parameters in the dulling and self-sharpening models can
also be calibrated by examining how the power varies during this period.

Figure 13-8(a) shows both simulated and measured power for the
grinding cycle in Table 13-1. The simulation in this case utilized default
parameters in the models. The measured power is somewhat smaller than
the simulated power. However after calibration, the simulated and meas-
ured grinding power in Figure 13-8(b) match very well.  Furthermore the
calibrated models have been found to result in accurate simulations even
when the grinding and dressing conditions are varied over a very wide
range of conditions. The surface roughness and out-of-roundness models
can also be readily calibrated.
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Optimization
The simulation software provides a comprehensive quantitative

description of the grinding process which can be used not only to predict
grinding behavior but also for optimization. Optimization of the grinding
process is intended to identify the ‘best’ grinding and dressing conditions
while satisfying constraints associated with part quality and machine limi-
tations. [12-14]. For cylindrical plunge grinding, the usual optimization
objective is to minimize the cycle time while satisfying constraints associ-
ated with workpiece burn, surface roughness, and out-of-roundness. Two
other objective functions, targeting either the average cycle time or the
combined grinding plus dressing time to achieve a balanced process flow,
are also built into the simulation software.

Optimization requires consideration of all the stages in the cycle and
their interactions. For example, specification of a grinding operation with a
three-stage cycle requires selection of ten independent variables: infeed
rates, u1 and u2, for the roughing and finishing stages; time durations for the
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roughing and finishing stages, t1 and t2, which are related to the radial stock
allowance for each of the stages; spark-out time t3; dressing depth ad; dress-
ing lead sd; dressing interval Nd (parts/dress); wheel velocity vs; and work-
piece velocity vw [12]. Some of these parameters are usually not varied,
which greatly simplifies the optimization. The wheel velocity vs is usually
limited by safety considerations and is kept constant. Simulation results indi-
cate that the workpiece velocity vw has a secondary influence on cycle time,
so it may also be kept constant. In practice, the dressing lead sd is usually var-
ied to alter the dressing severity while the dressing depth ad is unchanged.

To optimize the grinding cycle, it is necessary to minimize the cycle
time per part with respect to the independent operating parameters. Let us first
consider a situation where the dressing interval (number of parts per dress) Nd
is fixed. In this case, the objective function � is the sum of the grinding time
tg and dressing time td per part [12] and the optimization requires:

(13-4)

subject to constraints: no workpiece burn, surface roughness, out-of-
roundness, wheel wear, and size. Times for part loading/unloading and
setup are omitted from the objective function because they are independ-
ent of the grinding and dressing conditions.

Some constraints are tight for all grinding conditions at the optimal
point and some are tight only under certain conditions. Monotonicity analy-
ses can be used to identify the tight constraints and turn them into equali-
ties to obtain a closed-form solution of the optimization problem [12]. The
out-of-roundness usually puts an upper limit on the finishing infeed veloc-
ity u2. The duration of t3 is only sufficient to reach the final size require-
ment as measured in process. The roughing time t1 is related to the radial
stock allowance and the roughing infeed rate u1. The wheel wear constraint
typically requires that the radial wear be less than about half the dressing
depth ad in order to locate the wheel surface for dressing, although a tighter
constraint may be needed to maintain a required form. Roughness, thermal
damage, and/or wheel wear constraints are usually the active constraints for
minimization of the objective function to find u1, t2, and sd.

While the optimization minimizes cycle time for a fixed dressing inter-
val, a further reduction in cycle time may be obtained by also optimizing the
dressing interval. For this purpose, the dressing time per part td includes not
only the time for actual dressing, but also the time to change the wheel [12]:

(13-5)td =
Td
Nd

+
Ta
n

with respect to: u1, u2, t1, t2, t3, sd

Min{£ =  tg + td}
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where Ta is the time per wheel change, n is the number of the workpieces
ground per wheel life, Td is the time per wheel dressing, and Nd is the num-
ber of workpieces ground per wheel dressing. The wheel change time may
become significant for internal grinding. The modified objective function
now becomes:

(13-6)

where m is the number of times a wheel can be dressed during its life.
Taking the derivative with respect to Nd leads to

(13-7)

where tg(Nd
*) is the optimal grinding time per part for a fixed dressing

interval Nd, which can be obtained with the optimum strategy described
above. The optimal dressing interval Nd

* can be found as the integer num-
ber which most closely satisfies Eq. (13-7). 

To illustrate the optimization, the software was applied to the same
process considered above in Table 13-1. The constraints for the optimiza-
tion required no workpiece burn throughout the cycle, maximum allowable
surface roughness of 0.8 �m, size tolerance of 0.01 mm, and maximum
out-of-roundness of 4 �m. The results for this optimization are summa-
rized in Table 13-2. It can be seen that the cycle time (rough, finish, and
spark-out) originally 31.9 seconds is now reduced to 23.1 seconds. For this
optimization, both the burning and surface finish constraints were tight,
which means that the grinding power reached the allowable burning limit
at the end of the roughing stage and the final surface roughness was at its
limit of 0.8 �m. The predicted out-of-roundness of 2.6 �m was less than
the 4 �m limit. 

3tg(Nd* + 1) - tg(Nd*)4 -
mTd + Ta
mNd

*2 = 0

£ = tg + td = tg +
mTd + Ta
mNd
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Table 13-2 Summary of optimization results

Rough Finish Spark-out

u(t) (mm/s) 0.018 0.002 0

t (s) 12.6 5.2 5.3

Wheel: 32A80M6. Workpiece: 52100 (HRC55). Dressing: lead sd � 0.10 mm/rev, depth 
ad � 0.02 mm. vs � 30 m/s, vw � 150 mm/s, stock allowance 0.24 mm, grinding width � 9.0
mm, system stiffness � 6500 N/mm.
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The optimal grinding conditions are usually very sensitive to work-
piece burn and surface roughness constraints. The workpiece burn constraint
requires that the grinding power should not exceed the corresponding burn-
ing power throughout the grinding cycle. Normally this thermal limit would
be reached at the end of the roughing stage. This constraint can be relaxed
and the cycle time reduced by allowing some workpiece burn to occur
towards the end of the roughing stage with subsequent removal of the ther-
mally damaged layer of workpiece material during the subsequent finishing
stage. To illustrate this behavior, consider optimization of the same grind-
ing cycle as above but with the allowable grinding power at the end of the
roughing stage equal to 1.3 times the corresponding burning power. This
further reduces the optimal cycle time from 23.1 seconds to 15.5 seconds.
The simulated results for this optimum cycle are shown in Figure 13-9.
Note that the grinding power P now exceeds the estimated burning power
Pb at the end of the roughing stage, thereby causing a thermally damaged
depth of 7 microns. The thermally damaged material is subsequently
removed during the beginning of the finishing stage.

The simulation examples presented above utilized a 50 mm diameter
wheel to internally grind a 70 mm diameter workpiece. This particular size
combination was selected because it matched the instrumented grinder used
for testing and calibration of the software. It should be noted however that
internal cylindrical grinding operations are usually performed in production
with the largest possible wheel diameter and least possible clearance
between the wheel and workpiece, which might be only about 5 mm, just
sufficient to allow for fluid access and a size gage. For internal grinding, the
wheel diameter has a big effect on the equivalent wheel diameter (Chapter 3)
and grinding behavior, so it also affects the optimal removal rate. For inter-
nal grinding a 70 mm diameter workpiece, the equivalent diameter (Eq. 3-9)
increases from 175 mm with a 50 mm diameter wheel to 420 mm with a 60
mm wheel and to 910 mm with a 65 mm wheel. According to the software,
the minimum optimal cycle time of 15.5 seconds for the above operation
with the 50 mm wheel decreases to about 12.1 seconds with the 60 mm
wheel and to only about 8.1 seconds with the 65 mm wheel. It is especially
important to use the maximum possible wheel diameter for internal grind-
ing, and also to frequently replace the worn wheel as it becomes smaller.

13.4 SIMULATION OF CREEP-FEED FORM GRINDING

Simulation software has been developed not only for cylindrical
grinding, but also for creep-feed, double-disk, and helical grinding opera-
tions [2-9]. In this section we focus on simulation software for creep-feed
form grinding and how it can be used to enhance productivity [2, 8, 9]. 
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Creep-feed grinding with large depths of cut and slow (creep) work-
piece velocities is often applied to machining of components with complex
profiles across the grinding direction. The process is widely used for aero-
space engine components, such as turbine blades and vanes, which are usu-
ally made of nickel-based alloys [15]. Grinding of these difficult-to-machine
materials is facilitated by Continuous Dress Creep Feed (CDCF) form
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Figure 13-9 Simulation of the optimal cycle with workpiece burn in the roughing 
stage. The burned material is removed during the subsequent finishing
stage.
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grinding, whereby the vitrified aluminum oxide wheel is dressed while
grinding using a diamond impregnated dressing roll, as illustrated in Figure
13-10, in order to maintain the required wheel profile and sharpness
(Chapter 7). The dressing roll velocity is usually 70 to 90% of the wheel
surface speed with both the dresser and wheel velocities in the same direc-
tion at their contact (down mode), and the feed of the dressing roll into the
wheel is typically 0.4 to 1.0 Õm per wheel revolution.

Figure 13-11 shows the root serration profile of a IN100 nickel alloy
turbine blade to be ground to the required form from a casting with two
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Figure 13-10 Illustration of CDCF grinding with over the wheel rotary dresser. 
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grinding passes: rough and finish [16, 17]. The hatched area in Figure 13-
11 designates the total amount of material to be removed. Most of this mate-
rial is usually removed in the roughing pass by CDCF form grinding, leav-
ing only 20 to 50 microns for the finishing pass at a faster workpiece veloc-
ity without any dressing.

Creep-feed grinding of profiles is extremely complex because the
grinding conditions vary across the wheel width. A further complication
arises because the process may not reach the quasi-steady state condition
with full wheel engagement for much or even all of the grinding pass, so
that the actual depth of cut varies not only across the wheel width but also
at each instant during the grinding pass. This transient situation is common
for creep-feed grinding of relatively short workpieces with large depths of
cut (Chapter 7) such that the instantaneous wheel depth of cut never reach-
es the overall depth removed and the actual wheel-workpiece contact length
is less than the theoretical length lc (Figure 7-9). Model based simulation is
very helpful in such cases due to the complex time-dependent interaction
between the wheel and the workpiece. 

13.4.1 Simulation
Similar to cylindrical grinding simulation, Windows©-based software

was developed to simulate the form (profile) grinding process [3]. The soft-
ware package consists of Input, Simulate, and Output modules. Besides
the grinding conditions, including workpiece velocity, wheel parameters,
and workpiece properties, the input module also deals with both the profile
to be ground and the initial workpiece profile before grinding in order to
determine the amount of material to be removed at each point across the
grinding width. Both profiles can be downloaded from a data file (CAD or
ASCII). Profiles consisting of multiple segments of straight lines and arcs
can also be created using a built-in CAD tool in the software. 

For analyzing the grinding process, the grinding wheel is divided into
a number of sub-wheels as shown in Figure 13-11. Grinding by each of
these sub-wheels is then modeled as grinding of an inclined surface (see
Figure 3-8). Depth of cut, wheel speed, and dressing conditions can be sig-
nificantly different for each sub-wheel, depending on the profile being
ground. By using the concept of effective wheel diameter and effective depth
of cut, the inclined grinding can be modeled as straight surface grinding (see
Chapter 3), so that the various grinding models presented in the previous
chapters can then be applied to form grinding. Much more data are needed
for simulating form grinding than for cylindrical grinding since predictions
are needed for each sub-wheel at each instant during each grinding pass. 

To illustrate the software, consider form grinding of the blade serra-
tion profile shown in Figure 13-11. The grinding consists of a CDCF rough-
ing pass to remove most of the material with a maximum depth of cut in the
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vertical direction (downfeed) of 2.8 mm followed by a finishing pass with-
out dressing to remove the remaining 0.05 mm. The grinding conditions
are: maximum wheel velocity vs � 30 m/s with a maximum wheel diame-
ter of ds � 500 mm, and workpiece velocity vw � 2.54 mm/s for the rough-
ing pass and vw � 8.5 mm/s for the finishing pass. For the CDCF roughing
pass, the dress ratio (ratio of maximum dresser velocity to maximum wheel
velocity) is 0.80 (down mode) and the dressing infeed is 0.4 Õm per wheel
revolution. The total wheel width of 14 mm is divided into 100 sub wheels.

As stated above, most of the grinding parameters will be different for
each sub-wheel and should also vary with time as the engagement between
the wheel and the workpiece changes. Figure 13-12 shows the instanta-
neous depth of cut distribution across the wheel width at 1.5 seconds and
8.3 seconds of the CDCF roughing pass after the wheel starts to actually
grind. After 1.5 seconds, only part the wheel is actually grinding and that
the maximum depth of cut at any point across the profile is less than 0.3 mm.
Later on after 8.3 seconds, the maximum depth of cut increases to about 2.0
mm. This particular time of 8.3 seconds was chosen for illustration because
it is close to when the maximum depth of cut is biggest. This can be seen
in Figure 13-13 where the maximum depth of cut is plotted versus the
grinding time during the cycle. The maximum depth of 2.2 mm, which is
reached at about 10 seconds into the roughing pass, is less than the maxi-
mum depth removed (downfeed) of 2.8 mm for this pass. For this pass, the
workpiece is geometrically short (Chapter 7), so the quasi-steady state
condition is not reached. 

Simulated results are shown in Figure 13-14 for the distribution of
the power, forces, depth of cut, and maximum temperature at 8.3 seconds
into the cut. Simulation predictions for these same parameters can also be
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obtained at any other time during the grinding cycle. Note that the maxi-
mum grinding temperature is estimated at about 135oC, which should be
close to the fluid burn-out limit for grinding with the soluble oil. Also
included in the figure are results for the final surface roughness. Smaller
surface roughness is predicted at locations having a bigger profile angle. A
bigger profile angle generally results in less severe dressing, since the
infeed rate of the dresser normal to the wheel surface is smaller at those
locations.

The total power and forces during the cycle are obtained by integrat-
ing the corresponding distributions across the grinding width at each
instant. Results obtained in this way for the total grinding power through-
out the grinding cycle for both the roughing  and finishing passes are shown
in Figure 13-15. 

13.4.2 Calibration
As with cylindrical grinding, the accuracy of the simulation software

for form grinding can be improved by calibration. For this purpose, it is
most convenient to use the grinding power, which is relatively easy to
measure in a production environment, although grinding forces can also be
used. The power measured during  CDCF form grinding includes not only
the actual grinding power, but also additional power for idling, dressing,
and fluid interaction with the wheel. These additional power components
can be found by taking a ‘spark-out pass’ which removes virtually no mate-
rial. The actual net power for grinding can then be obtained by subtracting
the power trace for spark out from the total measured power. Figure 13-16
shows a comparison after calibration of the predicted and measured
grinding power for CDCF rough grinding of the serrated wheel profile in
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Figure 13-11. The calibrated results obtained in this case were used for the
simulation example presented above.

13.4.3 Optimization and Process Monitoring
The simulation software for CDCF form grinding can be readily used

to optimize and also to monitor the process. The usual optimization objec-
tive is to minimize the cycle time, which corresponds to maximizing the
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wokpiece velocity. Other objectives may include minimization of process
cost or wheel consumption, but minimizing the cycle time is likely to come
close to also satisfying these other objectives. The extent to which the cycle
time can be minimized is limited by various constraints. For CDCF form
grinding, the most common constraint is thermal damage to the workpiece,
which is usually associated with fluid burn-out (Chapter 7). Other con-
straints might be related to the machine capability, surface roughness, and
geometrical tolerances. 

For CDCF form grinding, there are only a few process parameters
which can be manipulated. The wheel depth of cut is usually pre-determined
so that most of the stock is removed during the roughing pass leaving only
20-50 microns for finishing. The wheel velocity vs may be limited by the
rated speed of the grinding wheel. The remaining parameters include work
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Figure 13-16 Comparison of measured and predicted power traces after calibration for
CDCF grinding of the serration in Figure 13-11.
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velocity vw and the dressing condition (dress ratio and infeed). Therefore
satisfying the optimization objective of minimum time becomes equivalent
to maximizing the workpiece velocity. Normally it is desirable to use the
maximum possible dress ratio (down mode), so that a smaller dress infeed
can be used to minimize wheel consumption which is usually an important
cost factor in CDCF form grinding. This scenario suggests that the grind-
ing time can be minimized and the process optimized by progressively
increasing the workpiece velocity until the thermal damage limit is reached
at the severest point during the grinding cycle. If the surface roughness is
better than required at this point, then coarser dressing can be used so as to
obtain a sharper wheel and reduce the grinding power, thereby allowing for
a further increase in the workpiece velocity and reduction in grinding time.
The calibrated simulation can be used in this way to identify the optimal
workpiece velocity and dressing infeed. 

A further time reduction for CDCF form grinding may be achieved
by the use of variable workpiece velocity and dressing infeed during the
grinding pass [16]. For the example presented above, simulation predicted
that the thermal damage limit would be reached at about 8.3 seconds into
the grinding pass. During most of the pass, the temperature is below the
thermal limit. Therefore it should be possible to reduce the grinding time
by using a strategy of variable workpiece velocity and dressing so that the
critical thermal condition is reached at each point along the grinding pass.
Implementing this strategy reduced the grinding time by about 40%. The
required variation in the workpiece velocity and dress infeed to bring the
process near to its thermal limit at each point during CDCF form grinding
was estimated using the simulation software. 

Process variations associated with initial workpiece size and property
variations can significantly affect the grinding power and temperatures gen-
erated during CDCF form grinding. Power monitoring can provide a rela-
tively simple and robust solution to this problem [17]. For this purpose, the
power measured during grinding is compared with the power predicted
according to the CDCF grinding simulation in order to identify any abnor-
malities. This approach can also take into account the progressively
decreasing wheel size due to continuous dressing.

13.5 MACHINE TOOL CONTROL

The simulation software packages for cylindrical and creep-feed
form grinding integrate various grinding models to predict what happens
during the process. Calibration of the simulations with actual grinding data
enhances the accuracy of the predictions. This detailed knowledge of the
process can be used to improve productivity in an off-line manner without
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any direct link between the computer and the machine tool. The present
section is concerned with direct on-line computer control of grinding. 

Most modern machine tools utilize Computer Numerical Control
(CNC). With CNC machine tools, the cutting path, feed rates, and speeds
are usually programmed so that the operation is carried out in a predeter-
mined way. However the computational capability with CNC also allows
for possible ‘adaptation’ or Adaptive Control of machine settings so as to
enhance productivity. Adaptive Control (AC) as applied to machine-tool
systems refers to control of the operating parameters in response to the
actual machining behavior in order to enhance productivity [18]. Some or
all of the operating parameters are not preset, but rather ‘adapt’ themselves
automatically to the actual behavior of the process. Adaptive control is par-
ticularly suitable for those applications, such as grinding, where the process
behavior may be subject to uncontrolled variations.

Adaptive Control for machine tools may be further classified as
either Adaptive Controlled Optimization (ACO) or Adaptive Controlled
Constraint (ACC). With ACO, the operating condition is selected by
extremizing a performance index (e.g. maximize production rate) subject to
process and system constraints. With ACC, the operating condition is usu-
ally determined according to a single process constraint (e.g. normal force)
without using a performance index. In principle, ACO should provide bet-
ter performance than ACC.

There has been considerable research on in-process ACO systems for
grinding machines [19-27], but few are found in production. Successful
implementation of an ACO system requires a realistic optimization strate-
gy, which can respond to inputs from sensors capable of reliably character-
izing the grinding process in a production environment. Practically all AC
machining systems in use are of the simpler ACC type having only a single
constraint and control of only one parameter. For cylindrical grinding, the
most common example of AC is the Controlled-Force system, which uses
a preset normal force rather than a prescribed infeed cycle [28]. With appli-
cation of a controlled normal force, the infeed velocity quickly responds to
the applied normal force, thereby saving the transient time associated with
an infeed controlled process (see Chapter 12). However such systems need
some damping and additional stages in order to reduce the out-of-round-
ness to an acceptable level. 

One of the early model-based ACO systems for cylindrical grinding
consisted of a grinder interfaced to a computer. The optimization strategy
was designed to maximize the removal rate subject to constraints on work-
piece burn and surface roughness [19]. This system utilized feedback meas-
urements of both the grinding power and surface roughness. The measured
grinding power was fed directly to the computer, but the surface roughness
was measured off-line and input by the operator to the computer owing to
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the lack of a suitable in-process roughness transducer. Therefore the system
actually operated in a mixture of on-line and off-line modes. As compared
with conventional control, a unique feature of this ACO system was the
internal estimation of the burning power limit (Eq. (6-14)). A system which
is smart enough to generate its own control references is sometimes
referred to as an ‘intelligent’ system, although the term is often applied to
many other types of control systems [20,21]. 

A more advanced ACO intelligent grinding system was subsequently
developed as illustrated in Figure 13-17 [29-32]. In addition to having a
power sensor as in the previous ACO system, a workpiece diameter gage sys-
tem was also included. A model-based control methodology was developed
for this system according to the overall structure illustrated in Figure 13-18.
With this arrangement, the independent grinding parameters regulated
from the Axis Control block are the radial infeed velocity u(t) and the work-
piece velocity vw. The reference objectives for controlling these parameters
are selected by Meta-Control which constitutes the ‘brain’ of the system.
The exogenous inputs to Meta-Control are the constraint requirements for
size tolerance, roughness, out-of-roundness, and the feedback inputs includ-
ing on-line measurements of power and size, post process measurements of
roughness and out-of-roundness, and additional parameters derived from
sensory data in System Identification including the time constant, wheel
dullness, wheel wear, and depth of thermal damage. 
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The rationale for Meta-Control to select and adjust the operating
parameters to reduce and minimize the cycle time is illustrated in Figure
13-19. The left side in this figure shows the sequential stages in the cycle.
At each stage the operating parameters to be specified are constrained
either by part quality requirements or machine limitations. The right side
shows the role of sensory data and System Identification. The machine
control begins with gap elimination, which should be performed at the max-
imum available infeed velocity. The end of gap elimination and beginning
of roughing can be identified from the spindle power, although an acoustic
emission sensor can be used for this purpose in order to obtain a faster
response. The amount of material to be removed during the roughing stage
should be maximized so that the amount of material removed during the
slower finishing and spark-out stages to follow is minimized. Some addi-
tional time may be saved by using accelerated spark-in (see Chapter 12).
Other than possible machine limitations, the infeed rate for the roughing
stage is constrained by workpiece quality requirements including thermal
damage and surface roughness. The thermal damage constraint may require
no thermal damage (workpiece burn) during roughing, or it may be less
restrictive and allow for a shallow depth of thermal damage to be removed
from the workpiece during the subsequent finishing stage.

The roughing stage is followed by an intermediate finishing stage
which may be required to remove any thermally damaged material from the
previous roughing stage, to control size, to improve roughness, and to con-
trol roundness. After finishing, the process then proceeds to spark-out with
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zero programmed infeed rate, which further improves roundness and
roughness at a diminishing rate as the elastic deflection of the machine is
recovered. The cycle is terminated and the wheel is retracted when the final
size is reached as indicated by the size gage measurement. 

This intelligent grinding system was implemented in production on a
grinding machine equipped with conventional ladder logic computer con-
trol. However the control methodology for this system was developed in
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the laboratory using a grinding machine interfaced to a personal computer
(PC) controller (Figure 13-18). PC-based control has emerged in recent
years as a widely used technology for machine tools. A distinctive charac-
teristic of PC based control is that the control algorithm is implemented by
software rather than hardware as with conventional (proprietary) con-
trollers. This type of software-driven PC control, which allows access to its
internal variables, is referred to as Open Architecture Control (OAC). 

More recently, a new approach to PC based intelligent control for
cylindrical grinding was implemented which utilizes the simulation soft-
ware (GrindSim©) as the knowledge base. The concept for this system,
which is ideally suited to OAC, is illustrated in Figure 13-20 [33]. This
integrated sensor-based intelligent grinding system can perform grinding
process simulation, model calibration, process optimization, machine con-
trol, and data acquisition. The machine control module directly loads
process parameters from any specified or simulated cycle to execute the
grinding cycle. During actual grinding, power and workpiece size data are
collected on-line. After grinding is finished, the calibration module is
invoked to calibrate the model coefficients based on measured data, and the
calibrated system is then optimized. Process parameters obtained from the
optimization can be saved and/or fed into the simulation or machine con-
trol for grinding the next part. 
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